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Performance of a High-
Efficiency Radial/Axial Turbine 
This paper presents the test performance of a lightly loaded, combination radial/ax­
ial turbine for a 420-hp, two-shaft gas turbine. This two-stage turbine configuration, 
which included an interstage duct and an exhaust duct discharging vertically to am­
bient pressure conditions, was shown to be capable of attaining an overall isentropic 
efficiency of 89.7 percent. The influence of exhaust diffuser struts on the turbine 
performance under stalled power turbine conditions was shown to significantly af­
fect compressor and turbine matching. 

Introduction 
Virtually all gas turbines with multistage turbines use the ax­

ial turbine configuration. A few gas turbines have been pro­
duced and developed, however, with a single-stage, radial in­
flow turbine followed by a single-stage axial turbine. Most 
notable among those produced are the AiResearch GTCP 105, 
the AiResearch GTCP 601, and Solar's T351 Spartan gas 
turbine. 

The results of extensive experimental testing of a high 
pressure ratio radial/axial turbine configuration for an ad­
vanced auxiliary power unit are described by Kidwell and 
Large [1]. At an overall pressure ratio of 9.0, cold turbine rig 
tests showed an isentropic expansion efficiency of 87 percent. 

The radial/axial turbine arrangement is particularly suitable 
for small gas turbines with reverse flow combustors or scroll 
combustors, since the combustor exit 180-deg bend can be 
supplanted by the radial nozzle and radial inflow rotor. Fur­
thermore, the radial rotor is less sensitive to tip clearance than 
the small blade height axial rotor. Counteracting these advan­
tages are the losses of the interstage duct between the exducer 
and the inlet of the axial nozzle, and the potentially higher in­
ertia of the radial rotor. 

Providing the interstage duct losses are minimized, the op­
timum radial/axial turbine arrangement is usually more effi­
cient than the optimum two-stage axial arrangement at the 
same pressure ratio in the 2.0 to 10.0 pps flow engine category. 

This paper describes the development test of a radial/axial 
turbine for the 420-hp, two-shaft T351 gas turbme, where it 
was demonstrated that an overall total-to-ambient turbine ef­
ficiency of 89.7 percent was attained based upon actual gas 
turbine test calibrations. 

Radial Turbine Design Optimization 

The aerodynamic excellence of both radial inflow and axial 
turbines is dominated by two major performance parameters: 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Dusseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters December 26, 1985. Paper 
No. 86-GT-18. 
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AXIAL EXIT/TIP SPEED VELOCITY RATIO (log scale) 

• Total-Static Efficiency Including Exhaust Diffuser 
Turbines 6.25 to 10.5 in. Tip Diameter. 

• Iniet Blade Angle 90° 

» Pressure Ratio 3.0 to 5.0 

• Axial Clearance/Tip Diameter .005 to .01 

• U2 Tip Speed 

• C r3 Rotor Axial Exit Velocity 

• V0 Isentropic Spouting Vefoclty (2gJCpATisen)0-5 

Fig. 1 Attainable efficiency levels of radial inflow turbines 

• Velocity ratio = U2/Vo 
• Exit flow coefficient = <j> = Cr}/U2 

The velocity ratio is a direct measure of the blade loading. 
The exit flow coefficient for a radial turbine is an indirect 
measure of the specific speed since for zero exit swirl and in­
compressible flow it can be shown that: 

Dimensionless specific speed Ns~4>m I ) 
\ Vo / 

2.98 

where 

e = Rotor diameter ratio =D2/Di rms 

State-of-the-art levels for the total-to-static efficiency of un-
cooled radial inflow turbines are shown in Fig. 1, indicating 
peak efficiencies are obtained with velocity ratios close to 0.7 
with exit flow coefficients of 0.2 to 0.3. 

Similar charts have been produced by Smith [2] for axial 
turbines showing comparable trends. For a particular turbine 
design, the level of efficiency is dependent upon specific 
criteria, such as: 

• Solidity of nozzle and rotor 
• Effects of diameter ratio e 
8 Tip clearance losses 
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Fig. 2 Effect of rotor solidity on radial turbine efficiency
Fig. 4 T351 gas turbine cross section

The T351 gas turbine with its separate shaft power turbine is
shown in Figs. 3 and 4. This gas turbine has a single-stage cen­
trifugal compressor, driven by a single-stage gas producer
radial inflow turbine, feeding into a single-stage axial power
turbine, followed by an exhaust collector with a vertical
discharge.

The gas turbine was designed to deliver an output power of
420 hp at sea level, 80°F conditions with a corresponding con­
servative turbine inlet temperature of 1450°F.

Compressor discharge air was collected in the outer com­
bustor scroll and passed through a single can combustor to the
inner turbine scroll. Combustor exit swirl entering the gas pro­
ducer radial nozzles was on the order of 40 deg.

The axial power turbine was a modified second-stage tur­
bine from Solar's Saturn gas turbine [4] fitted with interstage
transition ducting to permit matching to the gas producer
tailccine and existing Saturn turbine exhaust collector. The
manner in which the interstage transition was accomplished is
of particular interest in that for simplicity and cost reasons an
inner cone was not used. Rapid acceleration into the power
turbine nozzle was accomplished with a large centerbody.

The exhaust collector consists of an annular diffuser transi­
tioning into a vertical collector. The centerbody and power
turbine bearing housing was supported by eight airfoil, zero­
camber struts located approximately one chord downstream
of the power turbine blades. The effect of the close proximity
of the struts on stalled power turbine performance is discussed
later in this paper.

Table 1 Test instrumentation

Fig. 3 T351 gas turbine

• Vane and blade trailing edge thickness
• Entry flow conditions
• Mach and Reynolds numbers

The effects of rotor solidity and diameter ratio upon radial
turbine efficiency are correlated in Fig. 2, wherein small
diameter ratios decrease efficiency as a consequence of
nonuniform shroud loading.

A high-performance radial inflow turbine should be selected
close to the maximum efficiency island of Fig. 1 and have an
optimum diameter ratio 'E and blading solidity. These basic
guidelines were adopted in choosing the geometry of the T351
radial inflow turbine described herein.

Description of Test Gas Turbine

The T351 was designed as a two-shaft version of the T350
single-shaft gas turbine described in [3].

---- Nomenclature

Instrumentation

Sa rometer
Bellmouth Inlet Air Temperature
Bellmouth Static Pressure
Compressor Inlet Temperature
Compressor Inlet Total Pressure
Compressor Exit Total Pressure
Compressor Exit Total Temperature
Gas Producer Turbine Inlet Total Pressure
Gas Producer Turbine Exit Total Pressure
Power Turbi ne In 1et. rota 1 Temperature
Exhaust Iota 1 Temperature
Rotational Speeds
Output Power
Fuel Flow

Number Type

CIA Thermocoup 1e
.03 inch
CIA Thermocoup 1e
Kie1
K; e1
CIA Thermocouple
Ki el
Kiel
IIC Thermocouple
IIC Thermocoup 1e
Tachometers
Wa ter Dynamometer
Rotameter

Accuracy

±. 05 psi
±3°
±.OS psi
±1 °
±O.l psi
±O.l psi
±3°
±O.l psi
±O.l psi
±10°F
±10oF
±O. 2~~

±5 hp
±3 pph

C
D
g
J
L

N s
P
p

velocity
diameter
gravitational constant
Joules equivalent
blade length
dimensionless specific speed
total pressure

.static pressure

T
U

Va
W
Z
YJ
E

¢

total temperature
tip speed
spouting velocity
flow
blade number
isentropic efficiency
diameter ratio
exit flow coefficient

Subscripts

2 radial turbine inlet
3 radial turbine exit
4 axial turbine inlet
5 exhaust diffuser exit (ambient)

rms root mean square
m mean

t turbine

152/ Vol. 109, APRIL 1987 Transactions of the ASM E

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Table 2 Radial turbine aerodynamic details 

Parameter 

Inlet Total Temperature, °R 
Inlet Total Pressure, psia 
Inlet Flow, pps 
Rotational Speed, rpm 
Nozzle Entry Diameter, in. 
Nozzle Exit Diameter, in. 
Nozzle Throat Area, sq. in. 
Nozzle Vane Height, in. 
Number of Nozzle Vanes 
Number of Rotor Blades 
Rotor Tip Height, in. 
Rotor Tip Diameter, in. 
Inlet Blade Angle, deg 
Inlet Incidence, deg 
Exducer Tip Diameter, in. 
Exducer Hub Diameter, in 
Exducer RMS Blade Angle, deg 
Exducer Exit Swirl, deg 
Pressure Ratio (Total-to-Total) 
Velocity Ratio UyVo 

Exit Axial Velocity/Tip Speed, Cr,/IL 

Total-to-Total Isentropic Efficiency, * 
Dimensionless Specific Speed, N 

^Indicates interstage duct 

Dimension 

1910 
58 
6.52 
36,200 
13.4 
10.7 
10.6 
0.75 
19 
12 
0.75 
9.8 
90.0 
-15.0 
7.5 
1.5 
57 
-6.0 
2.2 
0.71 

0.34 

0.92 
0.77 

100 

PRESSURE RATIOS ?i l i ^i 
Pa Ps Ps 

Fig. 5 T351 gas turbine test performances 

Several test calibrations and gas turbine builds were com­
pleted, mostly operating the power turbine along its optimum 
efficiency locus. Some stalled power turbine testing was also 
conducted by locking the dynamometer arm. 

The data from the gas turbine test instrumentation listed in 
Table 1 provided the input for a computerized performance 
analysis code. Gas producer radial turbine efficiency was com­
puted from a work balance with the single-stage centrifugal 
compressor. Power turbine efficiency was computed from 
measurement of the pressure ratio, exit temperature, airflow, 
and output power. An average specific heat of 0.276 Btu/Ib R 
and a specific heat ratio of 1.33 was used for the expansion 
process. 

T351 Radial Turbine Performance 

Extensive development previously conducted on the single-
shaft version of the T350 Spartan gas turbine [3] produced 

0.60 

80 60 40 20 0 - 2 0 

TURBINE EXIT SWIRL (degl 

Fig. 6 Exhaust diffuser effectiveness 

Table 3 Axial turbine aerodynamic details 

Parameter 

Inlet Total Temperature, °R 
Inlet Total Pressure, psia 
Inlet Flow, pps 
Rotational Speed, rpm 
Inlet Axial/Exducer Axial Velocity, * 
Nozzle Entry Annulus Area, sq. in. 
Nozzle Exit Angle*, deg 
Nozzle Vane Number 
Nozzle Solidity 
Rotor Solidity 
Rotor Blade Angle*, deg 
Rotor Inlet Incidence*, deg 
Rotor Blade Number 
Rotor Exit Annulus Area, sq. in. 
Rotor Exit Swirl*, deg 
Exit Axial Velocity/Blade Speed, Cr./IL 

Work Coefficient, gJAH/U ' 

Reaction 
Velocity Ratio, Um/Vo 
Overall Isentropic Efficiency, % 
Total-to-Total Isentropic Efficiency, % 
Pressure Ratio (Total-Ambient) 

*Mean section 11.1-inch diameter 

Dimension 

1601 
26.0 
6.52 
22,000 
1.16 
46.8 
64.0 
41.0 
1.46 
1.45 
11.0 
1.0 
58 
55.5 
4.0 
0.53 

1.07 

0.43 
0.59 
84.7 
92.0 
1.792 

relatively good performance with overall total-to-ambient effi­
ciencies of up to 88 percent including the exhaust at stage 
pressure ratios of up to 4.2. Design analyses for the T351 two-
shaft gas turbine application showed that the total-to-total gas 
producer stage pressure ratio would decrease to 2.2, requiring 
a nozzle rematch and decrease in rotor tip diameter of 11 per­
cent for operation at optimum velocity ratio. 

Aerodynamic details of the gas producer radial turbine are 
listed in Table 2. The rotor was 9.8 in. in diameter with 12 
radial element blades. At the design velocity ratio of 0.71, the 
measured total-to-total turbine efficiency was 92.0 percent 
with an inlet incidence of -15 .0 deg and exit swirl of - 6 . 0 
deg. 

Test performance of the radial turbine, as determined from 
test calibrations of the T351 gas turbine using the instrumenta­
tion itemized in Table 1, is shown in Fig. 5. This performance 
is based upon nozzle inlet total-to-power turbine inlet total 
pressures (i.e., including the interstage transition duct). 

T351 Power Turbine Performance 

Extensive development was also conducted on the three-
stage axial turbine and exhaust diffuser for the Saturn gas tur­
bine program. Design analyses for application of the Saturn's 
second-stage turbine for the T351 power turbine revealed that 
the only change required was to rematch the second-stage noz­
zle by increasing the throat area 7 percent. 

Aerodynamic details of the axial power turbine are listed in 
Table 3. With a design rotational speed of 22,000 rpm, the 
meanline-velocity ratio was 0.59, at which a total-to-ambient 
isentropic efficiency including the exhaust diffuser of 84.7 per­
cent was measured. The power test performance shown in Fig. 
5, in combination with the radial gas producer turbine, 
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Fig. 7 S140 gas turbine configuration 
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Fig. 8 Radiai/axial turbine overall efficiency potential 

resulted in the attainment of an overall expansion efficiency 
for both turbines of 89.7 percent at design point. 

Meanline vector conditions were very close to optimum with 
an inlet incidence of one degree exit swirl of 4.0 degrees and 
reaction of 0.43. The ratio of the power turbine inlet and gas 
producer exducer axial velocities was 1.16. 

Stalled Torque Performance 

Application of the T351 two-shaft gas turbine was ear­
marked for cement cracking in the petroleum industry where 
the power turbine could be operated over a range of speeds for 
stall (zero speed) to runaway conditions. 

Gas turbine development testing was therefore conducted 
operating the power turbine under simulated field conditions. 
During stalled power turbine testing, the compressor match 
point moved adjacent to the compressor surge line, and ran­
dom surge "popping" was experienced close to design gas 
producer speed. 

Component performance data indicated a reduction of 
power turbine flow function of 9 percent at stalled conditions. 
This prompted traversing of the power turbine exit to assess 
the influence of exit swirl upon the exhaust diffuser 
performance. 

Exhaust diffuser static pressure effectiveness as calculated 
from the traverse pressure measurements is plotted in Fig. 6 
versus diffuser inlet swirl angle. Maximum effectiveness was 
0.45 near 15-deg swirl, rapidly reducing to zero as stalled con­
ditions were approached. Similar trends are reported in [5]. 
Twelve equally spaced straight axial struts, as shown in Figs. 3 

and 4, were used to support the power turbine bearing 
housing. 

The reduction in power turbine flow capacity reduced the 
gas producer pressure ratio and flow capacity at rated speed, 
displacing the operating line closer to surge. The eventual 
solution to improve surge margin at stalled conditions was to 
open both the gas producer and power turbine nozzles by ap­
proximately 3 percent. 

Discussion 

Although the radial/axial turbine configuration is capable 
of attaining high overall turbine efficiency levels in small gas 
turbines, its popularity is limited. This may be due, in part, to 
selection of relatively low pressure ratio uncooled designs, for 
which a closely coupled, lightweight, two-stage axial design 
may attain comparable efficiencies. 

An example of a closely coupled radial/axial turbine con­
figuration for a small 140-hp gas turbine is shown in Fig. 7. 
This particular gas turbine, Solar's S140, was used as a gas 
turbine starter system and attained an overall turbine effi­
ciency of 86 percent with an axial diffuser. 

The desire to improve thermal efficiencies has motivated in­
creased pressure ratios for single-stage centrifugal com­
pressors to the level where the two-stage axial turbine becomes 
overloaded, and either a three-stage axial or radial/axial tur­
bine offers higher performance. 

The test performance of the radial/axial turbine described 
in this paper and supported by the work in [1] verifies that the 
radial/axial turbine configuration is an attractive candidate 
for fuel-efficient, low-cost, small gas turbines. 

The combined overall performance potential of radial/axial 
turbines with fixed nozzles including the interstage and ex­
haust ducting is presented in Fig. 8, where overall efficiency is 
plotted versus velocity ratio based upon the tip speed of the 
radial stage. These potential performance levels will be attrac­
tive for higher pressure ratio small gas turbines, providing the 
cooling flow considerations for higher temperature operation 
of the radial turbine stage (with its larger hub surface area) do 
not incur additional cycle performance losses. 
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Influence of Rotor Blade 
Aerodynamic Loading on the 
Performance of a Highly Loaded 
Turbine Stage 
77i/s paper describes the performance of a highly loaded single-stage transonic tur­
bine with a pressure ratio of 3.76 and a stage loading factor of 2.47. Tests were car­
ried out with three rotors, covering a range of blade Zweifel coefficient of 0.77 to 
1.18. Detailed traversing at rotor inlet and exit allowed an assessment of rotor and 
stage performance as a function of blade loading under realistic operating condi­
tions. The effect of stator endwall contouring on overall stage performance was also 
investigated using two different contours with the same vane design. 

Introduction 

Gas turbine engines designed for the propulsion of light 
helicopters and small turboprop aircraft generally incorporate 
single-stage axial gas generator turbines, for reasons of com­
pactness and simplicity. To achieve acceptable fuel consump­
tion, such turbines must operate with relatively high stage 
pressure ratios. The resulting large enthalpy drop AH calls for 
high rotor blade speeds for the achievement of good turbine 
efficiency. 

However, considerable benefits to engine weight, cost, and 
handling characteristics would result if blade speeds could be 
kept low without compromising turbine efficiency. The results 
of one design study (of a 600-hp turboshaft/turboprop engine) 
indicated that if the rotor blade diameter were reduced so that 
the gas generator turbine stage loading (AH/tJf„) increased by 
37 percent over conventional levels, the weight of the turbine 
rotor would reduce by 31 percent, the number of rotor blades 
by 24 percent, and the polar moment of inertia of the turbine 
rotor by 39 percent. The latter is particularly important for 
turboshaft versions of small engines, where rotational inertia 
has a strong influence on the handling characteristics of light 
helicopters. The only major disadvantage is the predicted 
reduction in turbine efficiency, caused by the increase in stage 
loading. 

A research program on the aerodynamics of highly loaded 
turbine stages was therefore undertaken. This program, which 
is a cooperative activity involving the National Research 
Council of Canada and Pratt & Whitney Canada, has as its 
objective the extension of turbine design methods to regimes 
combining high stage loadings with high pressure ratios, with 
special emphasis on small blade sizes. The primary test vehicle 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Dusseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters January 10, 1986. Paper No. 
86-GT-56. 

is a small, single-stage gas generator turbine having a stage 
loading of 2.47, a flow factor of 0.64, and a pressure ratio of 
3.76. Figure 1 shows a comparison of design points of this 
NRC/PWC turbine with other similar designs, as reported in 
[1-5]. The effects of pressure ratio, downstream traverse loca­
tion, and outer wall contouring on the (isolated) nozzle per­
formance of this, turbine are presented in [6, 7]. The present 
paper discusses the overall performance of the complete 
research stage with two different endwall contours and three 
rotors covering a range of blade midspan Zweifel coefficient 
of 0.77 to 1.18. 

Turbine Stage Aerodynamic Design 

Stage Design. The research stage was modeled on a realistic 
gas generator turbine for a small, low-cost, advanced aero­
engine. This engine would employ a single-stage gas generator 
turbine operating at sufficiently high inlet gas temperatures to 
require at least stator cooling. The stage mean reaction was 

Fig. 1 High-pressure research turbine characteristics 
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Table 1 Stage average and midspan design point parameters 

I n l e t Tota l P res su re 
I n l e t Tota l Temperature 
Mass Flow Rate 
R o t a t i o n a l Speed 
Turbine Pressure Rat io 
Stage Loading F a c t o r , AH/U m 
Flow Fac to r , Cx/Um 
Work Capac i ty , AH/Tnim 

Blade Speed Func t ion , Um//T(j lm 

= 

= 
= 
= 
= 
= 
= 
= 
= 

0.9 Bar 
400 K 
4.38 Kg/s 
8852 R.P.M. 
3.76 
2.47 
0.64 
265 J/Kg K 
10.3 m/s /~K 

kept low (30 percent) to reduce the exit swirl and the blade 
relative temperatures. Availability of a large exhauster plant 
permitted a rig three times full size, maintaining blade 
Reynolds numbers at realistic values in a cool rig and 
facilitating aerodynamic measurements with minimal probe 
interference. Figure 2 shows the highly loaded turbine rig and 
Table 1 gives the stage design point parameters. Midspan 
velocity triangles (Fig. 3) show the nozzle and rotor transonic 
exit Mach numbers and the large amount of flow turning 
needed for high stage work requirements. A radial work 
distribution was used to unload the hub and tip sections and 
hence reduce the endwall losses. Selection of number of air­
foils was based on a compromise between optimum loading 
(pitch-to-chord ratio), minimum trailing edge, and secondary 
(aspect ratio) losses. After the mechanical considerations, 14 
vanes and 51 blades were chosen. Using the correlations 
presented in [8], the vane and blade mean total pressure loss 
coefficients (based on exit dynamic head) were 0.15 and 0.36, 
respectively. This resulted in a gas path turbine total efficiency 
of 83.5 percent for a rotor tip clearance of 1.5 percent of the 
blade height. 

Nozzle Design. The nozzle had 14 vanes of aspect ratio of 
0.6 (based on mean true chord), a turning angle of 77 deg, and 
an exit Mach number of 1.15 at the vane mean section. Vane 
sections were stacked such that the trailing edge was straight 
(no tilt) and radial (no lean) in the meridional and axial views, 
respectively. Details of the nozzle design and comparisons be­
tween predicted and measured vane surface Mach number 
distributions at various pressure ratios have been given in [6]. 

The improvements in overall efficiency available from 
meridional endwall contouring of gas generator turbine 
stators have been demonstrated in different investigations [3, 
4, 10]. Contouring the stator endwall has the potential of con­
trolling the secondary loss mechanism by reducing the cross-
channel and radial pressure gradients. In order to investigate 
the effects of endwall contouring on the performance of a 

Fig. 2 The highly loaded turbine rig 

Um = 212 m/sec 

Fig. 3 Design point velocity triangles at midspan 

highly loaded stage, where secondary flows and losses become 
more pronounced, two endwall contours were tested with the 
same vane sections (Fig. 2). Nozzle S had a contoured S-
shaped outer wall starting near the throat, while nozzle C used 
a conical contour from inlet to exit. The modified tip contour, 
for variant C, necessitated the restagger of the vane sections 
by 0.72 deg open to match the throat area of variant S. The ef­
fect of the two endwall contours on nozzle performance has 
been presented in [7]. 

Rotor Design. The rotor design in a highly loaded turbine 
generally poses some conflicting design requirements. On the 
one hand low mean reaction is required to give lower blade 
metal temperatures, and on the other hand the highest possible 
hub reaction is required to give good blade hub acceleration 
and low rotor inlet flow angle and Mach number. From stress 
considerations, especially for uncooled blades, a minimum 
hub-to-tip ratio of blade metal area should be satisfied which 
makes the root section design a difficult one. The research tur-

Nomenclature 

bx 
Cx 

C, pQ 

axial chord 
axial velocity, m/s 
nozzle local total pressure loss coefficient 

Cpo = 
H = 
M = 
m = 

N. = 
P = 

P.R. = 
S = 
T = 
U = 

(Po -P<aV(P0 'Pain) 
circumferential average of C^ 

area-weighted radial average of C^ 
stagnation enthalpy, J/kg 
Mach number 
mass flow rate, kg/s 
rotational speed, rpm 
pressure 
stage total pressure ratio 
pitch 
temperature, K 
blade speed, m/s 

Yr 

Z = 

rotor loss coefficient = 
\PQI7. ~Porl)'(Por3m ~Ps3m) 
rotor blade Zweifel coefficient 2(S/bx) 
cos2 a,.3 [(Cx2/Cxi) tan ar2 + tan ar3] 
local flow angle, degrees from axial 
circumferential average of a 

a 
A 
V 

Subscripts 

1,2,3 
m 
0 
r 
s 

= 
= 
= 

= 
= 
= 
= 
= 

area-weighted radia 
change 
stage total-to-total 

plane number (Fig. 
mean 
total 
relative 
static 

1 a 

eff 

2) 
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Fig. 4 Blade sections and midspan geometric parameters
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Fig. 5 Predicted rotor blade surface Mach number distributions at
midspan

bine was designed for subimpulse conditions at the blade root
with a resultant large flow deflection (130 deg) and high inlet
relative Mach number (0.8), The tip section was designed to
have surface velocity distributions and loading such that there
would be a minimum pressure difference across the tip from
pressure to suction surface to decrease the tip leakage flow and
its adverse effects on stage performance. Blade root, mean,
and tip Zweifel loading coefficients were 0.69, 0.77, and 0.79,
respectively. The blade sections were stacked on a radial line
which passed through the center of gravity of the various sec­
tions. Figure 4 shows the blade sections and the midspan
geometric parameters.

From weight and cost considerations it is advantageous to
minimize the number of rotor blades in a turbine. However,
without increasing the stage reaction this implies higher blade
loading, for the same axial chord, and possible performance
penalties. In order to establish the optimum Zweifel loading
coefficient for this class of turbine three rotor configurations
were tested, each employing the same blading and designated
by the number of blades in the build. Mean Zweifel coeffi­
cients were as follows: Rotor 51,0.77; Rotor 45,0.87; Rotor
34, 1.18. The hub and tip Zweifel coefficients for Rotor 34
were 1.07 and 1.23, respectively. In the case of Rotors 45 and
34, throat area was maintained at the datum value by restag­
gering the blades closed by 0.7 deg and 3.0 deg, respectively,
Figure 5 shows the predicted blade surface Mach number
distributions at midspan for the three rotor configurations as
obtained by a two-dimensional Euler flow solver due to Ni
[II]. The effect of increased blade loading is manifested as in­
creased diffusion levels near the blade leading edge. This was
more pronounced for the rotor root section due to the higher
inlet Mach number levels. Figure 6 shows the 51 and 34 rotor
configurations.

Test Arrangements

The test facility (Fig. 2), which has been described in [6, 7],
was designed to accommodate single turbine stages of about
53 cm o.d. with blade heights up to 7.5 cm, Turbine power was
absorbed in a water brake dynamometer with a speed range up
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Fig. 6 Rotor configurations

to 10,000 rpm. Air was drawn through the rig by an exhauster
plant, and was prewarmed by thorough mixing with the out­
put of a propane combustor.

Plenum conditions, which were assumed to represent inlet
stagnation conditions, were sensed by sixteen partially shield­
ed thermocouples equispaced around the circumference, and
by four static pressure tappings. Three static pressure tappings
on both the hub and tip walls at the nozzle inlet plane com­
pleted the stage inlet measurements.

In order to allow for circumferential variations in static
pressure at nozzle exit, mean waH exit static pressures were
derived from subsurface chambers connected to circumferen­
tial slits extending over one nozzle blade pitch. Provision was
made at nozzle exit (plane 2) for radial/circumferential trav­
ersing by a wedge probe equipped with a partially shielded
thermocouple. Similar radial/circumferential traversing
capability was also available at rotor exit (plane 3), together
with hub and tip static pressure tappings at five circumferen­
tial locations. Rotor exit conditions could also be sensed by
four total pressure rakes, each with five probes disposed at
centers of equal areas, equispacedcircumferentiaHy in the exit
duct (plane 4). The rakes, located some six axial chords
downstream of the rotor exit (a location previously found to
best represent engine measured performance) could be aligned
and locked to conform with the mean exit swirl angle. A
straightening cascade restored axial flow in the downstream
ducting, where further mixing of remaining temperature
nonuniformities could occur. Four rakes of partially shielded
thermocouples, located at approximately nine rotor diameters
from rotor exit (plane 5), were used to determine the final
mixed-out temperature of the exit flow. Insulation of the en­
tire rig, and careful adjustment of inlet temperature to main­
tain exit temperature within ± 1°C of ceH ambient
temperature, combined to reduce heat transfer in the
downstream mixing process. For a discussion of instrumenta­
tion accuracy and averaging procedures the reader is referred
to [6,7, 12].

Performance of the Basic Stage

The overall performance of the basic turbine stage (which
used the S nozzle variant and rotor 51) is presented in Figs, 7
and 8. Figure 7 shows the turbine hub and tip reaction increas­
ing with pressure ratio up to the design values. With the nozzle
becoming choked at a pressure ratio near 2.2, the effect of
reducing the speed is to increase the rotor inlet relative Mach
number, At low pressure ratios this will result in reduced stage
reaction due to a decrease in flow acceleration in the rotor
passages.

The variation in total efficiency (calculated as per method 1,
Table 2) with stage total pressure ratio and rotor speed is
shown in Fig. 8. At equivalent speeds between 80 and 100 per­
cent, turbine efficiencies are nearly independent of pressure
ratio over a wide range of that parameter. Slight reductions in
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METHOD 

1 

2 

3 

4 

5 

6 

Table 2 

PRESSURE 
MEASUREMENT 

Total 
Pressure 
Rakes, 
Plane 4 

Total 
Pressure 
Traverse, 
Plane 3 

Total 
Pressure 
Traverse, 
Plane 3 

Total 
Pressure 
Rakes, 
Plane 4 

Continuity 
Polm, To Ira, 
Ps3m, m, a) 

Wall Static 
Pressures, 
Plane 3 

Design point turbine efficiency (percent) 

TOTAL 
TEMPERATURE 
MEASUREMENT 

Mixing Pipe 
Rakes , 
P lane 5 

Mixing Pipe 
Rakes , 
P lane 5 

T r a v e r s e , 
P lane 3 

Dynamometer * 

(N, m) 

Dynamometer * 

CN, m) 

Mixing Pipe 
Rakes , 
Plane 5 

NOZZLE S 
ROTOR 51 

80 .0 

83 ,0 

79 ,4 

79 .7 

81 ,9 

7 0 , 8 

NOZZLE C 
ROTOR 51 

7 9 . 8 

82 .0 

78.7 

78 ,6 

8 0 . 8 

69 .2 

NOZZLE S 
ROTOR 45 

79 .8 

82.7 

79 .5 

79 .3 

81 .6 

69.7 

NOZZLE S 
ROTOR 34 

77.6 

81 .6 

7 6 . 3 

77 .7 

78 .3 

68 .4 

NOZZLE C 
ROTOR 34 

77.6 

81 .3 

76 .0 

78 .2 

78 .3 

68 .1 

Uncorrected for bearing and windage losses 

=e 40 

NOZZLE S 
ROTOR 5 1 

%N//f0]r 
O— ioo 

HUB 

2.0 2.5 3.0 3.5 

TOTAL PRESSURE RATIO 

DESIGN 

J 

Fig, 7 Variation of reaction with pressure ratio for the basic stage 

NOZZLE S 
ROTOR 5 

t_ 2.5 3.0 

TOTAL PRESSURE RATIO 

Fig. 8 Variation of efficiency with pressure ratio for the basic stage 

efficiency at high pressure ratios probably stem from rotor 
shock losses, whereas transonic nozzle losses probably affect 
efficiencies at stage pressure ratios near 2.3. With almost con­
stant nozzle exit conditions over much of the pressure ratio 
range, the decrease in efficiency due to speed reduction results 
from increased incidence and relative Mach number at the 
blade inlet and lower rotor flow acceleration (Fig. 7). For the 
design speed, peak efficiency of 81.5 percent occurs at a 
pressure ratio of about 3.0 and a turbine efficiency of 80.0 
percent is measured at the design point. Although this 
measured efficiency is 2 percent below the predicted target ef­
ficiency of 82 percent [8] at the running tip clearance/blade 
height of 2.3 percent it is noted that small variations between 
predicted and calculated efficiencies depend significantly on 
the instrumentation used. Measured turbine efficiencies, 
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Fig. 9 Radial distribution of circumferentially averaged nozzle total 

pressure loss at design conditions 
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Fig. 10 Radial distribution of circumferentially averaged nozzle exit 

flow angle at design conditions 

derived in different ways, are presented in Table 2 for design 
conditions. Effects relating to mixing distance, averaging 
techniques, and instrumentation accuracy are readily 
apparent. 

Effect of Nozzle Contouring and Rotor Loading on 
Nozzle Performance 

The effect of endwall contour on the performance of the 
nozzle, when tested with an unbladed stationary insert 
representing the rotor hub wall, has been presented in [7], At 
the nozzle design pressure ratio of 2.3, significantly greater 
hub total pressure loss was measured at the exit of the C nozzle 
compared with the S variant. This difference was not offset by 
a corresponding decrease in tip loss and led to a 7 percent 
higher overall total pressure loss for the C nozzle. The thicker 
hub loss region at the C nozzle exit resulted in greater flow 
underturning when compared to the S variant. 

With the basic 51-bladed rotor operating, the overall loss of 
the S nozzle exceeded that of the C design by about 15 percent. 
Substantial reductions of total pressure loss were measured at 
the hub, particularly for the C nozzle. The effect of the rotor 
in suppressing nozzle hub flow separation [6] was also evident 
in the radial distributions of the nozzle exit flow angle. An 
analysis of the influence of the rotor presence on the per­
formance of these nozzles is given in [12]. Reducing the 
number of rotor blades affected the radial distribution of the 
nozzle losses and flow angles, particularly in the inner part of 
the annulus (Figs. 9 and 10). Similar behavior was obtained 
for the C nozzle exit parameters with various rotor builds. 

Significantly more three dimensionality was evident in the S 
nozzle exit flow field in all the tests. This was reflected in the 
value of the corrected mass flow parameter, which was 4 per­
cent lower than was found for the C nozzle despite the 
nominal similarity in geometric throat areas. 
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Effect of Nozzle Contouring and Rotor Loading on
Rotor Performance

'The measured nozzle exit conditions were used to calculate
the rotor inlet· flow parameters in the rotating frame of
reference. Figure 11 presents the radial distribution of lhe
rotor inlet relative flow angles for the various nozzle/rotor
combinations at design speed and pressure ratio. Also plotted
are the blade inlet metal angles for the three rotor variants.
The difference between the inlet flow angle and the corre­
sponding metal angle represents the total incidence experi­
enced by the rotor. The effective local rotor incidence was

estimated by subtracting from the rotor total incidence an
analytically derived induced incidence which varied from + 4
deg to + 10 deg depending on the rotor inlet flow angle. The
resulting local incidence on the rotor, plotted in Fig. 12, is seen
to be within a range of 0 deg to - 5 deg, except near the rotor
tip where slightly higher incidences were experienced by Rotor
34.

A sector at rotor exit, corresponding to one nozzle vane
pitch, was surveyed at 11 circumferential positions and 13
radial immersions for each of the three rotor configurations.
Contour plotting of the traverse results confirmed that the
large circumferential total pressure gradients associated with
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the vane wakes were considerably attenuated in passing 
through the rotor. Rotor exit relative flow angle distributions 
are presented in Fig. 13 together with the metal angles for each 
rotor build. The basic variant shows signs of the usual second­
ary flow pattern of underturning in the middle region and 
overturning nearer the end walls. From the radial distribution 
it appears that the centers of the two secondary vortices were 
displaced inward to lie at about 25 and 75 percent span. The 
high turning angle of the rotor blades is probably responsible 
for the migration toward midspan of the two secondary vor­
tices which originated at both endwalls. Figure 13 also reveals 
the presence of the tip leakage vortex located at about 90 per­
cent span and causing large flow underturning near the rotor 
tip. Reducing the blade number from 51 to 34 results in a large 
change in flow angle in the midspan region indicating the 
presence of a strong vortex. Here the effect of increasing the 
blade loading is to further displace inward the two counter-
rotating secondary vortices until they merge to produce a 
region of high flow deviations. The combined effect of this 
secondary flow pattern and the tip leakage flow leads to 
significant flow underturning over the outer part of the blade 
span. The flow angle distribution for Rotor 34 is in agreement 
with the results presented by Moustapha et al. [13] on a similar 
highly loaded blade tested in a stationary rig. In that work, a 
single large vortex was apparent in the middle of the passage 
with flow underturning of up to 12 deg. 

Further confirmation of the flow pattern just described can 
be seen in the oil flow visualization on the blades of Rotor 34 
(Fig. 14), which shows the midspan vortex streak as well as tip 
vortex trails. These indications of strong flow three dimen­
sionality are quite different from those of Rotor 51 in which 
tip vortex trails persist to the trailing edge with no evidence of 
the midspan vortex. In that build an essentially two-
dimensional shock impingement pattern is visible over most of 
the blade span. Radial distributions of rotor loss coefficient 
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are presented in Fig. 15. It is noted that such distributions 
assume no radial displacement of flow between rotor inlet and 
exit, an assumption which, as discussed above, suggests that at 
least the results for the Rotor 34 case should be viewed with 
some caution, although broad trends, including the loss peak 
near midspan, appear to be plausibly represented. The effect 
of increased blade loading is to increase and modify the posi­
tion of the hub loss region, moving it toward midspan. 

Effect of Nozzle Contouring and Rotor Loading on 
Stage Performance 

The radial distributions of stage exit parameters for the 
three rotor configurations are presented in Figs. 16-18. Figure 
16 shows the stage exit swirl variations which are similar to the 
distributions given in Fig. 13. The performance of a subse­
quent duct and nozzle would obviously be affected by those 
large variations in exit swirl, particularly for the high blade 
loading variant. The measured hub and tip stage reactions for 
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the various nozzle/rotor combinations agreed closely with the 
design reactions, thus indicating a correct restagger of the noz­
zle and rotor blades. The nondimensional total temperature 
drop across the stage (Fig. 17), which is directly related to the 
rotor performance, shows an improvement with the S nozzle 
as compared to the C variant from hub to tip, probably 
resulting from the more favorable rotor incidence shown in 
Fig. 12. This was reflected in a marginal improvement in the 
corresponding overall basic stage efficiency (Fig. 18), despite 
the lower loss level of the C nozzle (Fig. 9). 

Figure 17 also shows some effect of the previously described 
midpassage vortex and tip leakage flows on the deterioration 
of the Rotor 34 performance in the outer 60 percent of the an-
nulus. This is also seen in generally lower efficiency levels (Fig. 
18). It is noted that, for the high blade loadings of Rotor 34, 
the effects of nozzle wall contouring on overall efficiency were 
less pronounced than for the basic stage. Data are presented in 
Table 2. 

Figure 19 shows the variation of total efficiency with 
pressure ratio at design speed for various stage builds. At all 
pressure ratios, increasing the rotor blade loading from the 
datum values results in a drop in stage efficiency. Increasing 
the midspan blade Zweifel loading by 50 percent from the 
design value of 0.77 results in a loss of 2.5 percent in total effi­
ciency at design point (Fig. 20). (Calculation of these Zweifel 
coefficients has been based on the velocity triangles of Fig. 3.) 
The total efficiency is finally plotted against the stage loading 
factor (Fig. 21). The envelope of the maximum efficiency at­
tained at each stage loading is shown to have a slope which ap­
pears to be proportional to the rotor blade loading. These 
envelopes, obtained by operating three rotors at off-design 
conditions, are useful in providing at least lower bound 
estimates of efficiencies attainable at even higher stage 
loadings. 

Conclusions 

The performance of a highly loaded turbine stage with a 
pressure ratio of 3.76 and a stage loading of 2.47 has been 
presented for different pressure ratios and speeds. The effects 
of stator endwall geometry and rotor blade loading on the 
radial distributions of the nozzle and rotor flow parameters 
have been presented. The results lead to the following main 
conclusions: 

1 The measured efficiency of the basic stage was within 
about 1 percent of the predicted target efficiency of 82 percent 
depending on the measurement technique adopted. 

2 Increasing the rotor blade aerodynamic loading from the 
design value of 0.77 to 1.18 resulted in a drop of about 2.5 per­
cent in stage efficiency. This efficiency loss is mainly at­
tributed to the merging of the two endwall secondary vortices 
into a major vortex near midspan. The effect of this flow three 

D I S C U S S I O N 
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The authors are to be commended on the extent of the in­
vestigation undertaken. However, the very large number of 
design option investigations made it difficult at times to sort 
out which were beneficial to the turbine performance and 
which were not. For example, it is not clear whether the " S " 
contoured stator or the conical stator was better, or was it a 
draw? 

I also would have liked more information defining the hub 
and tip flow conditions (such as velocity diagrams and blade 
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5 dimensionality was to produce flow underturning over most of 
the blade span. 

5 3 Off-design operation of the basic stage has permitted 
; lower bound estimates to be derived for efficiencies at higher 
i stage loadings. 
/ 4 Earlier data [7] without an operating rotor showed nozzle 
l S with a 7 percent lower loss than the C variant. In the present 
; tests with various rotors, the C nozzle demonstrated a loss up 
: to 15 percent lower than the S build. The average stage effi­

ciency in these tests was, however, still marginally higher using 
I the S variant, probably due to more favorable rotor inlet flow 
l angles. These results suggest that conical contouring, with ap­

propriate rotor design, could be superior to the S wall type in 
terms of overall stage performance. 

' Acknowledgments 

The authors are indebted to J. P. Huot for his assistance in 
\ the evaluation of these results, and to B. J. Day and D. L. 
1 Logan for their work in securing the experimental data. 

= References 

1 Crow, D. E., Vanco, M. R., Welna, H., and Singer, I. D., "Results From 
i Tests on a High Work Transonic Turbine for an Energy Efficient Engine," 

ASME Paper No. 80-GT-146. 
) 2 Liu, H. C , Booth, T. C , and Tall, W. A., "An Application of 3D 
I Viscous Flow Analysis to the Design of a Low Aspect Ratio Turbine," ASME 

Paper No. 79-GT-53. 
3 Ewen, J. S., Huber, F. W., and Mitchell, J. P., "Investigation of the 

Aerodynamic Performance of Small Axial Turbines," ASME Paper No. 
1 73-GT-3. 
1 4 Okapuu, U., "Some Results From Tests on a High Work Axial Gas 
J Generator Turbine," ASME Paper No. 74-GT-81. 

5 Bryce, I. D., Litchfield, M. R., and Leversuch, N. P., "The Design, Per­
formance and Analysis of a High Work Capacity Transonic Turbine," ASME 
Paper No. 85-GT-15. 

6 Williamson, R. G., and Moustapha, S. H., "Annular Cascade Testing of 
Turbine Nozzles at High Exit Mach Numbers," ASME Journal of Fluids 
Engineering, Vol. 108, No. 3, 1986, pp. 313-320. 

L 7 Moustapha, S. H., and Williamson, R. G., "Investigation of the Effect of 
Two Endwall Contours on the Performance of an Annular Nozzle Cascade," 

1 AIAA Journal, Vol. 84, No. 9, 1986, p. 1524. 
> 8 Kacker, S. C , and Okapuu, U., "A Mean Line Prediction Method for 
; Axial Flow Turbine Efficiency," ASME Paper No. 81-GT-58. 
j 9 Morris, A. W. H., and Hoar, R. G., "Secondary Loss Measurements in a 

Cascade of Turbine Blades With Meridional Wall Profiling," ASME Paper No. 
1 75-WA/GT-13. 

10 Haas, J. E., and Boyle, R. J., "Analytical and Experimental Investigation 
of Stator Endwall Contouring in a Small Axial Flow Turbine," NASA TP-2309, 

! Sept. 1984. 
11 Ni, R. H., "A Multiple-Grid Scheme for Solving the Euler Equations," 

AIAA Journal, Vol. 20, No. 11, Nov. 1982. 
12 Williamson, R. G., Moustapha, S. H., and Huot, J. P. , "The Effect of a 

: Downstream Rotor on the Measured Performance of a Transonic Turbine Noz­
zle," ASME JOURNAL OF TURBOMACHINERY, Vol. 108, No. 2, 1986, pp. 

269-274. 
13 Moustapha, S. H., Paron, G. J., and Wade, J. H. T., "Secondary Flows 

' in Cascades of Highly Loaded Turbine Blades," ASME JOURNAL OF ENGINEER-
: INO FOR GAS TURBINES AND POWER, Vol. 107, No. 4, 1985, pp. 1031-1038. 

surface velocities) since it was at those locations that most of 
the losses occurred. Having that information in the paper 
would have aided in the discussion of the test results. 

Lastly, but perhaps most importantly, is the clear need for 
analysis and design tools that better model the flow physics of 
small turbomachines where viscous effects play such a domi­
nant role. 
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design value of 0.77 results in a loss of 2.5 percent in total effi­
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The performance of a highly loaded turbine stage with a 
pressure ratio of 3.76 and a stage loading of 2.47 has been 
presented for different pressure ratios and speeds. The effects 
of stator endwall geometry and rotor blade loading on the 
radial distributions of the nozzle and rotor flow parameters 
have been presented. The results lead to the following main 
conclusions: 

1 The measured efficiency of the basic stage was within 
about 1 percent of the predicted target efficiency of 82 percent 
depending on the measurement technique adopted. 

2 Increasing the rotor blade aerodynamic loading from the 
design value of 0.77 to 1.18 resulted in a drop of about 2.5 per­
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aspects of the investigation. In particular, we agree that the 
optimum design is not a clear-cut choice. The example cited by 
Mr. Roelke is a good example of some of the complexities 
involved. 

Initial work with the nozzle operating as an isolated annular 
cascade suggested that the " S " contour had lower losses than 
the "C" variant. Subsequent experiments in a stage environ­
ment showed that under those conditions the "C" nozzle had 
the lower overall loss, reflecting the rotor interaction effect 

discussed in [12]. The flow turning achieved with the "C" 
nozzle, however, did not match the design value, and this led 
to a reduction in rotor performance. In terms of overall stage 
efficiency, therefore, the stage with the " C " nozzle proved in­
ferior to that with the " S " nozzle. The results suggest that, 
with appropriate redesign to accommodate the flow angles in­
volved, the "C" contour could eventually prove superior in 
terms of overall stage efficiency. Further work is planned, and 
will be reported in due course. 
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Three-Dimensional Flow Field 
Measurements in a Radial Inflow 
Turbine Scroll Using LDV 
The results of an experimental study of the three-dimensional flow field in a radial 
inflow turbine scroll are presented. A two-color LDV system was used in the 
measurement of three orthogonal velocity components at 758 points located 
throughout the scroll and the unvaned portion of the nozzle. The cold flow ex­
perimental results are presented for through-flow velocity contours and the cross 
velocity vectors. 

Introduction 

Radial inflow turbines are used in a wide range of applica­
tions from small turbochargers of automotive engines to space 
auxiliary systems. For small power requirements, radial inflow 
turbines offer several advantages such as low manufacturing 
cost, simple construction, and good performance over a wide 
range of operating conditions. Several studies have been con­
ducted to develop methods for predicting radial inflow turbine 
aerodynamic performance [1-5]. These methods are mainly 
based on a combination of one-dimensional flow analysis with 
appropriate loss models in the inlet volute, vaned and/or 
vaneless nozzles, rotor and exit duct. The differences between 
the various methods are in the loss models used in the various 
components. Benson [1] used the extensive performance 
measurements data of Hiett and Johnston [2] to develop loss 
correlations for the flow in rotors. Besides friction losses, 
Wallace et al. [3] included clearance, disc friction, and in­
cidence effects in the rotor loss model, and took into con­
sideration the incidence losses in the nozzle vanes. Evidence of 
good agreement between the measured and predicted turbine 
performance was demonstrated in [3, 4] over a wide range of 
operating conditions. Wallace et al. [3] showed also that the 
simpler model of Futral et al. [6] gave results that are in very 
good agreement with the measured performance. 

The flow is actually three dimensional in the various com­
ponents of radial inflow turbine and is also complicated by the 
interaction between the rotor and nozzle. Tabakoff et al. [7-9] 
obtained hot-wire measurements in scrolls of different cross-
sectional geometries that revealed the presence of two counter-
rotating vortices at three different scroll cross sections. Khalil 
et al. [10] presented maps of the measured total pressure, 
Mach number, and flow angles at the inlet and exit of the 
varied nozzle. These measurements clearly demonstrate the 
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Fig. 1 Schematic showing the LDV experimental setup 

three-dimensional flow behavior in this component. They also 
compared the measured losses in the vaned nozzles of a radial 
inflow turbine with the calculated friction and mixing losses of 
the boundary layers. Hashemi et al. [11] presented total 
pressure measurements at three radii downstream of different 
vaned nozzle geometries, and also conducted flow visualiza­
tion which revealed the formation of secondary flow and the 
presence of leading edge vortex. The shape of the leading edge 
vortex was found to be strongly influenced by the incidence 
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Fig. 3 Normalized circumferential velocity contours for cross section 
No. 1 (0 = 0 deg) 

angle which was found to vary between the vanes as deter­
mined by circumferential traverses. 

Most turbine scroll designs [12-15] combine one-
dimensional flow models with free vortex theory to determine 
either the scroll sectional area, or area to radius ratio variation 
along the circumference. While the purpose of these design 
methods is to provide uniform flow conditions around the 
nozzle periphery, Bhinder [16] reported that the measured 
flow angles in a vaneless turbine designed using this method 
showed significant variations around the rotor. 

Codes for inviscid flow solutions in the rotors [17, 18] and 
scroll nozzle assemblies [19-21] do not reveal the secondary 
flow behavior, nor do they predict the flow losses. However, 
the numerical solutions of potential flow in scroll nozzle 
assemblies using the finite element method by Hamed et al. 
revealed circumferential variation in the flow angles at the 
vaneless nozzle exit [19, 20] and differences in the flow field 
and mass flow through the different vane passages [21]. 

One can conclude from the previous discussion that the 
three-dimensional flow behavior in the scroll and nozzle 
vanes, and the interaction between the scroll, nozzle, and 

Fig. 4 Normalized circumferential velocity contours for cross section 
No. 2 (0 = 45 deg) 

rotor present a very complex flow field. Future developments 
of radial inflow turbines will depend on advanced theoretical 
research together with detailed experimental measurements in 
the various components in general and in the turbine scroll in 
particular. 

The purpose of the present study is to obtain detailed 
measurements of the three velocity components through the 
scroll and the vaneless nozzles. The velocity measurements are 
obtained using Laser Doppler Velocimetry (LDV) and the ex­
perimental results are presented for the through and cross-
flow velocities. The results show clearly the formation and 
development of the vortex pattern at the different scroll cross 
sections. The through-flow velocity patterns at the different 
cross sections reflect the complex interaction between the in­
fluence of the flow discharge to the nozzle and the cross 
velocity vortex pattern. 

Experimental Setup 
The experimental setup is shown schematically in Fig. 1. It 

consists of the test turbine, the seeding particle atomizer, the 
LDV, optical and data acquisition systems. 

— 
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Fig. 2 Schematic showing the LDV measuring sections 
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Fig. 5 Normalized circumferential velocity contours for cross section 
No. 3 (0 = 90 deg) 

2 5 . 4 mm , i . 6 0 

Fig. 6 Normalized circumferential velocity contours for cross-section 
No. 4 (9 = 135 deg) 

Test Turbine. The turbine scroll has a nearly square cross 
section at the inlet and over most of the circumference. The 
asymmetric scroll cross section location relative to the nozzle 
is such that one side of the square cross section lines up with 
one of the nozzle side walls. This wall was made of 6.35-mm-
thick plexiglass, through which the LDV measurements were 
obtained. The nozzle end walls are parallel and are 12.7 mm 
apart. The outer radius of the nozzle is 137.3 mm with a 
vaneless region followed by 18 nozzle vanes placed between 
the 112-mm and 82.6-mm radii. A rotor simulator, with no 
blades with an outer radius of 81.8 mm, follows the nozzle. A 
six-jet atomizer, which is connected to the bottom of the set­
tling chamber through a 1.25-in-diameter flexible tube as 
shown in Fig. 1, was used to seed the flow with propylene 
glycol particles, at 1 x 105 particles/cm3. 

Laser and Optics. A 5-W argon-ion laser is used in the 
backward scatter mode to measure two simultaneous velocity 
components. Details of the laser, optics, and measuring 
volume were reported in [22]. 

Journal of Turbomachinery 

1.09 \ \ ^ _ ^ 

\ ^ \ 1 . 0 6 \ ^ - ^ -" 

Fig. 7 Normalized circumferential velocity contours for cross section 
No. 5 (0=180 deg) 

Fig. 8 Normalized circumferential velocity contours for cross section 
No. 6 (9 = 225 deg) 

The laser and optical systems are mounted on a table de­
signed such that these systems can be traversed in the vertical 
direction, as well as along and perpendicular to the laser and 
optical axis in the horizontal plane. The whole table is 
mounted on a platform that rotates about a vertical axis. This 
additional degree of freedom was used to obtain 
measurements through inclined angles to the measuring sur­
faces. This technique was found to improve the signal-to-noise 
ratio, by reducing the effect of glare induced by the reflections 
from the plexiglass and scroll walls. Finally, the mountings of 
the sending and receiving optics are designed to allow for rota­
tion around the optical axis up to 90 deg. This makes it possi­
ble to obtain the measurements of the two velocity com­
ponents at an arbitrary angle to the vertical and horizontal 
directions. 

Velocity Measuring Technique. A Digital MINC 11/23 
minicomputer, equipped with preamp, a/d converter, and a 
clock modulus, was used on-line to acquire synchronized data 
for the simultaneous measurements of two perpendicular 
velocity components. A code was developed such that the data 
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set is tagged in the computer memory only if the time between 
the two data ready signals is less than a specified time. In the 
present experiment, the synchronization condition was set at 5 
/is. In addition, time was allowed for the particle to clear the 
measuring volume before acquiring new velocity data, to in­
sure that the sampled data are not obtained more than once 
from the same particle. 

The experimental flow velocity measurements were ob­
tained in the scroll and unvaned nozzle cross sections 1 
through 8 which are shown in Fig. 2. Measurements were also 
obtained at seven additional sections, 9 through 15, located 
around the scroll tongue to investigate the details of the three-
dimensional flow field in that region. The 758 measuring 
points were spaced at 3.175 mm (1/8 in.) intervals in both 
radial and axial directions in the vaneless nozzle region and at 
6.35 mm (1/4 in.) intervals in the scroll sections. The signal-to-
noise ratio was found to be unacceptably low for the velocity 
measurement close to the plexiglass when the optical axis was 
perpendicular to that surface. For that reason and to reduce 
the effect of glare, most of the flow velocity measurements 
were obtained with the optical axis not perpendicular to the 
measuring surface. This was accomplished either by keeping 

the turbine plexiglass back surface in a vertical position and 
rotating the laser-optics table platform in the horizontal plane 
or by fixing the optics axis and rotating the turbine and flow 
adapter around the horizontal line perpendicular to the optical 
axis. The first method was used in sections 1,5, and 9 through 
15 and the second in sections 2, 3, 4, 6, 7, and 8. Using this 
technique, some of the measuring points were blocked either 
by the scroll outer surface or by the surface of the unvaned 
nozzle. Since these blocked measuring points were deep and 
far from the plexiglass surface, which induced most of the 
glare reducing signal-to-noise ratio, one set of velocity 
measurements at these points was conducted with the optical 
axis perpendicular to the plexiglass surface. In some of the 
velocity measurements, a 40 MHz Bragg cell was introduced 
with downmixer in one of the colors to obtain frequency off­
sets ranging between 0 and 5 MHz. This was necessary to 
resolve the ambiguity in the direction of the radial velocity in 
the scroll at sections 1, 3, 5, and 7. 

Uncertainty Analysis. The experimental uncertainties for 
the different variables and parameters are evaluated based on 
the methods described in [23-26]. An analysis [27] was con­
ducted to optimize the number of velocity samples collected 
from the two velocimeter channels in order to reduce the 
statistical errors. Following the method of [27], the optimum 
size of the data ensemble was found to be 20. A sample size of 

Fig. 9 Normalized circumferential velocity contours for cross section 
No. 7(6 = 270 deg) 

Fig. 10 Normalized circumferential velocity contours for cross section 
No. 8 (9 = 315 deg) 
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50 was used in the experiment to obtain the present results, 
without affecting the sampling time appreciably. 

The uncertainties associated with the LDV measurements 
are listed below. 

Results and Discussion 

The high-pressure air supply from air storage tanks is 
regulated to a pressure of 1.379 x 105 N/m2 gauge (20 psig) at 
the orifice meter, using a pressure-regulating valve, to give an 
air mass flow rate of 0.0907 kg/s (0.2 Ib/s). This corresponds 
to a Reynolds number of 0.58536 x 105, based on the scroll in­
let hydraulic diameter of 0.08452 m (0.2773 ft) and the cold air 
properties at 20 °C (68 °F). The results are presented for the 
three velocity components in the circumferential, radial, and 
axial directions, Ue, Un and Uz, respectively, normalized with 
respect to the inlet mean velocity Um, which is equal to 10.36 
m/s (34.0 ft/s). The results of the velocity measurements are 
presented in Figs. 3-10 and 12-19. 

Figures 3-10 show the measured through-flow velocities in 
the scroll sections 1 through 8. The contours have been drawn 
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Fig. 14 Cross-flow velocity vectors for cross section No. 3 (0 = 90 deg) 
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Fig. 15 Cross-flow velocity vectors for cross section No. 4 (0 = 135 deg) 

using linear interpolation between the measurement points, 
but with no extrapolation outside the measuring mesh. The in­
fluence of the scroll passage curvature is reflected in the gra­
dient of the circumferential velocity in the radial direction. 
This influence can be observed in all figures, and it is present 
even at section 1 (Fig. 3). One can see in the same figure that 
the radial gradient in the through-flow velocity is much higher 
near the radially outward scroll surface due to the lower 
measured velocities in the flow boundary layer. Figure 4 shows 
that the slower boundary layer flow over the outer scroll 
curved surface is seen to move radially away from the two end 
walls and accumulate halfway between the scroll plane sur­
faces after a 45 deg turning angle. In a curved duct with plane 
endwalls, the slower endwall boundary layer flow moves 
under the influence of the pressure field away from the 
pressure side (outer radius) and toward the suction side (inner 
radius). This generates two counterrotating vortices, which 
cause lateral motions in the curved wall boundary layers [28]. 
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Fig. 16 Cross-flow velocity vectors for cross section No. 5 (0 = 180 deg) 
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Fig. 17 Cross-flow velocity vectors for cross section No. 6 (8 = 225 deg) 

The slower boundary layer accumulation at the curved outer 
surface of the scroll halfway between the end walls, and at the 
corner of the curved inner surface furthest from the nozzle, 
does not conform with the familiar pattern in curved ducts. 
Figure 5 demonstrates that the same trend continues and 
becomes more predominant at section 3, where larger regions 
of slower moving flows are observed in the same two loca­
tions. One can see from Figs. 6 and 7 that the outer scroll 
curved surface boundary layer flow accumulation later moves 
away from the plexiglass surface and toward the other corner. 
An examination of Figs. 6-10 reveals that the slower moving 
flow regions do not grow further but start to diminish at sec­
tion 4 (135 deg turning angle) and continuously decrease at 
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Fig. 18 Cross-flow contours for cross section No. 7 (0 = 270 deg) 

Fig. 19 Cross-flow velocity vectors for cross section No. 8 (0 = 315 deg) 

subsequent sections. In order to find an explanation for this 
behavior, the scroll cross-sectional area variation and its rate 
of change were calculated and plotted in Fig. 11. This figure 
reflects a maximum rate of area change at section 4 (135 deg 
turning angle). In addition, the influence of discharge flow 
progressively extends over large portions of the scroll cross 
sections leading to higher flow velocities in the later cross sec­
tions. Both these factors combined provide an explanation of 
the above-mentioned favorable boundary layer behavior. The 
circumferential velocity contours, which are initially cylin­
drical near the nozzle at section 1, are also seen to distort at 
later sections under the influence of flow discharge to the 
nozzle. 

Figures 12-19 show the combined flow velocity component 
in the cross-sectional plane as determined from the experimen­
tal values of the radial and axial velocity components. Figure 
12 shows that the cross velocities are predominantly in the 
radially inward direction at the first measuring section 1. This 
radially inward motion of the flow is mainly to accommodate 
the establishment of a free vortex variation of the cir-
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Table 1 Maximum possible uncertainties References 
Parameter Bias Precision 

= 0.13 mm ±0.025 mm 

±0.5 mm 
±0.16 deg 

±0.25 deg 

±0.025 mm 
±0.07 deg 

±0.32 mm 

±0.57 mm 

Longitudinal and lateral 
traverses (x, y) 

Vertical traverses (z) 
Circumferential 

traverses (0) 
Optics axis or plexiglass 

surface angular position 
(a, 0) 

Effect of plexiglass on 
measuring location 

Effect of plexiglass on 
measuring volume 

Average inlet mean velocity (Um) ±0.5 percent ±0.5 percent 
Average circumferential ± 3 percent ± 1.7 

velocity (O0/U,„) 
Average radial velocity (Ur/U,„) ±3 percent ±1.5 
Average axial velocity (Uz/U,„) ±3 percent ±2.0 

cumferential velocity. It appears that once the free vortex pat­
tern is established, the radial velocities are reduced and Fig. 13 
shows that the cross velocities at section 2 (45 deg turning 
angle) are predominantly in the axial direction. Figures 14-17 
show that a recirculating secondary velocity zone is established 
at the scroll corner between the outer curved scroll wall and 
the plexiglass plane wall. This has the opposite sense of rota­
tion expected of one of the familiar two counterrotating vor­
tices that would exist in this region in the case of a curved 
duct. Its influence does not extend to the curved inner wall, 
where the influence of nozzle flow discharge is more pro­
nounced. There is no evidence of the presence of the familiar 
counterrotating vortices, since the rest of the flow moves 
somewhat around the corner vortex in the general direction 
along the diagonal between the outer corner and the nozzle in­
let, with increasing cross velocities. The low-velocity boundary 
layer flow accumulation at the corner of the inner scroll 
curved surface away from the nozzle at section 2 (Fig. 4) can 
be explained by the relatively strong radial inward velocity at 
section 1. 

The velocity measurements around the tongue and the tur­
bulent measurements will be reported at a later date in a 
NASA Report. 

Conclusion 

One can conclude from the previous results that the flow 
pattern in the scroll is strongly influenced by the geometry of 
the scroll cross sections and scroll-to-nozzle transition, as well 
as by the scroll area variation around the circumference. The 
accumulation of the low-energy flow regions, which affects 
the loss, is determined by the cross-sectional geometry. The 
cross velocities show the presence of one vortex, not the 
familiar two counterrotating vortices in curved ducts. The low 
energy accumulation is dominated by the cross-velocity pat­
tern in the earlier scroll sections. At later sections, the flow 
discharge through the nozzle becomes more dominant and its 
influence is reflected in both through-flow velocity and cross-
velocity patterns. In the present results the recirculating flow 
zone is limited to the corner between the outer scroll curved 
surface and the plexiglass wall and is observed in the cross sec­
tions at 45 to 270 deg turning angles. 
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Laser-Doppler Studies of the 
Wake-Effected Flow Field in a 
Turbine Cascade 
The interaction between consecutive blade rows can be expected to have important 
effects on the heat transfer in cooled gas turbine cascades. In determining the local 
heat transfer under the influence of wake flow, nonintrusive optical measuring 
techniques were used to obtain the flow velocities and turbulence structures in the 
cascade inlet flow as well as along the test blade's surface. The main purpose of the 
measurements is to provide accurate experimental data for the development of 
predictive codes. The applicability primarily of the laser-Doppler technique is 
discussed and problems arising from the use of laser-dual-focus anemometry are 
reported. In simulating the effects of wake flow, a plane airfoil was traversed in 
front of the cascade. Both the axial distance between the airfoil and the cascade and 
the position in circumferential direction were changed in discrete steps. Turbulence 
intensities between 1.4 and 15 percent were recorded in cold gas flow. The effects on 
the blade heat transfer are illustrated. 

Introduction 

The development of high-performance gas turbines has 
always been connected with a rise of the thermal efficiency 
primarily due to the increasing turbine inlet temperatures and 
simultaneously increasing pressure ratios. Obviously, the high 
thermal loads of the turbine components exceedingly surpass 
the allowed data of modern alloys. Cooling, therefore, is a 
necessity which also has to be viewed with respect to safety 
and reliability. The durability analysis of turbine blades in a 
jet engine requires detailed knowledge of the heat transfer 
from the fluid to the blade surface, which has been of 
longstanding interest. 

The heat transfer along turbine blades is determined by a 
variety of different parameters such as turbulence intensity, 
pressure gradient, curvature, temperature ratio between gas 
and blade surface, and periodic flow variations due to interac­
tion of rotor and stator. As a consequence of the relative mo­
tion of stationary and rotating rows in an axial compressor or 
gas turbine, the flow around the blades is highly unsteady. 

Measurements to predict the effects of a "wake-passing 
flow" on the heat transfer to turbine blades have been ob­
tained by Bayley and Milligan [1]. They used a rotating 
(squirrel-type) cage as a turbulence generator, mounted 
upstream of a turbine cascade. In continuing this effort, 
Bayley and Priddy [2, 3] used this arrangement to demonstrate 
a strong dependence of the heat transfer on the turbulence in­
duced. The frequency of the perturbation, however, was of 
minor importance. Utilizing a similar experimental setup Pfeil 
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et al. [4, 5] analyzed the transition characteristics along a flat 
plate. 

The influence of an unsteady wake flow on the heat transfer 
characteristics of a gas turbine blade has been described by 
Doorly et al. [6]. The short-duration wind tunnel experiment, 
however, did not provide a detailed flow analysis. 

Several aspects of the wake influence on the heat transfer in 
an actual turbine have been described by Stocker [7, 8]. 

In our opinion, a separation of the various effects is 
necessary for a full understanding of the heat exchange 
phenomena. In addition, it should be possible to support 
generalizations and similarity considerations. It should, 
however, be recognized that true wake effects are to be studied 
for a final comparison. 

In the larger context of the present experimental and 
analytical study, Riid et al. [9-11] made an attempt to describe 
the effects of turbulence parameters, pressure gradients, and 
temperature ratios on the heat transfer along a convectively 
cooled flat plate. Corresponding to these heat transfer 
measurements, Eriksen et al. [12-16] investigated the velocity 
profiles and turbulence intensities and associated moments of 
the plane boundary layer flow by means of laser-Doppler and 
laser-dual-focus velocimetry. The influence of different 
isotropic free-stream turbulence intensities and temperature 
ratios on the heat transfer along a turbine blade was the sub­
ject of several previous investigations by Wittig et al. [16-18]. 
In continuing the basic studies, an attempt was made to deter­
mine the influence of a wake flow with its turbulence structure 
on the heat transfer characteristics along the turbine blade (see 
Wittig et al. [17, 18]). For a detailed understanding, laser-
velocimetry investigations of the wake flow, the cascade inlet 
flow, and the flow around the test blade were found to be of 
major interest and are discussed in the present paper. 

Principally, a cascade consisting of five blades is subjected 
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Fig. 1 High-temperature test facility 

to the wake of a plane airfoil of similar design. The wake-
producing airfoil is traversed in discrete steps in front of the 
cascade at different axial distances from the leading edge. This 
can be viewed as a first approximation of the real unsteady 
process within the turbine. The inlet conditions, thus, corre­
spond to the design conditions. The wake cutting, though, is 
not verified. The approach is similar to that chosen by Stocker 
[7, 8] in obtaining the temperature distribution, for this ap­
proach is to be seen in the attempt to resolve in a first step the 
effect of the turbulence characteristics of the wake on the heat 
transfer by comparing it with the measurements at isotropic 
mean flow turbulence. 

Experimental Setup 

The hot gas tunnel used for the experiments has been 
described previously [17] and is shown in Fig. 1. Air from the 
compressor is heated in the primary zone of an oil-fired com-
bustor. Primary air and fuel injection are chosen and second­
ary air is added by means of 40 circumferential injection holes 
for the adjustment of the temperature level. A maximum ther­
mal power of 2 MW can be verified in the combustor with 
maximum temperatures up to 1500°C. However, for reasons 
of accurate data acquisition lower temperatures are generally 
chosen. 

The temperature and velocity profiles at the exit of the com­
bustor which are not uniform originally are equalized in a set­
tling chamber equipped with specially designed mixers and 
honeycombs. At the end of the settling chamber a probe is 
mounted to seed the flow with tracer particles. Relatively high 
accelerations are subsequently induced by a nozzle with rec­
tangular cross section equipped with a transition from the cir­
cular settling tank. 

The test section entrance itself has a cross section of 250 X 
100 mm (see Fig. 2). In exiting the test section, the hot gas flow 

is mixed with additional air for cooling purposes and ex­
hausted. Special inserts behind the cascade serve to avoid cir­
culation and vortices re-entering the test section and influenc­
ing the measurements. Within limited ranges, independent 
variation of pressure and temperature can be accomplished. 

In simulating the effects of wake flow, a straight blade pro­
file is mounted in the cascade entrance flow. To achieve 
relatively realistic flow conditions, the relative location of the 
wake flow can be changed. The traverse of the airfoil is il­
lustrated in Fig. 2. The mechanism allows a parallel displace­
ment in front of the cascade. The profile of the wake-
producing airfoil is derived from the thickness distribution of 
the test blade. Figure 3 demonstrates the geometric arrange­
ment of the cascade and the leading airfoil. 

The cascade consists of five untwisted blades as shown in 
Fig. 3. Basically it is a high-performance profile. The three in­
ner blades are fixed between transparent windows. At lower 
temperatures Lucite of 10 mm thickness has been used. It is 
therefore possible to achieve optical accessibility of the flow 
field around the central measurement blade with its adjacent 
flow channels as well as the entering flow area ahead of the 
leading edge. For an optimum signal quality and in order to 
avoid background light scatter the blades were covered by a 
matte black coating (compare Fig. 3). 

Optical Techniques 

The optical system, using a forward scattering one-
component fringe-type arrangement, is shown in Fig. 4. In 
earlier papers [15, 16] we described the principal components 
of the setup and the data acquisition and reduction. In order 
to obtain better signal-to-noise ratios, only the forward scat­
tering mode was used. The modular optic is equipped with an 
argon-ion laser operating at a wavelength of 488 nm with a 
maximum power of 1 W. The incoming laser beam is split into 

Nomenclature 
a = axial distance between airfoil t = 

and cascade inlet plane Tuu = 
/ = chord length 

Ma = Mach number Tu„ = 
Re = Reynolds number 

5 = distance along surface 
T = temperature u = 

blade-spacing 
turbulence intensity in mean 
flow direction 
turbulence intensity perpen­
dicular to the mean flow 
direction 
velocity 

a 
X 

velocity at cascade inlet plane 
airfoil position with respect to 
the test blade's stagnation 
plane 
heat transfer coefficient 
wavelength 
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Fig. 2 Test section 
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Fig. 3 Arrangement of the cascade and the airfoil 

two parallel beams of equal intensity, passing thereafter mm. The two parallel beams are then brought to a common 
through a Bragg cell unit in which a frequency shift can be focus by a lens. The dimensions of the probe volume are 0.22 
achieved. The following unit serves to reduce the spatial mm in diameter and 4 mm in length. The scattered light from 
distance between the two beams from 60 mm to 30 mm or 15 both beams is collected at the opposite side of the hot gas tun-
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nel by a lens and focused by another lens onto a pinhole aper­
ture in front of the photomultiplier tube, reducing the effec­
tive diameter of the probe volume to 0.1 mm. 

The sending and receiving optics are separately supported 
by coordinate platforms which facilitate an accurate position­
ing of the probe volume within ± 10 ^m. The Doppler fre­
quencies are detected by means of a TSI 1990 500 MHz signal 
processor connected via a parallel line unit with a PDP 11/34 
computer for fast data acquisition and reduction. Each 
measuring point is based on 2000 counts for a one-
dimensional analysis or 6000 counts for a two-dimensional 
analysis. These large numbers of single counts provide good 
reproducibility in the fluctuating components. Calculations of 
mean values and fluctuating components for one and two-
dimensional measurements have been widely discussed in the 
literature [19, 20], along with the capability to use a single 
component optic for two-dimensional measurements. 

For determination of the fluid velocity, laser-velocimetry 
techniques depend on tracer particles in the fluid. However, 
the natural seeding level is often too low. In the present study 
a seeding of the flow was necessary. In optimizing all 
parameters of importance, it was found that Si02 particles 
with a mean diameter of 0.5 /xm and a density ratio of only 50 
— which can be achieved by a special technique — lead to the 
best results. A detailed description of the special fluidized bed 
seeding system and the measurements of the size distribution 
of the particles has been discussed earlier [12, 13]. 

In recognizing the specific advantages of the laser-dual-
focus velocimetry, particularly the high signal-to-noise ratio as 
well as the small probe volume, additional efforts have been 
directed toward the application of this technique. Despite ex­
cellent results which were achieved in a variety of other studies 
[12-16], two main disadvantages of the LDF system prevented 
its convenient use in the present investigation. Primarily the 
extended measurement times have to be mentioned, as data 
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Fig. 4 Laser-Doppler anemometer 

under at least eight different angles are necessary for a suffi­
cient statistical data base, whereas LDA measurements require 
only three. In addition, relatively low reproducibility is 
achieved at low turbulence levels in recording the fluctuating 
components of the velocities u' and v' with the LDF 
velocimeter. In the meantime, however, a solution has been 
found by improving data acquisition and processing. 

Results 

As can be seen from Figs. 5-10, velocities as well as tur­
bulence characteristics were recorded within the wake of the 
airfoil as well as within the cascade. The first step toward a 
correct interpretation of the measurements was to determine 
the effect of the wake-producing airfoil on the inlet flow to the 
cascade. During the measurements, the position of the LDA 
probe was held constant, whereas the airfoil was moved in 
discrete steps. It was therefore possible to avoid the possibly 
cumbersome adjustments of the receiving optics. The location 
of the probe volume was fixed on the cascade inlet plane be­
tween the second and third blade (x/t = 2.50). 

The velocity profiles shown in Fig. 5 are normalized by the 
local undisturbed velocity u*. For reasons of clarity, the pro­
files of u/u*, Tuu, and Tuv are shown only for the relative ax­
ial positions of a/l =0.5 and 1.0, respectively. As expected, a 
drastic rise of the turbulence levels can be observed within the 
wake, whereas the velocity variations are moderate. Further­
more, the turbulence shows an anisotropic characteristic. The 
results show that the location of maximum turbulence levels as 
well as the minima of the velocity change with the dimen-
sionless distance from the airfoil. It should be noted that the 
flow at the cascade inlet plane without airfoil is already slight­
ly skewed due to the cascade itself. The inlet flow angle at the 
cascade front was determined to be 13 deg. The effect of the 
inflow skewness, therefore, induces a certain asymmetry to the 
wake with respect to the measurement blade. The wake causes 
an increase in the turbulence level as well as a decrease in the 
velocity. 

In principle the developed profiles are independent of the 
dimensionless distance. However, the size of the region in­
fluenced by the wake is proportional to the dimensionless 
distance a/l, whereas the magnitude of the disturbance caused 
by the wake is inversely proportional to a/l. The shift of the 
maxima toward smaller values of x/t with decreasing a/l 
results from the aforementioned skewness of the inlet flow. 
The observed increase in the velocity profile for x/t > 2.60 
results from the displacement effect of the airfoil. 

In conclusion, the wake primarily induces an increase of the 
turbulence level. The velocity drop due to the airfoil is - in 
contrast to the turbulence level - equalized sooner. The max-
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imum velocity difference within the wake amounts to approx­
imately 6 percent at a/l = 0.37. 

The effect of the wake on the velocity and turbulence 
distribution and finally on the heat transfer along the blades is 
illustrated in Figs. 6-10. The quantities u/u(l), Tuu, and a are 
plotted against the dimensionless surface length s/l, where / is 
the chord length of the blade. The measurements of the flow 
around the blade were obtained at the boundary layer edge. 
However, in regions of very thin boundary layer the 
measurements were obtained at locations as close as possible 
to the wall. A problem arose from the geometric arrangement 
of the LDA with respect to the cascade: As the two laser 
beams formed a plane parallel to the blade's surface, a 
relatively small rotation influences one of the beams which is 
shaded off by the blade itself. Only one-dimensional 
measurements therefore were conducted. The determination 

of the magnitude and direction of the actual velocity was 
iteratively carried out, starting with a probe volume orienta­
tion parallel to the tangent of the surface. 

For reasons of clarity, only the distance a/l = 0.5 between 
the trailing edge and the entrance plane of the cascade is 
shown in Figs. 6-10. The Reynolds number in this case was 3.8 
x 105. 

Specifically the velocity distribution along the blade's sur­
face at a/l = 0.5 is shown in Fig. 6 for two limiting cases, 
namely maximum disturbance due to the airfoil (x/t = 3.06), 
and no disturbance at all (x/t = 2.80). The development of the 
velocity distribution along the blade's surface is characterized 
by a very fast acceleration in the first part of the suction side, 
followed by a slight deceleration to the trailing edge. On the 
other hand, a constant acceleration can be seen along the 
whole pressure side. Furthermore, the effect of the wake on 
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the velocity distribution was determined. It is generally weak 
except in the vicinity of the stagnation point. This is due to the 
aforementioned equalization of the velocity profile. 

As can be seen from Figs. 7 and 8, the effect of the wake on 
the turbulence is considerably higher. It should, however, be 
mentioned that the dimensionless turbulence levels depend on 
the value of the local velocity. This partly explains the dif­
ferences in the turbulence levels between the pressure and the 
suction side of the blade. For further use in numerical analysis 
and correlations, this approach in presenting the data had to 
be chosen. If the airfoil is moved from the top position (x/t = 
3.50) toward the stagnation point position of the test blade, 
the pressure side remains unaffected for values of x/t > 3.15. 
Beyond this position the entire pressure side is affected by the 
wake almost simultaneously. Due to the constant and 
moderate acceleration over the pressure side, the wake effects 
are obviously strong, especially on the leading third. With a 
decrease of the wake intensities due to the continuing motion 
of the airfoil, the turbulence decays, with the trailing edge of 
the pressure side showing the lowest decay rate. 

In passing by the airfoil, the suction side of the blades 
within the cascade is affected prior to the pressure side. As can 
be seen in comparing the results of Fig. 7, the turbulence level 
first increases at the trailing edge, as this is the first part to be 
affected. This is also supported by Fig. 9. The leading part of 
the blade shows a delayed rise in the turbulence level. 

Further positioning of the airfoil to x/t < 3.15 causes an in­
crease of the turbulence level in the frontal area of the blade 
followed by a decrease over the whole surface after passing the 
stagnation point position. 

The development of the turbulence levels in the direct vicini­
ty of the stagnation point is of particular interest. In this 
region, the turbulence levels increase drastically with the drop 
of x/t below a value of 3.18. A thorough examination of 
curves 6-8 in Fig. 7 shows that extremely high levels of tur­
bulence are to be expected in the direct vicinity of the stagna­
tion point. This expectation is strongly backed by the high 
values of the heat transfer coefficients observed in this region, 
which will be discussed later. Unfortunately, we were unable 
to obtain reliable data from LDA measurements as strong 
velocity gradients and curvature effects are of dominant 
influence. 

A comparison of the heat transfer and turbulence 
measurements illustrates the strong relation between the local 
values of the free-stream turbulence and the heat transfer 
coefficients (see Figs. 7 and 9 as well as Figs. 8 and 10). This is 
especially obvious for the pressure side. By traversing the air­
foil toward lower x/t values a significant increase in the heat 
transfer coefficient was observed at those locations which ex­
perience a high turbulence level. Similar observations were 
discussed in our previous contributions [9-11, 14, 18]. 

On the other hand, the conditions are significantly more 
complex on the suction side. Here, the local heat transfer coef­
ficient is not only affected by the turbulence levels but also by 
the transition region from laminar to turbulent boundary 
layer. It is interesting to note that the relatively strong rise of 
the turbulence level in the central and trailing section of the 
suction side for an airfoil position of 3.30 > x/t > 3.27, as il­
lustrated in Fig. 7, did not result in a significant change of the 
heat transfer coefficient and the onset of the transition region. 
The transition slowly moves toward the leading edge with fur­
ther traversing of the airfoil. This effect can be explained by 
the fact that the turbulence level rises slowly in the leading part 
of this side of the blade as seen in Fig. 7. It is well known that 
the turbulence level in the frontal region of the blade has a 
dominating effect on the boundary layer development. This is 
also evident from the conditions at x/t = 3.06 where the 
fastest laminar/turbulent transition takes place. Here, the tur­

bulence level in the direct vicinity of the stagnation point is ex­
pected to reach its maximum value. When the airfoil assumes 
positions x/t < 3.06 a reversal of the previously described 
characteristic behavior is observed, i.e., turbulence intensity 
and heat transfer are reduced. 

Conclusions 

In summary it can be concluded that results of detailed op­
tical analysis of the flow field in wake-effected cascade flow — 
i.e., velocity and turbulence characteristics - correspond with 
those of heat transfer measurements. Additional studies of the 
leading edge region are planned as this is found to be necessary 
for a full understanding of the phenomena. 
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Three-Dimensional Flow in a Low-
Pressure Turbine Cascade at Its 
Design Condition 
This paper describes an experimental study of the three-dimensional flow within a 
high-speed linear cascade of low-pressure turbine blades. Data were obtained using 
pneumatic probes and a surface flow visualization technique. It is found that in 
general, the flow may be described using concepts derived from previous studies of 
high-pressure turbines. In detail, however, there are differences. These include the 
existence of a significant trailing shed vortex and the interaction of the endwall fluid 
with thesuction surface flow. At an aspect ratio of 1.8, the primary and secondary 
losses are of equal magnitude. 

Introduction 

The existence of secondary flow and loss mechanisms within 
axial-flow turbines has long been recognized and many in­
vestigations (e.g., [1-4]) have been undertaken in order to 
study these phenomena and their effects. As a result, the main 
parameters which influence the growth of secondary flows and 
losses are now known (e.g., [5]) even if their relative impor­
tance is not fully understood. Thus, it is possible to attempt to 
inhibit their generation by attention to the overall and detailed 
design of turbines (e.g. [6, 7]). 

In high-pressure (H.P.) turbines, the blade profiles are 
relatively thick, the blade heights are short, and the secondary 
flows occupy most if not all of the flow field at the blade row 
exit (e.g., [8]). It is not surprising, therefore, that investiga­
tions which are concerned with the development and control 
of secondary flows are usually designed to meet the needs of 
the designers of H.P. turbines. 

In low-pressure (L.P.) turbines, the Reynolds numbers are 
much lower and in order to obtain the necessary blade loading 
the blade profiles are relatively thin. Therefore, it is much 
more difficult to alter either the detailed or the overall design 
in order to control the development of secondary flows. Of 
course, the higher aspect ratios of L.P. turbines tend to reduce 
the significance of secondary flows and losses. Even so, 
relatively little detailed information exists which is directly 
relevant to the problem of limiting the growth of secondary 
flow and loss in L.P. turbines. Some general information does 
however exist in the available correlations (e.g., [9, 101). 

The present paper presents the results of an investigation in­
to the three-dimensional flow which exists within a linear 
cascade of L.P. turbine rotor root sections. It is recognized 
that a linear cascade cannot simulate the effects of, for exam­
ple, inlet skew and rotation. Nevertheless, the present in­
vestigation can at least begin to provide some information, on 
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Fig. 1 Cascade installation 

Table 1 Blade design, cascade geometry, and operating con­
ditions 

No. of blades 
Chord, C (mm) 
Axial chord, Cx (mm) 
Inlet aspect ratio, h\/C 
Exit aspect ratio, hi/C 
Pitch-chord ratio, s/C 
Pitch-axial chord ratio, s/Cx 
Design inlet angle (cleg from axial) 
Design exit angle (deg from axial) 
Cos-'(OA) 
Stagger angle (deg from axial) 
Throat-pitch ratio, O/s 
Leading edge radius-chord ratio 
Isentropic exit Mach number 
Isentropic exit Reynolds number 

6 
55.88 
52.53 
1.715 
1.818 
0.564 
0.600 

38.8 
-53.9 
-54.2 
-19.6 
0.585 
0.016 
0.71 

2.9X105 

Table 2 Estimate of experimental accuracy 

Linear position 
Inlet flow angle 
Exit flow angle 
Stagnation pressure (5 hole probe) 
Stagnation pressure (all pitots) 
Static pressure (5 hole probe) 
Static pressure (surface tappings) 

+ / -
+ / -
+ / -
+ / -
+ / -
+ / -
+ / -

0.01 mm 
0.2 deg 
0.4 deg 
0.003" 
0.001 
0.005 
O.OOlj 

\ x {Pm ~PA) 
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Fig. 2(b) Cascade: side view of a single passage 

the nature of secondary flows in L.P. turbines and provide an 
assessment of the relative importance of such flows. Wherever 
possible, comparisons are made with the flows observed in 
H.P. turbines and cascades. A companion paper [11] describes 
the off-design performance of the present profile. 

Experimental Details 

The experiments described in this report were conducted in 
the Transonic Cascade Facility of the Whittle Laboratory [12]. 
The wind tunnel is part of a closed circuit within which the 
density and pressure ratio can be varied independently. The air 
is supplied to the test section via a contraction and a short, 
parallel duct. It exhausts into a large plenum. The general ar­
rangement of the six-blade cascade is shown in Fig. 1. 

The profile selected for the current investigation was a thin, 
hollow, castable root section from the rotor of an L.P. tur­
bine. It was designed to operate at an air inlet angle of 38.8 
deg relative to the axial direction and to provide approximate­
ly 93 deg of turning. The design velocity ratio across the 

cascade was equal to 1.41. The nominal aspect ratio was 1.8. 
This provided a cascade of reasonably sized blades (chord = 
56 mm) within which there was no direct interference between 
the secondary flow fields of the two ends of a blade. In order 
to simulate the stream-tube height variation which occurs 
within an L.P. turbine, the cascade endwalls were flared (area 
ratio 1.06) with a linear variation in aspect ratio between the 
inlet and exit planes of the cascade. Upstream and 
downstream of the cascade, the endwalls were parallel. Fur­
ther details can be found in Table I, Appendix 1, and Fig. 2. 

The central passage of the cascade was instrumented with 
0.2-mm-dia static pressure tappings which were located along 
the midspan sections of the blade profiles. The static pressure 
tappings at the inlet to the cascade were located 0.86 axial 
chord lengths upstream of the leading edge plane. A conven­
tional pitot was placed at the same location. The inlet stagna­
tion temperature (ambient) was determined using a ther­
mocouple placed within the duct upstream of the working 
section. 

Three different types of pneumatic probe have been 
employed during the current investigation. The first of these 
was a fixed direction, 5-hole, 60-deg conical probe with an 
overall diameter of 2 mm. This was used to traverse the 
cascade exit flow field at 110 and 142 percent Cx, having 
previously been calibrated in the same facility. Within and just 
downstream of the cascade (i.e., at 58, 69, 79, 90, and 102 per­
cent Cx) a five tube total pressure rake (tube diameter 0.7 mm; 
spacing 1.55 mm) provided further information about the 
development of the secondary flow field and losses. The third 
type of probe was a flattened pitot (0.14 x 1.16 mm overall) 
which was used to traverse the inlet ( - 8 6 percent Cx) and exit 
(142 percent Cx) endwall boundary layers. An estimate of the 
experimental uncertainty associated with these and other 
pneumatic measurements is provided in Table 2. 

The facility is provided with a fully automated, computer-
controlled, data acquisition system. Probe movement, for ex­
ample, can be achieved using the three linear and two angular 
traverse mechanisms, all of which are mutually independent. 
All pressures are measured using a Scanivalve system. 

Oil-and-dye surface flow patterns were obtained using a 
mixture of silicone oil and a fluorescent powder which was 
photographed under the illumination of ultraviolet light. The 
range of wall shear stresses which occurred within the cascade 
was such that a variety of mixtures had to be used in order to 
obtain the maximum amount of information. The results 
presented, which were obtained during a single test, contain 
most of this information. That which is not clearly visible is 
shown in the accompanying interpretations. 

All of the tests in the current investigation were conducted 
at the isentropic design conditions. These were an exit 
Reynolds number of 2.9 x 105 and a Mach number of 0.7. 
The free-stream turbulence intensity at inlet to the cascade was 
0.5 percent. Further information can be found in Table 3. 

c = 
Cx = 

h = 
M = 
P = 

^o = 
R = 

Re = 
i1 = 
S = 

u, U = 
x = 

chord 
axial chord 
span 
Mach number 
static pressure 
total pressure 
reattachment line 
Reynolds number 
pitch 
separation line 
velocity 
axial distance 

y 
Y 

z 
(3 

<5* 

6 

P 

= tangential distance 
= stagnation pressure loss coef­

ficient = (P0l - P0)/(P04 -
PA) 

= spanwise distance 
= pitchwise flow angle (from 

axial) 
= boundary layer displacement 

thickness 
= boundary layer momentum 

thickness 
= density 

Subscripts 
oo = free stream 
1 = inlet free stream 
2 = traverse plane 

2s — downstream isentropic 
3 = pitchwise mixed out 
4 = downstream infinity (i.e., 

pitch and spanwise mixed out) 
s = suction 
p = pressure 

0-6 = number of separation/reat-
tachment line 
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Fig. 3 Midspan surface Mach number distribution (measured)

Inlet Boundary Layer. The velocity profile of the incoming
endwall boundary layer, obtained at midpitch, 86 percent Cx
upstream of the cascade leading edge plane, is plotted in Fig.
4. The integral parameters of this boundary layer are given in
Table 4. They were obtained using the compressible form of
the appropriate expression or integral. These results show that
the upstream boundary layer is turbulent with a shape factor
(0' I()) of 1.44 and a displacement thickness-chord ratio (0' IC)
of 0.011. This boundary layer is thus typical of those found at
the inlet to model turbines (e.g., [15]) and of those measured
by other investigators during cascade studies (e.g., [3, 4]).
Even so, its relevance to actual turbines remains uncertain
since the appropriate data do not appear to exist.

Surface Flow Visualization. The use of surface flow
visualization in two and three-dimensional flow studies is a

Results and Discussion

Midspan Flow. Some characteristics of the flow at the
midspan section of the central passage of the cascade have
been reported elsewhere, e.g., [13]. However, a brief summary
is provided below.

The measured midspan isentropic Mach number distribu­
tion is presented in Fig. 3. These results show that the profile is
relatively midloaded, with significant regions of acceleration
and diffusion on both the pressure and suction surfaces. A
closer examination indicates the existence of a closed separa­
tion bubble near 83 percent C on the suction surface. Previous
investigations have also revealed the existence of two other
closed regions of separated flow. One of these was found in
the diffusing flow near the leading edge of the pressure sur­
face. The other occurs at the leading edge of the suction sur­
face and is caused by an overspeed which occurs close to the
blend point of the circular leading edge and the suction sur­
face. In the regions following these leading edge separation
bubbles, there is sufficient re-acceleration for relaminarization
to occur. On the suction surface, the re-acceleration is im­
mediate and the boundary layer may be regarded as laminar
until it separates following peak suction. On the pressure sur­
face, relaminarization is virtually complete by the trailing
edge. In an actual machine, where the levels of turbulence and
unsteadiness will be much greater, full relaminarization may
not occur.

U I Uoo

Fig. 4 Inlet boundary layer profile

Fig. 5 Suction surface and endwall flow visualization

well-established technique. It is of course recognized that
although important and useful, these flow patterns only pro­
vide information about the nature of the near surface flow.
Care must therefore be taken when inferences are made re­
garding the main body of the flow. Conclusions which are
drawn are supported either by other measurements (q.v.) or by
other investigations of similar phenomena (e.g., [1-8]). In
describing the current experiments the nomenclature used in,
for example, [5] has been adopted wherever possible.

A perspective photograph of the suction surface and end­
wall flow visualization patterns is shown in Fig. 5 together
with a schematic interpretation of the same. The upstream
boundary layer is identified by the speckled pattern in the
photograph. It separates along the lines SIs and SIp as it rolls
up to form the horseshoe vortex. The stagnation streamline R1
divides the upstream boundary layer into the fluid which
enters the suction leg (SIs) and that which enters the pressure
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Fig. 8 Vortex structure just downstream from the intersection of the
horseshoe vortex (suction leg) and the blade suction surface

Table 4 Inlet and exit endwall boundary layers

side leg (SIp) of the horseshoe vortex. The secondary separa­
tion lines (S2s and S2p) which mark the liftoff line of the
horseshoe vortex are not visible in the photograph. Investiga­
tions in H.P. turbine cascades (e.g., [8]) have also at times
failed to reveal a second separation line, but it is usually the
separation line of the inlet boundary layer rather than the
liftoff line of the horseshoe vortex that is not visible [5].
Evidence which confirms that it is indeed the primary separa­
tion line which is easily visible in Fig. 5 was obtained using a
different flow visualization mixture, albeit at the expense of
the quality of the overall pattern. Although fluid is fed into
the separation bubble that is bounded by the stream surfaces
corresponding to the primary and secondary separation lines
(Sis and S2s, Sip and S2p) the apparent difference in the
visibility of the primary and secondary separation lines implies
that the energy of the fluid in the separated zone is not as low
as suggested by the results of [4]. The results of [16] show that
the region in question may be unsteady and that the flow
direction is not constant, so it is quite possible that a separa­
tion line, which is a representation of the mean flow, may not
be detected in the oil patterns.

Figure 6 contains a prediction of the static pressure field
made using the quasi-three-dimensional method of Denton
[14]. The solution presented is representative of the midspan
conditions where the stream-tube height variation (linear from
leading edge to trailing edge) was that suggested by the
measured axial-velocity-density ratio, rather than the
geometric value of 0.94. Static pressure contours are presented

P)/(Po -

Inlet Exit

with a picture of the endwall flow visualization. It shows that
within the passage the endwall limiting streamlines are
generally perpendicular to the isobars, particularly near mid­
chord. The location of the overspeed at the leading edge of the
suction surface is indicated in the figure. The separation bub­
ble caused by this overspeed can be seen in the flow visualiza­
tion patterns of Fig. 5. Its limits are defined by the lines So
and Ro which extend across the entire span suggesting that the
leading edge overspeed is not confined to the region of
primary flow. The flow visualization indicates that the sec­
ondary flow is not affected by the overspeed.

As the suction side leg of the horseshoe vortex enters the
blade passage, it experiences the significant transverse
pressure gradients indicated by Fig. 6. Under their influence,
the separation lines SIs and S2s merge as they are swept onto
the suction surface at approximately 15 percent Cx. Figure 7
shows that this vortex then moves toward the midspan as it
spirals along the surface toward the trailing edge. At about 60
percent Cx, the suction leg of the horseshoe vortex comes into
contact with the closed separation bubble which is defined by
the lines S5 and R5 in Fig. 5. According to the surface flow
visualization patterns, there is little evidence of fluid from the
horseshoe vortex entering the separation bubble until it en­
counters the reattachment zone at the rear of the bubble. At
present, the mechanism of this interaction is not fully
understood but it is known that the sense of rotation of the
flow within the bubble is opposite to that of the vortex which
suggests that some cancellation of vorticity is taking place.
Nevertheless, it is clear that not all of the fluid within the
vortex enters the separation bubble since the separation line
S2s which is associated with this vortex remains just visible up
to the trailing edge. Therefore in contrast to the situation
which often occurs in H.P. turbines (e.g., [17]) the suction
side leg of the horseshoe vortex is not forced away from the
surface toward the middle of the blade passage under the in­
fluence of the passage vortex (see below) nor is it engulfed by
the passage vortex.

At the intersection of the separation line SIs with the suc­
tion surface, Fig. 5 shows that a new separation line S3
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Fig. 6(b) Predicted midspan static pressure contours
P2)
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sight into the nature of the secondary flow, do not necessarily
indicate the magnitude of the observed phenomena; nor do
they always reflect the development of the flow in the center of
the passage. It is for this reason, together with a need to deter­
mine the significance of the secondary losses, that a series of
area traverses were performed using pneumatic probes.

The results of the stagnation pressure rake traverses are
plotted in Fig. 10 in the form of nondimensional total pressure
loss contours (i.e., contours of (POI - PO)/(P04 - P4))' The
uppermost figure was obtained closest to the leading edge. The
positions of the various separation and reattachment lines
taken from the flow visualization are also indicated. Physical
constraints within the blade passage prevented the measure­
ment of the flow near to the pressure surface.

The most upstream area traverse was performed at 58 per­
cent ex (Fig. 10, top), which corresponds to peak suction.

Fig. 9 Pressure surface and endwall flow visualization

develops. This line indicates the presence of a corner vortex.
Figure 8 is a schematic representation of the flow which occurs
just downstream of the start of this vortex, which is formed as
a result of the high angle of attack of the near-surface
streamlines onto the suction surface. Associated with the
separation line S3 is a reattachment line R3. The sense of rota­
tion of the corner vortex is the same as that of the suction side
leg of the horseshoe vortex. Thus it is not unreasonable that it
originates from the point where this leg of the horseshoe
vortex meets the suction surface. This result is contrary to
observations (e.g., [2]) made in H.P. turbines which indicate
that, when present, the corner vortex originates where the
pressure-side leg SIp meets the suction surface. Thus it is like­
ly that the point of origin of the corner vortex is more a func­
tion of the angle of attack of the streamlines than of the loca­
tions of the horseshoe vortices.

Figures 5 and 6 show that as the pressure side of the
horseshoe vortex enters the passage, it is deflected by the
transverse pressure gradient toward the suction surface of the
adjacent blade at the same time as it merges with the passage
vortex. It therefore becomes impossible to distinguish between
these vortices. The line S4 in Fig. 5 denotes the separation of
the passage vortex from the suction surface. Be­
tween this line and that associated with the liftoff of the suc­
tion sjde leg of the horseshoe vortex is the reattachment line
R4/R2s. Figure 7 shows this more clearly. The inclination of
the surface streamlines in the region between the separation
line S4 and the endwall is an indication of the rate of rotation
of the passage vortex.

Behind the secondary separation line S2p (Fig. 5), a new
highly skewed endwall boundary layer develops which is also
swept toward the suction surface. The high wall shear stress
which is associated with this new and therefore thin boundary
layer is responsible for the flow pattern observed. Because it
meets the suction surface at such a high angle of attack, the
corner vortex is enhanced and as a result, the associated
separation line S3 and reattachment line R3 move away from
the corner along their respective surfaces.

Figure 9 shows a perspective view of the pressure surface
and endwall interaction. Near the leading edge of the pressure
side, the fluid flows from the surface onto the endwall under
the influence of the horseshoe vortex and cross-passage
pressure gradient. The separation bubble which is indicated by
the separation line S6 and reattachment line R6 is caused by
the diffusion which follows the acceleration around the
leading edge (Fig. 3). Within this bubble, there is very little
movement of the oil except near the endwall where the low­
momentum fluid moves onto the endwall under the influence
of the transverse pressure gradient. Downstream of the
separation bubble, the interaction between the pressure sur­
face and endwall fluid is very weak, no corner vortex is
observed, and the flow appears to be two dimensional.

Traverse Results. The patterns obtained during the surface
flow visualization experiments, while providing a valuable in-
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Fig. 11 Total pressure loss coefficient contours, secondary vorticity 
contours, and secondary velocity vectors at 110 percent Cx 

Here, the separated inlet boundary layer has already rolled up 
and has largely been engulfed by the passage vortex, the center 
of which lies between the corner and the separation line S4 as 
is usually the case. In the corner between the lines S3 and R3, 
the corner vortex can also be identified by a region of high 
loss. The high-loss region to the right of the line S2s is thought 
to indicate the presence of the suction side leg of the horseshoe 
vortex. Neither the blade surface boundary layer nor the end-
wall boundary layer could be detected at this location because 
they have developed under generally favorable pressure gra­
dients and as a result, have remained very thin. 

Between 58 percent Cx and 69 percent Cx, more fluid from 
the new and the upstream endwall boundary layers has been 
swept across the passage into the passage vortex, which has 
moved toward midspan. This flow is driven by the cross-
passage pressure gradient. The corner vortex and the reattach­
ment zone between S4 and S2s have both increased in size as a 
consequence of this secondary flow. The blade surface bound­
ary layer is now visible; the rapid growth is due to the effects 
of the separation which it has just undergone (see Fig. 7). The 
new endwall boundary layer however remains undetectable. 

The middle plot of Fig. 10 was obtained at 79 percent Cx. It 
shows that the features described above grow as a result of the 
continuing secondary flow. The passage vortex, for example, 
has moved further along the suction surface away from the 
endwall. In addition, the passage vortex now appears to have 
engulfed almost all of the high-loss fluid associated with the 
incoming endwall boundary layer which has been replaced by 
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Fig. 12 Total pressure loss coefficient contours, secondary vorticity 
contours, and secondary velocity vectors at 142 percent Cx 
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Fig. 13 Near endwall total pressure loss coefficient contours 

lower loss fluid from the free stream. The flow visualization 
suggested that most of the suction side leg of the horseshoe 
vortex was absorbed into the separation bubble on the suction 
surface. Even so, some of the high-loss fluid which is thought 
to be associated with this vortex can be identified in the figure. 

At 90 percent Cx, which lies close to the reattachment line 
R5 of the suction surface separation bubble, Fig. 10 shows 
that the passage vortex has further rolled up. It contains more 
high-loss fluid and occupies approximately 15 percent of the 
span. Its core, which is identified by the loss peak, continues 
to lie close to the suction surface, unlike those sometimes ob­
served in H.P. cascades. As at all of the locations in Fig. 10, 
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Fig. 14 Wall boundary layer at cascade exit plane (midpassage) 

the highest measured loss is to be found in the reattachment 
zone between the separation lines S4 and S2s. Due to the in­
creased size of the suction surface boundary layer and/or fur­
ther spanwise mixing/migration, it is virtually impossible to 
detect the suction side leg of the horseshoe vortex. 

Just beyond the trailing edge at 102 percent Cx, Fig. 10 
shows that the secondary flows extend to at least 30 percent of 
the span. This rapid increase in the spanwise extent of the 
secondary loss region is a result of the spanwise flow which oc­
curs near the rear of the suction surface separation bubble 
(S5-R5) where it meets the secondary flow field (Figs. 5 and 7). 
The high loss region which originated between the separation 
lines S4 and S2s and the corner vortex appear to be similar in 
size. The peak value of loss in both of these regions is much 
greater than in the passage vortex. A weak remnant of the suc­
tion side leg of the horseshoe vortex can possibly be identified 
in the lowest plot of Fig. 10, and its location agrees with the 
separation line (S2s) which is known to exist up to the trailing 
edge. Like the flow visualization, this is thought to indicate 
that the suction leg of the horseshoe vortex is not fully 
dissipated by its interaction with the suction surface separa­
tion bubble, but such a conclusion is tenuous. 

Area traverses were also performed downstream of the 
cascade at 110 and 142 percent Cx using a calibrated fixed-
direction five-hole probe. Due to physical constraints, these 
traverses were only performed between 2 and 50 percent span. 
The results of these experiments are plotted in Figs. 11 and 12, 
respectively, in the form of total pressure and secondary vor­
ticity contours and secondary velocity vectors. The interval 
between the contours of the total pressure loss coefficient in 
these figures is one half of that employed in Fig. 10. The 
secondary velocities were obtained by projecting the velocity 
vectors onto a plane which was perpendicular to the mixed-out 
flow direction. The secondary vorticity was then calculated by 
finite differentiation of the measured data. Although not 
wholly reliable, this can at the least serve to indicate the 
relative magnitudes of the vorticity. 

The further development of the features noted in Fig. 10 can 
be seen by examining Fig. 11. Downstream of the cascade, the 
vortices are not confined by the blade surface. Therefore, the 
center line of the wake becomes distorted as the fluid rotates. 
At 110 percent Cx, this distortion is just noticeable in the 
stagnation pressure contours. The maximum value of vorticity 
in the passage vortex is equivalent to an angular velocity of ap­
proximately 14,000 rad/s or one half of a revolution per chord 
length in the streamwise direction. The position of peak vor­
ticity is used to identify the center of the passage vortex. It can 
be seen that this position coincides with the loss peak which 
has already been identified as the passage vortex in Fig. 10. 
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Fig. 15 Spanwise mixed-out stagnation pressure loss and pitchwise 
flow angle 

Like the results of Fig. 10, the loss contours of Fig. 11 show 
that the region which originated between the separation lines 
S4 and S2s and the corner vortex contains the fluid with the 
greatest loss. 

Apart from the passage vortex, the vorticity contours of 
Fig. 11 indicate that there is a significant region of 
counterclockwise vorticity. This elongated region has a center 
line which coincides with that of the wake. The peak vorticity 
in this region is 24 percent greater than and of opposite sign to 
the peak value of the passage vortex. It lies between the 
passage vortex and the fluid from between the separation lines 
S4 and S2s. It is unlikely that it is the suction side leg of the 
horseshoe vortex. Most probably, it is a combination of the 
trailing shed vorticity and that due to the relative skew of the 
blade surface boundary layers. A calculation along classical 
lines of the relative strengths of the passage and trailing shed 
vorticities predicts that they should be of about equal 
magnitude. It is impossible to identify the corner vortex in the 
vorticity contours, even though it is clearly visible in the loss 
measurements, as it rotates in the same sense as the trailing 
shed vorticity. This indicates that the rate of rotation within 
the corner vortex is not significant. Since the passage and trail­
ing shed vorticities are of opposite sign, the largest secondary 
velocities occur in the region between these features, where 
they reach a value equal to one third of the mean exit velocity. 

The results obtained with the five-hole cone probe at the 
most downstream traverse plane (i.e., 142 percent Cx) are 
plotted in Fig. 12. The elongated region of counterclockwise 
vorticity in Fig. 11, which contained the trailing shed vorticity 
and which presumably began as a vortex sheet, has now rolled 
up into a discrete vortex. A comparison of the loss contours of 
Fig. 12 with Fig. 11 shows that the wake has further decayed 
due to viscous action and become further distorted as the un­
bounded vortices rotate. The regions of underturning and 
overturning which are due to the presence of the passage and 
trailing shed vortices can be identified by this distortion. The 
peak vorticities of the passage and counter vortex are now 
equal with a value which is equivalent to an angular velocity of 
approximately 8000 rad/s. One other result of the rotation of 
the fluid is that the centers of the vortices have moved apart as 
fluid is drawn in between them. Their spanwise positions re­
main unchanged, however. Figure 12 also shows that the posi­
tion of peak loss within the passage vortex has remained coin­
cident with its center of rotation. A further comparison of the 
results obtained at 110 and 142 percent Cx reveals that much 
of the decay has taken place within the wake and trailing shed 
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vortex. The peak loss within the passage vortex has, for exam­
ple, remained unchanged while the overall maximum value at 
142 percent Cx is equal to 70 percent of the maximum at 110 
percent Cx. Such a variation in the rate of decay is not uncom­
mon and may be taken as an indication of the relative 
magnitudes of the turbulent and the mean transport properties 
associated with the various phenomena. 

It has already been stated that the five-hole probe was not 
traversed very close to the endwall and that the endwall 
boundary layer could not therefore be detected. The wall 
boundary layer measurements presented in Fig. 13 were thus 
obtained by traversing the flattened pitot at 142 percent Cx. 
The skew of the wake's center line shows that the amount of 
overturning is reduced very close to the endwall. This reduc­
tion is due to the presence of the corner vortex which is clearly 
identified by the high-loss region very close to the endwall. 
The flattened pitot results of Fig. 13 also show that the 
thickness of the endwall boundary layer varies across the 
pitch. The variation occurs because the fluid nearest the suc­
tion side of the wake will have originated further upstream 
than that near the pressure side. Figure 14 shows the velocity 
profile of this boundary layer at midpitch. It extends to ap­
proximately 1.5 percent span. The integral parameters are 
given in Table 4. These results confirm that the exit endwall 
boundary layer is thin (b*/C = 0.0013) with a shape factor (89 
= 2.0) which indicates that it is transitional, albeit more tur­
bulent than laminar. It should be noted that these values of the 
integral parameters are obtained relative to the local free 
stream, where the total pressure is not equal to the value at in­
let as a result of the mixing and redistribution of fluid which 
has taken place. 

The variations across the span of the pitchwise integrated 
total pressure loss coefficient, deduced from the exit traverse 
data of Figs. 10, 11, and 12, are plotted in Fig. 15. The quan­
tities shown have been obtained by a constant area mixing 
calculation at each span wise position. As the flow develops 
downstream of the cascade, there is a shift in the loss peak 
toward the midspan from 15 percent span near the trailing 
edge to 22 percent span at the most downstream traverse 
plane. This movement is caused by the convective influence of 
the passage and counter rotating vortices. The span wise varia­
tion of the pitchwise averaged tangential flow angle, measured 
using the five-hole probe, is also plotted in Fig. 15. This shows 
that the maximum amount of underturning increases as the 
flow develops. This is contrary to expectations. The increase 
occurs because the underturning effect of the passage vortex is 
enhanced by the counterrotating vortex which has formed be­
tween 110 and 142 percent Cx and which contains the trailing 
shed vorticity. In many of the H.P. turbines investigated, such 
a strong countervortex does not appear to exist. 

Figure 15 also shows that the total pressure loss coefficient 
varies continuously across the entire span at all of the 
downstream measurement planes. In particular, the loss at 
midspan is greater than the minimum value which occurs near 
45 percent span. Therefore, it is impossible to identify a region 
of genuine two-dimensional "profile" loss. The interaction of 
the secondary flow with the suction surface separation bubble 
is thought to be at least partially responsible. Other studies in 
which there was no separation bubble have produced similar 

results, but only when the aspect ratios were of the order of 
unity [18], a value which is more typical of H.P. turbines. The 
aspect ratio of this cascade is approximately 1.8. 

The total pressure loss contours of Fig. 12 have been in­
tegrated over the area of the traverse using a constant area 
mixing calculation in which the conservation equations of 
mass, momentum, and energy are employed. The results of 
this integration are presented in Table 5, together with a con­
ventional breakdown of the sources of this loss. It has already 
been noted that the "profile" loss coefficient is not constant 
in the region of the midspan. Nevertheless, this value (0.028) 
has been taken as being indicative of the two-dimensional 
value. The net secondary loss coefficient which is generally 
thought to represent the new secondary loss generated within 
the cascade is assumed to be equal to the difference between 
the total loss and the sum of the inlet and midspan values. It is 
equal to 0.025. This value does not however include the exit 
endwall boundary layer. Including those results of Fig. 13 
which were obtained with the flattened pitot between zero and 
2 percent span raises the total loss coefficient to 0.069 and the 
net secondary loss coefficient to 0.030. Table 5 also lists the 
loss of stagnation pressure which is attributed to the mixing 
calculation. At 142 percent Cx, the mixing loss accounts for 
less than 10 percent of the total. If the midspan flow were to 
exist over the entire span, then the mixing loss coefficient at­
tributable to the nonuniformity of the two-dimensional flow is 
equal to 0.0012. Thus, the mixing loss attributable to the three 
dimensionality of the flow may be said to be equal to 0.0047, 
or 18 percent of the net secondary loss. Further analysis of the 
data shows that as expected, virtually all of the mixing loss oc­
curs due to the nonuniformity of the velocity field. 

The mixed-out values of the exit flow angles and the axial 
velocity density ratio calculated from the exit traverse results 
at 142 percent Cx are also given in Table 5. These results show 
that there is no net span wise flow. The flow angle in the blade-
to-blade plane is equal to -54.1 deg, which compares 
favorably with the values listed in Table 1. The axial velocity 
density ratio is equal to 0.917 if the blockage of the inlet end-
wall boundary layers is taken into consideration, which may 
be compared to the theoretical value of 0.943. This is 
equivalent to an error in the exit flow angle of - 1.2 deg or an 
error in the inlet Mach number of 0.014. 

The area traverse results obtained at 110 percent Cx have 
also been integrated via a mixing calculation. Within the total 
loss coefficient of 0.055, the midspan value was equal to 
0.025, the net secondary value 0.018, and the mixing value 
0.007. The flow angle and axial velocity-density ratio were 
equal to the values obtained at 142 percent Cx. The above data 
have not been included in Table 5 because it is not clear 
whether the difference in the overall loss coefficient (0.055 
compared to 0.064) is due to the relative size of the probe and 
flow phenomena at 110 percent Cx or viscous effects. 

Conclusions 

The nature of the development of the secondary flows and 
losses which exist at the hub of a low-pressure turbine has been 
investigated in a linear cascade. 

It is shown that the general nature of the flow can be 

Table 5 Mixed-out traverse results (142 percent Cx), stagnation 
pressure loss coefficients, exit flow angles and mass conservation 

Inlet loss coefficient 0.0110 
Midspan ("profile") loss coefficient 0.0278 
Total loss coefficient (excluding endwall boundary layer) 0.0639 
Mixing loss coefficient (excluding endwall boundary layer) 0.0059 
Net secondary loss coefficient (excluding endwall boundary layer) 0.0251 
Total loss coefficient (including endwall boundary layer) 0.0685 
Net secondary loss coefficient (including endwall boundary layer) 0.0297 
Pitchwise exit flow angle (deg from axial) -54.1 
Spanwise exit flow angle (deg form axial) 0.2 
Axial velocity density ratio 0.917 
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described using the theories that have been applied to high-
pressure turbines. However, differences are observed in the 
detailed flow structure. In particular these differences relate to 
the formation of a vortex of significant proportions which 
contains the trailing shed vorticity, the origin of the corner 
vortex, the nature of the flow in the region between the suction 
side leg of the horseshoe vortex and the passage vortex, and 
the interaction between the closed, suction surface separation 
bubble and the endwall flow field. 

It is also found that for this test case (aspect ratio 1.8), the 
nominal profile loss and the secondary loss assume similar 
proportions. 

Although many of the flow features and their origins are 
identified, it is clear that further work is needed if the full im­
plications of secondary flows in L.P. turbines are to be 
understood. 
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Production and Development of 
Secondary Flows and Losses in 
Two Types of Straight Turbine 
Cascades: Part 1—A Stator Case 
The present study intends to give some experimental information on secondary 
flows and on the associated total pressure losses occurring within turbine cascades. 
Part 1 of the paper describes the mechanism of production and development of the 
loss caused by secondary flows in a straight stator cascade with a turning angle of 
about 65 deg. A full representation of superimposed secondary flow vectors and loss 
contours is given at fourteen serial traverse planes located throughout the cascade. 
The presentation shows the mechanism clearly. Distributions of static pressures and 
of the loss on various planes close to blade surfaces and close to an endwall surface 
are given to show the loss accumulation process over the surfaces of the cascade 
passage. Variation of mass-averaged flow angle, velocity and loss through the 
cascade, and evolution of overall loss from upstream to downstream of the cascade 
are also given. Part 2 of the paper describes the mechanism in a straight rotor 
cascade with a turning angle of about 102 deg. 

Introduction 

As reviewed by Sieverding in his recent paper [1], recent 
progress in basic secondary flow research by many workers 
has produced a fairly detailed description of the flow 
mechanisms in turbine blade passages, such as leading edge 
vortices and their associated three-dimensional separation and 
reattachment lines. The present author agrees with one of his 
conclusions, i.e., "It is absolutely essential to know whether 
each such flow mechanism occurring within the cascade is of 
only local or of overall significance, since this conditions, to a 
large extent, the choice of the appropriate endwall flow 
analysis method." Such knowledge is also important for prac­
tical use by designers in companies and by researchers in the 
field. This leads to a need for more data to estimate quan­
titatively the role of each mechanism. Experimental data 
based on detailed traverse measurements made within various 
blade rows are especially needed because the real mechanism 
could be revealed, without the necessity of trying to visualize 
the mechanism from such results as can be obtained outside 
the rows. Within the author's knowledge, such complete flow 
surveys within blade rows have been limited to the following: 
Langston et al. [2] and Gregory-Smith and Graves [3] for low-
speed straight rotor cascades, Sieverding and Wilputte [4] for 
a high-speed straight stator cascade, and Marchal and Siever­
ding [5] for both low-speed straight stator and rotor cascades. 

In addition to the above straight cascades, Sieverding et al. 
[6], Boletis et al. [7], Boletis [8], and Yamamoto and Yanagi 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 10, 1986. Paper 
No. 86-GT-184. 

[9] have presented some detailed traverse data obtained within 
annular stator cascades. 

The present paper intends to give more information on the 
secondary flow/loss mechanism, based on measurements in 
two types of turbine cascades with different turning angles. 

Test Cascade and Test Conditions 

Low-Speed Straight Turbine Stator Cascade. The blade pro­
file is the same as the mean profile of the first-stage high-
pressure turbine stator for aeroengine use [10] and is given in 
the appendix. The major specifications of the present cascade 
are as follows: 

• Blade chord C = 104.4 mm 
• Axial blade chord Cax = 81.5 mm 
9 Blade pitch S = 76.77 mm 
• Aspect ratio H/C = 0.96 
• Solidity C/S = 1 . 3 6 
9 Number of blades N = 5 
9 Cascade inlet angle (at design) 6yMa = 0 deg 
9 Cascade outlet angle (at design) dyomlsl = - 68 deg 
9 Turning angle (at design) = 68 deg 

The cascade is characterized by a large turning angle, thick 
leading and trailing edges, low aspect ratio, and low solidity. 

The suction-type cascade wind tunnel consists of two ver­
tical plates for cascade end walls, between which a cascade is 
installed. Two inlet guide plates and two outlet guide plates 
are set upstream and downstream from the cascade, respec­
tively. A part of one endwall can be moved in the pitch wise 

186/Vol.109,APRIL1987 Transactions of the ASME 
Copyright © 1987 by ASME

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Plane Z/Cax 
1 -0.25 

-0.12 

f 
II 
X 

O 

t 
1 I j 1.10 / ' N 

Wf//f///'MW////////^^^^^^ 

Y t_ 
T wimi'mmmmllmmiiMiwiliwwwimliMiiiiiwwi, 

4—15 p t s . wi th in—; 
or 21 p t s . outs ide(1.25 pi tch) cascade 

Fig. 1 Traverse measuring planes of straight stator cascade (S3 
planes) 

direction of the cascade by a pulse motor drive. On the 
movable wall, there is a radial traverse gear for moving a sen­
sor when a pulse motor drive is set. 

The stator blades were made of engineering plastic. 
Clearance between the movable wall and the blade tip was 
sealed by felt material. This can be seen in Fig. 1 in Part 2. In 
the present test of the stator cascade, two sheets of about 
5-mm-wide x 0.1-mm-thick aluminum film are attached near 
two blade tips. This was for making electric contact of the sen­
sor with the blade surface in order to stop the present 

automatic measuring system, when such contact happens dur­
ing the traverse measurements. 

Test Conditions. The fourteen measuring planes analyzed in 
the paper are shown in Fig. 1. The cascade outlet flow velocity 
far downstream of the cascade was kept constant for all 
traverse measurements. For this, a Prandtl-type total/static 
pressure probe was used. The test Reynolds number, based on 
the mass-averaged outlet velocity at the furthest downstream 
traverse plane (plane 14, Z/Cax = 1.28) and the blade chord, 
was about 2.8 x 105. 

Differences between the design and the test flow angles are 
as follows: 

Inlet flow angle 
Outlet flow angle 
Turning angle 

Design Test 

Odeg - 2 . 9 d e g ( / = 
- 6 8 deg -67 .7 deg 

68 deg 64.8 deg 

-2.9 at plane 1) 

The inlet flow conditions and the inlet endwall boundary 
layer parameters are as follows: 

Density p= 1.22 kg/m3 

Viscosity v= 1.44x 10~5 m2 /s 
VmA = 13.8 m/s 
JfnU.mid = 14.2 m/S 
F m l 4 = 38.3 m/s 
Turbulence intensity in free stream Tu! =0.5 percent 

Hub Tip 

Boundary layer thickness 59g/H 
Displacement thickness 8*/H 
Momentum thickness 8* */H 
Shape factor 5 VS** 

0.180 
0.0166 
0.0136 
1.22 

0.210 
0.0301 
0.0181 
1.66 

The above boundary layer parameters were calculated from 
the spanwise distribution of the pitchwise mass-averaged 
resultant velocity at cascade inlet plane 1 (i.e., Z/Cax = 
-0.25 in Fig. 5). 

The sensor used for traverse measurements was a cobra-type 
five-hole pitot tube, with a head size of 1.5 mm. All traverse 

N o m e n c l a t u r e 

A 
C 

CP, 
CP, 

CP,., 

H 
LE 

p 
A atm 

Ps 
P, 
TE 
V,„ 
Vs 

vz 
Y 

z 
899 

8* 

control area for calculating mass-averaged value 
cascade axial chord 
static pressure coefficient based on outlet velocity 
total pressure loss coefficient based on outlet 
velocity 
total pressure loss coefficient based on inlet 
velocity 
secondary kinetic energy coefficient = (Vs/Vml4)

2 

blade span 
blade leading edge 
atmospheric pressure 
static pressure 
total pressure 
blade trailing edge 
resultant flow velocity 
magnitude of secondary flow vector 
axial velocity 
spanwise distance from hub endwall 
axial distance from blade leading edge 
boundary layer thickness 
displacement thickness 

pH/l 

= . (1 - Vm/VmMA)dY 

8** = momentum thickness 

<HI2 

5 tin 

o ( 1 " 
* m' 'm,mid)\ * m' ^m.mid/^* •* 

A = interval of contour plot 
6y = yaw flow angle measured from cascade axial 

direction 
p = density 
<P = represents 0y, Vm, CPt, Vs, or Csk 

Subscripts 

1-14 = number of traverse measuring (S3) planes 
/ = pitchwise number of control areas in one blade 

pitch 
j = spanwise number of control areas in the whole 

span 
mid = midspan 

Superscripts 

— = pitchwise mass-averaged value 
= = overall mass-averaged value 
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-1 pitch 
Plane 12,( l.'Ol) Plane 13,( 1.10) Plane 14,( 1.28) 

Fig. 2 Development of secondary flows and total pressure losses 
before, within, and after a straight stator cascade, S3 planes, (Z/Cax) 

measurements were made under automatic control of a 
microcomputer. The mechanical resolution of the device was 
less than 0.01 mm for both spanwise and pitchwise direction 
of the cascade. All pressures were measured by individual 
transducers to save the scanning time of the pressures. Yaw 
direction of the pitot tube was kept in a constant direction dur­
ing each traverse measurement. Absolute flow directions were 
then determined by using the pressure data with a calibration 
map which was programmed on a Vax 11/750 minicomputer. 

Analysis Method 

Definition of Secondary Flow (Deviation From Flow at 
Midspan). In the present analysis for straight cascades, the 
pitchwise local flow directions at midspan were used to deter­
mine the secondary flow vectors at other spans; secondary 
flow vectors were calculated in a way that flows at other spans 

were projected onto a plane normal to the flow direction at 
midspan, which is located at the same pitchwise location as the 
calculated points. 

The secondary flow velocities Vs were normalized by the 
mass-averaged flow velocity at plane 14, i.e., VmM at 
Z/Cax= 1.28. The normalized secondary flow vectors were 
drawn by looking at them from the downstream side of the 
cascade. 

The secondary kinetic energy coefficient Csk is defined by 

Csk={Vs/VmMf and CskA=(Vs/VmAy 

Total and Static Pressure Coefficients (CPt and CPS). 
Total pressures P, were normalized in the form of total 
pressure loss coefficients by 
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Fig. 3 Static pressure distribution on various planes within a stator 
cascade 
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Fig. 4 Total pressure loss distribution on various planes within a stator 
cascade 

and 

CP,= (PMm-P,)/(0.5xpx Vl, 14) plane 14 and the mass-averaged inlet velocity at plane 1, 
respectively. 

Similarly, static pressures P, were normalized by 
CPll=(Patm-P,)/(0.5xpxV2

ml) . 
. „ • ' t . - CPs=(Ps-Patm)/(.Q.5xPxVl,M) 

wnere=Patm is the atmospheric pressure and p is density. VmM 
a n d Kn,i are the mass-averaged cascade outlet velocity at Pitchwise-Averaged Yaw Flow Angle, Velocity, Total 
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Fig. 5 Spanwise distribution of pitchwise-averaged yaw flow angle, 
resultant velocity, and total pressure loss coefficient 

0.20 

Pressure Loss Coefficient, and Overall Loss. The averaging 
method adopted is that of mass averaging. In each small con­
trol area (Ay) formed by four neighboring measuring points, 
the values at the four points of yaw flow angle (dyij), resultant 
velocity (V„hij), total pressure loss coefficient (CP,JJ), axial 
velocity (Vzij), and secondary flow velocity (Vsjj) were 
arithmetically averaged individually. In the region near the 
blade surfaces and the endwalls, the values on the surfaces and 
on the walls (i.e., boundary values) were estimated with a 
linear extrapolation of experimental data, and the same 
averaging procedure was applied to each control area in the 
region by using four values: two measured data and two 
estimated boundary values. Then, pitchwise mass-averaged 
values ($) and overall mass-averaged values (<p) were 
calculated by 

^ = D ( v x ^ x K , ) , v / D u x ^ ) ; 

£=£D(^XFZ)JX;X;MXK,) 

and 

where <p represents By, Vm, CP,, Vs, or Csk ( = Vs
2/VmM

2). 

SI, S2, and S3 Planes. Similarly to Wu's definition [11], 
SI and S2 surfaces for cascade flow analysis, and an addi­
tional plane S3, were defined as follows (see also the sketch in 
Fig. 3): SI planes are blade-to-blade surfaces parallel to the 
cascade endwalls; S2 surfaces are meridional surfaces roughly 
parallel to the blade surfaces; and S3 planes are orthogonal 
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channel surfaces which are parallel to the cascade pitchwise 
direction. S3 planes correspond exactly to the traverse measur­
ing planes shown in Fig. 1. 

Contour plots on an SI (blade-to-blade) plane and on two 
S2 planes near both blade surfaces are obtained by using the 
data on S3 (traverse) planes. 

Experimental Results and Discussion 

Secondary Flows and Total Pressure Losses at Traverse 
Planes (S3 Planes, Fig. 2). Figure 2 shows a general view of 
production and development of secondary flows and the 
associated losses within the present cascade. Due to the special 
treatment made near the blade tips, as mentioned previously, 
and due to the different boundary layer development on the 
cascade inlet endwalls, as shown at plane 1 of Figs. 2 and 5, 
the flow fields are not completely symmetric against the 
midspan line of the passage. The following discussion will be 
made mostly on flows at the hub-side half of the passage. 

The flows at planes 3-6 show a weak vortex rotating in the 
counterclockwise direction at the suction surface (SS)/hub 
endwall corner. This vortex (countervortex) corresponds to 
the suction-side leg of the leading-edge horseshoe vortex 
formed on the endwall. Marchal and Sieverding [5] measured 
this countervortex at the upstream inlet plane and at about 
Z/Cax = 0.15 of their straight stator cascade. The position of 
the vortex in the present case seems to remain at the corner up 
to Z/Cax = 0.37, i.e., plane 6. The vortex does not seem to af­
fect loss distribution very much. The vortex tends to shift the 
loss contour toward the endwall. It has almost disappeared at 
plane 6, while the passage vortex becomes clear near the end-
wall. On the other hand, it was difficult to recognize the 
pressure-side leg of the horseshoe vortex which should exist 
near the pressure surface (PS)/'endwall corner of the leading 
edge. The secondary flow vectors at the corner show weak 
flows moving toward the endwalls along the PS. The flows, 
then, turn around the endwall corner and pass the endwall 
from the pressure side to the suction side. The flows finally 
collide with the countervortex near the SS/endwall corner. 

The endwall (secondary) flows moving toward the suction 
side at plane 3 change their flow direction to the pressure side 
on a part of the endwalls at planes 4 and 5. This part of the 
endwall may correspond to the reverse flow region located at 
the pressure side of the leading edge. This region can be seen in 
Langston's flow visualization [2] and in Hah's analysis [12] of 
endwall boundary layer flows. This would be due to flow 
separation at the leading-edge/PS corner. 

Two passage vortices near both endwalls grow up as they 
pass further downstream from planes 6-11 within the cascade. 
The rotational motion of the vortices pushes low-energy fluids 
of the endwall boundary layers toward the suction side. 
Similarly to the results obtained by Langston et al. [2], Mar­
chal and Sieverding [5], and Gregory-Smith and Graves [3], 
the figures from planes 9-11 show that the passage vortices 
roll up the low-energy fluids onto the SS and that they 
generate high-loss cores there, while they make the loss region 
near the pressure surface/endwall corners thinner. 

Downstream the cascade from planes 12-14, the strength of 
rolling-up of the passage vortices increases once in the wake at 
plane 12 and decreases further downstream. The wake width 
gets wider and the loss values in the loss cores decrease, due to 
fluid mixing between the low-energy fluids in the wake and the 
high-energy fluids outside the wake. This mixing causes addi­
tional loss which will be seen later on the mass-averaged 
overall loss shown in Fig. 6. An experimental analysis on this 
downstream mixing has recently been given by Moore and 
Adhye [13], who show that the sum of the mass-averaged total 
pressure loss coefficient and the kinetic-energy coefficient of 
secondary flow remains almost constant in their case. This 

O CPt,CPt,1(Overall) 
A gPt ,CPt,1(At Mid-span) 
D Csk,Csk,1(Overall) 

~o~\i 

a m 

-Q—Qf 

c h n a 

© c 

n c Q m [ ] m 

-0 .5 o.o 1.0 1.5 0.5 

Z/Cax 
Fig. 6 Evolution of mass-averaged total pressure loss (straight stator 
cascade) 

means that the increase of overall CP, downstream of the 
cascade results mainly from the decay of the secondary flows. 

The regions where the secondary flows dominate are 
restricted only within about 1/4 span from the endwalls in the 
present stator cascade with about 65-deg turning, and passage 
vortices of this rather flat form are similar to those obtained 
by Gregory-Smith and Graves [3] for a straight rotor cascade 
with 110-deg turning. It is noteworthy that the distance of the 
passage vortex center from the endwall is always constant 
through this stator cascade. 

Static Pressure Distribution on SI, S2, and S3 Planes 
Within Stator Cascade (Fig. 3). The two SI (blade-to-blade) 
planes shown in Fig. 3 correspond to the planes located apart 
from the hub endwall by 1.49 and 50 percent of the span 
height. On the other hand, the two S2 surfaces are not located 
at constant distances from each blade surface and may be seen 
as the lines connecting all edges at the SS side or the PS side of 
the contours on SI and/or S3 planes in Fig. 3. 

Comparison of solid lines and dashed lines on the SI plane 
plane indicates that the blade-to-blade static pressure distribu­
tion at midspan differs from that near the endwall, due to the 
endwall shear flows. The differences can be found especially 
in the regions near the PS side of the upstream region and near 
the SS side of the downstream region within the cascade. 
Departure of the point of minimum static pressure from the 
SS was discussed by Langston et al. [2] based on their endwall 
static pressure data in a straight rotor cascade. The present 
results on the two SI planes show that the points are always 
located apart from the SS not only on the endwall but also at 
midspan. 

Static pressures over the PS are fairly uniform along the 
span except near endwall corners, as seen from the result on a 
S2 plane near the PS. The pressures over the SS, however, are 
fairly nonuniform, especially near endwalls downstream from 
the passage throat. This was caused by the two passage 
vortices. 

The contours of CPS at the three S3 planes show the change 
of the static pressures within the cascade; up to plane 7 
(Z/Cax = 0.49), no significant disturbance occurred. 

Total Pressure Loss Distribution on SI, S2, and S3 Planes 
Within Stator Cascade (Fig. 4). The loss distribution on the 
SI plane near the hub endwall reveals two peaks; one is 
located at the inlet region and the other is located in the flow 
deceleration region near the SS just downstream from the 
throat. The former may be located in the low-energy region 
along the pressure side separation line(s) shown by Sjolander 
[14] and by Marchal and Sieverding [5]. The latter location 
corresponds roughly to the minimum pressure point near the 
endwall, as seen previously. It may be interesting to note that 
there is a corner region along the SS (indicated by CP, = 0.06) 
where CP, is lower than in the neighboring region. The region 
extends up to Z/Cax = 0.37 (plane 6). This corresponds to the 
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plane where the suction-side leg of the leading-edge horseshoe 
vortex almost disappeared. 

The loss distribution on the S2 plane near the PS shows that 
high-loss regions are restricted only to PS/endwall corners 
near the leading edge. The other distribution on S2 near the 
SS, however, shows that low-energy fluids gradually cover the 
surface from the endwall side toward midspan. Then the low-
energy fluids rapidly cover the deceleration flow region 
downstream of the throat. 

The results given at various S3 planes show the migration of 
endwall low-energy fluids from the pressure side to the suction 
side. We note especially the movement of the maximum loss 
values along the walls. Except for the high-loss core on the tip 
endwall, there exist three local peaks on the SS near the trail­
ing edge, as seen at the S3 plane 11 (Z/Cax = 0.92) and at the 
S2 plane near the SS. Two of these were produced by the in­
teraction of the passage vortices with the SS near the endwalls. 
The other, at midspan, may be produced by the suction-
surface boundary layer fluids plus some of the low-energy 
fluids transported from both loss cores. 

Spanwise Distribution of Pitchwise Mass-Averaged Yaw 
Angle, Velocity, and Loss Through Stator Cascade (Fig. 
5). Figure 5 shows, from the yaw angle variation, that the ac­
tual turning angle in the present test is about 65 deg. The in­
cidence is —2.9 deg. The yaw angle at plane 4 (Z/Cax = 0.12, 
just downstream from the cascade inlet plane) shows very 
large variation close to the endwalls. This was probably caused 
by endwall separation near the PS, as was seen in Fig. 2. All 
the yaw angle curves from planes 6-14 show typical shapes of 
yaw distribution under the effect of secondary flows (passage 
vortices); i.e., the curves have two underturning parts and two 
overturning parts near the endwalls compared to the angle at 
midspan. 

The velocity distribution of Fig. 5 shows fairly large ac­
celeration of the cascade flow and the change of the boundary 
layer profiles through the cascade. The ratio of acceleration 
(VmyU/Vml) is about 2.78. The inlet boundary layer thickness 
is about 0.2 of the span height. Effects of the passage vortices 
on the velocity curves appear especially at planes 11-14; 
velocity defects at planes 13 and 14 occur at about 0.18 x span 
height from both endwalls. 

CP, increased rapidly at plane 12 which is located just 
downstream from the cascade (Z/CaA. = 1.01). The value in­
cludes the wake loss. Downstream from the cascade (see 
planes 12-14), the rate of the increase goes down. The local 
peaks of CP, at planes 12, 13, and 14 close to the endwalls cor­
respond to the high-loss cores. Apparently they are caused by 
the passage vortices. 

Evolution of Overall Total Pressure Loss Through the 
Stator Cascade (Fig. 6). Figure 6 presents an evolution of 
overall total pressure loss and of the loss obtained at the 
midspan location. The latter might correspond roughly to the 
cascade profile loss if loss migration from the endwall to 
midspan were small. The difference between the overall loss 
and the midspan value may be considered to be roughly equal 
to the secondary loss, including the endwall boundary layer 
loss. 

The loss in the present cascade shows little growth up to 
about Z/Cax = 0.74 (plane 9) but rapidly increases from there 
to the trailing edge. Plane 9 corresponds to a plane at which 
the rolling-up of the low-energy fluids onto the SS starts. 

The secondary kinetic energy coefficients are also included 
in the same figure and they grow a little at the cascade inlet 
and between Z/Cax = 0.5 and Z/Cax = 1.0. 

Downstream from the cascade, the growth rates of both 
overall loss and midspan loss decrease. The value of the 
secondary kinetic energy also decreases. 

Conclusions 

The present study gave fairly detailed experimental data of 
secondary flows and losses in a straight stator cascade in order 
to estimate the loss mechanism quantitatively. A weak 
countervortex, the suction-side leg of the leading-edge 
horseshoe vortex, appeared at the suction surface/endwall 
corner in the upstream region of the present cascade but had 
no significant effects on the loss value. There was a high-loss 
region on the endwall near the pressure side of the cascade in­
let region within the cascade, probably caused by the pressure-
side leg of the leading-edge horseshoe vortex. This also did not 
affect the overall loss to any recognizable extent. Most of the 
loss produced within the cascade was due to the interaction of 
passage vortices with the suction surface downstream from the 
cascade throat. 
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where DL, DT, and Dmax represent diameters of blade leading-
edge, trailing-edge, and blade maximum thickness, and chord 
represents blade chord length. The coordinate points were 
connected smoothly to make the blade profile. 
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Production and Development of 
Secondary Flows and Losses in 
Two Types of Straight Turbine 
Cascades: Part 2—A Rotor Case 
Part 1 of this paper [1] presents the detailed mechanism of secondary flows and the 
associated losses occurring within a straight stator cascade with a relatively low turn­
ing angle of about 65 deg. The significant contribution of secondary flows on the 
loss production process was shown only near the blade suction surface downstream 
from the cascade throat (Z/Cax =0.74) in which regional flows decelerated due to 
adverse pressure gradient. In the second part, the same experimental analysis is ap­
plied to a straight rotor cascade with a much larger turning angle of 102 deg. Flow 
surveys were made at 12 traverse planes located throughout the rotor cascade. The 
larger turning results in a similar but much stronger contribution of the secondary 
flows to the loss developing mechanism. Evolution of overall loss starts quite early 
within the cascade, and the rate of the loss growth is much larger in the rotor case 
than in the stator case. 

Introduction 

As clearly shown by Smith [2] in his experimental correla­
tion between stage loading coefficients, flow coefficients, and 
turbine efficiencies based on a number of experimental data of 
real turbines, the level of turbine efficiencies depends strongly 
on the loading coefficients; the efficiency tends to decrease 
with increase of the loading. The cascade turning angle is 
related to the blade loading and is one of the main factors af­
fecting the loss developing mechanism. 

In this part of the paper, mechanisms occurring within a 
straight rotor cascade with a larger turning angle than that in 
Part 1 will be made clear. 

Test Cascade and Test Conditions 

Most of the test facility is the same as described in Part 1 
and only major differences are given here. 

Low-Speed Straight Turbine Rotor Cascade. The blade 
profile is the same as the mean profile of the first-stage high-
pressure turbine rotor for aeroengine use [3] and is given in the 
appendix. The major specifications of the cascade are as 
follows: 
• Blade chord C=73.5 mm 
• Axial blade chord Cax = 72.6 mm 
• Blade pitch 5 = 61.42 mm 
• Aspect ratio H/C= 1.37 
• Solidity C/S= 1.20 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Dusseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 10, 1986. Paper 
No. 86-GT-185. 

• Number of blades N = 6 
• Cascade inlet angle (at design) 07]inlet = 49.8 deg 
• Cascade outlet angle (at design) ^o u t l e t = -63 .5 deg 
9 Cascade turning angle (at design) = 113.3 deg 

The cascade is characterized by thick leading and trailing 
edges, low aspect ratio and low solidity for air cooling, and by 
a large turning angle for large loading. The present rotor 
blades were made of aluminum by a wire-cutting manufactur­
ing method. The test cascade is shown in Fig. 1. In the present 
case of the rotor cascade, two sheets of about 12-mm-wide x 
0.1-mm-thick aluminum film are attached to the blade sur­
faces near the tip. The purpose is the same as described in Part 
1. 

Test Conditions. Twelve measuring planes analyzed in the 
paper are shown in Fig. 2. The test Reynolds number, based 
on the mass-averaged outlet velocity at the furthest 
downstream traverse plane (plane 12, Z/Cax = 1.23) and the 
blade chord, was about 1.8 x 105. The turbulence intensity of 
the inlet free stream obtained at plane 1 was about 0.5 percent. 

In the present test, differences between the design and the 
test flow angles are as follows: 

Design Test 
Inlet flow angle 
Outlet flow angle 
Turning angle 

43.6 deg 40.1 deg (/ = 
-63.5 deg -61.7 deg 
107.1 deg 101.8 deg 

-9.7 deg at plane 1) 

The inlet flow conditions and the inlet endwall boundary 
layer parameters are as follows: 

Density p = 1.22 kg/m3 
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Fig. 1 Test cascade (rotor case)

Hub Tip

Viscosity p= 1.44 X 10- 5 m 2/s

Vm,l =23.9 m/s

Vm,l,mid = 24,6 m/s

Vm ,12=35,3 m/s

Turbulence intensity in free stream TU I = 0.5 percent

Boundary layer
thickness 099/H 0.117 0.105

Displacement
thickness 0* / H 0.0132 0.0266

Momentum
thickness 0**/ H 0.0094 0.0152

Shape factor 0* /0* * 1.41 1.75

The above boundary layer parameters were calculated from
the spanwise distribution of the pitchwise mass-averaged
resultant velocity at the cascade inlet plane 1 (Le.,
ZICax = - 0.26 in Fig. 6).

Fig. 2 Traverse measuring planes of straight rotor cascade (53 planes)

looking at them from the downstream side of the cascade. The
secondary kinetic energy coefficients Csk are calculated by

Csk =(VJVm ,12)2 and Csk,l =(VsIVm ,I)2

Total pressures P t were normalized in the form of total
pressure loss coefficients by

CPt = (Palm - P t)/(0.5 X p X r!;n,12)

and

Analysis Method

Secondary flow vectors Vs were obtained in the manner
given in Part 1. The secondary flow velocities Vs were nor­
Itlalized by the mass-averaged flow velocity at plane 12, i.e.,
Vm ,l2 at ZICax = 1.23. The normalized vectors were drawn by

CPt,l = (Palm - P t)/(0.5 X p X ~"l)

where=Palm is the atmospheric pressure and p is density. Vm ,12
and Vm,l are the mass-averaged cascade outlet velocity at
plane 12 and the mass-averaged inlet velocity at plane 1.

Similarly, static pressure Ps is normalized by

CPs = (Ps -Palm )/(0.5xpx r!;n,12)

____ Nomenclature

Subscripts

1-12 = number of traverse measuring (S3) planes
mid = midspan

Superscripts
pitchwise mass-averaged value
overall mass-averaged value

Csk
H

LE
Palm

Ps
Pt
PS
SS
TE
Vm
Vs
Vz
Y
Z

099

cascade axial chord
static pressure coefficient based on outlet velocity
total pressure loss coefficient based on outlet
velocity
total pressure loss coefficient based on inlet
velocity
secondary kinetic energy coefficient = (VJ Vm,12)2

blade span
blade leading edge
atmospheric pressure
static pressure
total pressure
blade pressure surface
blade suction surface
blade trailing edge
resultant flow velocity
magnitude of secondary flow vector
axial velocity
spanwise distance from hub endwall
axial distance from blade leading edge
boundary layer thickness

o'

0"

p

displacement thickness

j
HI2

= (1- VmlVmmid)dYo '

momentum thickness

J
HI2

= (1- VmlV,n mid)(VmlVmmid)dYo ' ,

interval of contour plot
yaw flow angle measured from cascade axial
direction
density
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Fig. 3 Development of secondary flows and total pressure losses 
before, within, and after a straight rotor cascade, S3 planes, (Z/Cax) 

0.3 

Plane 12,( 1.23) 

The mass-averaging procedure for yaw flow angle, resultant 
velocity, and loss coefficient is given in Part 1. The definitions 
of SI, S2, and S3 planes are also given in Part 1 and a sketch 
of them is given in Fig. 4 of the present paper. 

Experimental Results and Discussion 

Secondary Flows and Total Pressure Losses at Traverse 
Planes (S3 Planes, Fig. 3). Figure 3 represents a process of 
production and development of secondary flows and the 
associated losses through the cascade. Note that the scale of 
the secondary flow vector adopted in this figure is shortened 
to half the scale adopted in Part 1, since the magnitudes of 
secondary flows are generally too large to plot without confus­
ing the vectors with the contours of CP, • 

In the present case with larger turning, the loss production 
mechanism due to secondary flows is essentially the same as 
that seen in Part 1, except for the following: The counter-
vortex at the suction surface (SS)/endwall corner can be clear­
ly seen only at plane 3 (Z/Cax = 0.0) which corresponds only to 
the cascade inlet plane. Gregory-Smith and Graves [4] 
measured this vortex also at Z/Co x = 0.03 of their straight 
rotor cascade. In the following discussion, a number included 
in a bracket following a plane number represents the value of 
Z/Cax, i.e., normalized axial distance from the blade leading 
edge. The vortex has almost disappeared at the next 
downstream plane, plane 4 (0.14). Passage vortices have 
already developed fully at plane 5 (0.31). Rolling-up of low-
energy fluids onto the SS has started at plane 7 (0.55) which is 
still located upstream of the cascade throat. The passage vor-
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Fig. 4 Static pressure distribution on various planes within a rotor 
cascade 

S3 Plane 10,(1.00) S3 Plane 8,(0.71) S3 Plane 7,(0.55) S3 Plane 5,(0.31) S3 Plane 3,(0.00) 

Fig. 5 Total pressure loss distribution on various planes within a rotor 
cascade 

tices are very strong and they concentrate low-energy fluids in 
very thin loss cores on the SS, as seen typically at plane 8 
(0.71). The spanwise flows of the low-energy fluids coming 
from both endwalls meet together at plane 9 (0.85). They 
rapidly increase the thickness of the high-loss region on the SS 
after the meeting, as seen at plane 10 (1.00). It should be noted 
that the secondary flow vectors at plane 7 show very smooth 
circulation and are not disturbed even at the SS/endwall cor­
ner, while those at planes 6 and 8 show irregular vector plots. 
This will be discussed later on the loss distribution near the 
endwalls. 

Downstream from the cascade, i.e., at planes 11 and 12, the 
strong rolling-up of the passage vortices promotes the fluid 
mixing and energizes the wake flow especially from the end-
wall sides. These downstream vector plots represent quite 

similar patterns of secondary flow field shown in Fig. 2 of 
Sieverding's paper [5], which figure was cited from Arm­
strong's paper [6]; the figure presents blade shed circulation in 
addition to passage vortex, as shown here. 

The distance of the passage vortex center from the endwall 
is constant only up to plane 9 (0.85) and increases at the 
downstream planes in the present rotor cascade, while the 
distance was always constant in the stator cascade. 

Static Pressure Distribution on SI, S2, and S3 Planes (Fig. 
4). The two SI (blade-to-blade) planes shown in Fig. 4 cor­
respond to the planes located apart from the hub endwall by 
1.49 and 50 percent of the span height. The difference between 
the two static pressure distributions on these two SI planes is 
more significant in the present rotor case than in the stator 
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Fig. 6 Spanwise distribution of pitchwise-averaged yaw flow angle, 
resultant velocity, and total pressure loss coefficient 
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case. The minimum pressure points on both planes are located 
apart from the SS in the present cascade, too. The distance 
between these two minimum pressure points is larger in the 
present case. The point on the midspan SI plane is located far­
ther upstream and closer to the SS than that on the SI plane 
near the end wall. 

The static pressure contours on the S2 surface near the PS 
reveal a fairly large deceleration region located between the 
leading edge and the half axial chord. Especially at the 
.PS/endwall corners near the leading edge, the rate of flow 
deceleration is large. As already seen in Fig. 3, the inlet flows 
near the corners were moving toward the endwalls. Similar 
corner flows in the regions may be found in Fig. 20 of 
Gregory-Smith and Graves [4] of their measurements by a 
pitot tube, and also in Fig. 5(g) of Marchal and Sieverding [7] 
of pressure surface flow visualization of their rotor cascade. 

Static pressure contours on the S2 surface near the SS reveal 
that there is a fairly large region with almost constant pressure 
and with adverse pressure gradient (flow deceleration) be­
tween 1/3 axial chord and the trailing edge. Near both endwall 
corners in this region, strong effects on the pressure field due 
to the passage vortices can be seen. 

Three figures obtained at S3 planes show the effects on the 
pressure field within the cascade. Significant effects start to 
appear at plane 8 (0.71). 

Total Pressure Distribution on SI, S2, and S3 Planes Within 
the Rotor Cascade (Fig. 5). The loss distribution on the SI 
(blade-to-blade) plane near the hub endwall has two local 
maximum peaks in the present case too as seen in Part 1. The 
locations of the peaks, however, are different from those in 
the stator case; one is located farther inside the cascade. The 
peak loss value is very large. The other is located near the SS 
(not on the SS as in Part 1) just at the cascade throat. These 
endwall loss contours may relate to endwall shear stress con­
tours. Gaugler and Russel [8], for example, give a figure of 
endwall shear stress contours within a straight turbine stator 
cascade with a turning angle of 72 deg; the shear stress con­
tours were obtained by manually sketching the contours of 
constant relative motion of a number of oil drops taken by 
movie camera. Their result also presents two local maximum 
peaks within the cascade; one is located at about 1/2 axial 
chord from the cascade inlet (i.e., a little closer to the SS than 
one of the present loss peaks), and the other is located on the 
55 downstream from the throat in their case. Further detailed 
comparison, however, cannot be made at present. The figure 
also indicates that the SS/endwall corner along the SS is 
dominated by lower loss compared to the neighboring region. 

Contours of CP, on the S2 plane near the PS show higher 
loss near the PS in the rotor case than in the stator case. This is 
due to the flow deceleration over the PS as was seen in Fig. 4. 
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Fig. 7 Evolution of mass-averaged total pressure loss (straight rotor 
cascade) 

The largest loss values near the PS can be found at the leading-
edge/endwall corners where the flows were much decelerated 
and were moving toward the endwalls. Another S2 contour 
plot obtained near the SS indicates significant accumulation of 
low-energy fluids over a large area of the SS downstream from 
the throat. A large part of the loss is apparently produced in 
the flow deceleration regions where the directions of both 
pressure force and shear force are opposite each other. 

Contour plots at several S3 planes clearly show the migra­
tion process of the cascade inlet boundary layers onto the SS. 
We note especially the movement of the maximum loss values 
along the endwalls. It is noteworthy that the maximum losses 
on the endwalls decrease once at plane 7 (0.55) and increase 
again at plane 8 (0.71). This can be seen also on the SI plane 
previously discussed. The decrease at plane 7 coincides with 
the disappearance of irregular vector plots of the passage vor­
tices at the SS/endwall corner, as was seen in Fig. 3. 

Spanwise Distribution of Pitchwise Mass-Averaged Yaw 
Angle, Velocity, and Loss Through the Rotor Cascade (Fig. 
6). The difference between the two yaw angles at plane 1 and 
at plane 12 indicates that the mass-averaged turning angle in 
the present test is about 102 deg. 

Every curve of yaw angle distribution downstream from 
plane 5 has two local maximum values (underturning com­
pared to the midspan flow direction), two minimum values 
(overturning), and two increased values near the endwalls. The 
first two and the second two values result from the effects of 
the passage vortices. The increased values near the walls are 
probably caused by the wall shear stresses which draw back 
the overturning flows in the underturning direction. The shear 
forces may generate corner vortices at the SS/endwall corner. 
Sieverding [5] describes that this kind of underturning shows 
the existence of corner vortex in the corner. The present plots 
of secondary flow vectors shown in Fig. 3, however, did not 
represent any clear circulation of flows near the endwalls, 
although clear underturning of the flows could be detected in 
the mass-averaged values. A more detailed survey of the flow 
near the end wall is needed. 

The figure of the resultant velocity shows that the mass-
averaged acceleration ratio (i.e., Vml2/Vmj) is about 1.48, 
which indicates lower acceleration compared to the value of 
2.78 of the stator. The thickness of the inlet boundary layer is 
about 0.11 of the cascade span height. Flows from plane 9 
(0.85) to plane 11 (1.12) decelerate. 

The loss curves in Fig. 6 show the spanwise and stream wise 
development of the pitchwise mass-averaged loss through the 
cascade. The losses increase first near the endwall regions and 

finally along the whole span. Downstream from the cascade, 
i.e., planes 11 and 12, the rate of the loss growth decreases. 

Evolution of Overall Total Pressure Loss Through Rotor 
Cascade (Fig. 7). In the present rotor case with a large turn­
ing angle, the curve of mass-averaged overall loss, as shown in 
Fig. 7, starts to increase at Z/Cax = 0.25 near the cascade inlet. 
The loss grows steadily toward the downstream of the cascade, 
Z / C „ = 1.23. 

The mass-averaged loss at midspan also increases in parallel 
with the overall loss. The difference between the two loss 
values corresponds approximately to the secondary loss in­
cluding the loss due to the endwall boundary layers within the 
cascade. Downstream from the trailing edge, the midspan loss 
increases more rapidly beyond the overall loss. This is because 
the migration of the low-energy fluids reaches the midspan of 
the wake due to the fluid mixing caused by the strong second­
ary flows (passage vortices). 

The secondary kinetic energy coefficient starts to increase at 
the cascade inlet and rapidly increases from Z/Cax = 0.25 up to 
the trailing-edge plane (Z/Cax= 1.0). The coefficient, 
however, falls abruptly downstream of the cascade. 

Among the experimental results on the overall loss evolu­
tion reported so far, Langston et al. [9] and Gregory-Smith 
and Graves [4] indicated steady growth of the overall loss up 
to about Z/Cax = 0.9 and then rapid growth downstream from 
there in their rotor cascades. Sieverding [5] showed no growth 
up to about Z/Cax = 0.4 for an impulse rotor cascade and up 
to about Z/Cax = 0.7 for both of their rotor and stator 
cascades. In the theoretical approach on the loss growth, Hah 
[10] predicted quite an early start of the loss growth, roughly 
located between Z/Cax = 0.2 and 0.4, by full Navier-Stokes 
equations with an algebraic Reynolds stress model for 
Langston's straight rotor cascade [9], while Moore and Moore 
[11] predicted slower loss growth by a fully elliptic 
Navier-Stokes code with the Prandtl mixing-length turbulence 
model and with an elliptic pressure correction for the same 
cascade. The latter could predict the loss development of 
Langston et al. [9] better than the former. The tendency of the 
present result of CP, is similar to Hah's predicted result 
although the present cascade geometry is different from that 
dealt with by Hah. The overall behavior of the present ex­
perimental Csk is very similar to that predicted by Moore and 
Moore. 

Conclusions 

The present study gave fairly detailed quantitative data on 
the secondary flow/loss mechanism in a straight rotor cascade 
with a larger turning angle than that of the stator cascade 
described in Part 1. As expected, the present cascade caused 
more significant loss {CP, based on the outlet velocity) due to 
the stronger secondary flows occurring within the rotor 
cascade than within the stator cascade. The passage vortices, 
which were again the most important in the loss production 
process, started to grow at an early stage within the cascade. 
Larger turning of flow in the rotor cascade produced higher 
loss levels near the endwalls and near the blade surfaces. These 
lead to a rapid and steady growth of the overall loss from a 
near-inlet plane to the outlet plane of the cascade. 
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Blade Profile Coordinates 

Ys (mm) 

DL 
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-^max 
18.906 
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5 
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7 
8 
9 

10 
11 
12 
13 
14 
15 
16 
17 
18 

0.000 
4.083 
8.167 

12.250 
16.333 
20.417 
24.500 
28.583 
32.667 
36.750 
40.833 
44.917 
49.000 
53.083 
57.167 
61.250 
65.333 
69.417 

< XL , YL ) 
(2.654, -3 .063) 

v •/* max » •* max / 
(29.808, -18.171) 

0.000 
0.817 

-2.001 
-4.614 
-6.533 
-7.963 
-8.657 
-8.657 
-8.085 
-6.860 
-4.900 
-2.654 

0.531 
4.288 
8.698 

13.271 
18.171 

-
DT 

4.083 

chord 
73.5 

-6.329 
-12.250 
-17.354 
-21.438 
-24.500 
-26.338 
-27.563 
-27.767 
-27.358 
-26.133 
-24.214 
-21.233 
-18.171 
-13.067 

-7.350 
-0.408 

7.146 
15.108 

( *T . YT ) 
(69.090, 19.396) 

where DL, DT, and -Dm a x represent diameters of blade leading edge, 
trailing edge, and blade max imum thickness, and chord represents 
blade chord length. The coordinate points were connected smoothly to 
make the blade profile. 
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The Off-Design Performance of a 
Low-Pressure Turbine Cascade 
The ability of a given blade profile to operate over a wide range of conditions is 
often of the utmost importance. This paper reports the off-design performance of a 
low-pressure turbine rotor root section in a linear cascade. Data were obtained using 
pneumatic probes and surface flow visualization. The effects of incidence (+9, 0, 
-20deg), Reynolds (1.5, 2.9, 6.0 x 105), pitch-chord ratio (0.46, 0.56, 0.69), and 
inlet boundary layer thickness (0.011, 0.022 5*/C) are discussed. Particular atten­
tion is paid to the three dimensionality of the flow field. Significant differences in 
the detail of the flow occur over the range of operating conditions investigated. It is 
found that the production of new secondary loss is greatest at lower Reynolds 
numbers, positive incidence, and the higher pitch-chord ratios. 

Introduction 
During the preliminary design or redesign of an axial flow 

turbine, various methods of performance estimation (e.g., 
[1-4]) are employed. These or similar methods are inevitably 
based upon correlations and it is therefore recognized that 
they cannot replace either more detailed design methods or 
test data. Nevertheless, they are often used to investigate the 
directions that future aerodynamic developments should take 
and it is under such circumstances that correlations of this 
kind are least reliable. Indeed, as it should be, it is often stated 
by authors that their methods are only applicable to turbines 
which contain "well-behaved" blades. 

In the case of low-pressure turbines, it can be difficult to ar­
rive at a design which will contain such profiles. Near the rotor 
hub, for example, the common desire to produce a uniform 
work distribution can lead to a root section with relatively lit­
tle overall expansion. A companion paper [5] describes a 
detailed cascade investigation of the three-dimensional perfor­
mance of such a profile when operating at its design condition. 
In a turbine, a profile will operate over a large range of condi­
tions, yet there are very few data available from such turbines 
concerning the primary and particularly the secondary flow. 

This paper presents a study of the off-design performance 
of a low-pressure turbine rotor root section in cascade. Par­
ticular attention is given to the three-dimensional aspects of 
the flow. The effects of incidence, Reynolds number, inlet 
boundary layer thickness, and pitch-chord ratio are described. 

Experimental Apparatus 
The experimental results were obtained in the Transonic 

Cascade Facility of the Whittle Laboratory, Cambridge. This 
is a closed-circuit tunnel in which the Mach number (M2S < 
1.4) and the Reynolds number (0.3 x 105 < Re2S < 20 x 105) 
can be varied independently. 

The cascade consisted of six blades which exhausted into a 

large plenum chamber. The rotor root section is shown 
schematically in Fig. 1. It was designed to operate at an inlet 
angle of 38.8 deg and an exit angle of approximately 54 deg 
from the axial direction at an exit Mach number of 0.7 and a 
chord-based exit Reynolds number of 2.9 x 105. The cascade 
was also designed to accommodate the effects of stream tube 
height variation by specifying a 6 percent flare of the blade 
span with a linear variation in aspect ratio between the inlet 
and exit planes of the cascade. Further details can be found in 
Table 1 and [5]. 

The middle passage of the cascade was instrumented with 
static pressure tappings at midspan. Inlet static pressure tap­
pings were located 0.86 Cx upstream of the leading edge plane. 
A pitot was placed at the same position. The inlet stagnation 
temperature (15-35°C) was measured using a thermocouple 
which was placed within the ducting upstream of the working 
section. 

exit traverse plane 

" 1 
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- - ^ 

/\s.t? 

Inlet traverse 
f plane 
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Fig. 1 Cascade: side view of a single passage 
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Two further probes have been employed during the current 
investigation. The first consisted of a fixed-direction five-hole 
60 deg conical probe with an overall diameter of 2 mm. This 
was used to traverse the cascade exit flow at 142 percent Cx. 
The second probe was a flattened pitot (0.14 x 1.16 mm) 
which was used to traverse the inlet endwall boundary layer at 
- 8 6 percent Cx. The facility is provided with a fully 
automated computer-controlled data acquisition system. The 
estimated maximum experimental inaccuracies associated with 
the various measurements and cascade settings are given in 
Table 2. 

Visualizations of the surface flows were obtained using a 
mixture of fluorescent powder and silicone oil. The mixture 
was applied to the surfaces prior to the passage of air through 
the cascade. The viscosity of the mixture and the duration of 
the experiments were such that the patterns were unaffected by 
the starting and stopping of the tunnel. 

Results and Discussion 

The three-dimensional aerodynamic performance of the 
cascade has been determined over a range of operating condi­
tions. The nominal design point of the cascade is given in 
Table 1. Unless otherwise stated, the parameters in a given test 
are identical to those given in the table with the exception of 
that (e.g., Reynolds number) which is under investigation. 

Table 3 summarizes the traverses made through the inlet 
boundary layer 86 percent Cx upstream of the leading edge 
plane of the cascade. The upstream potential influence of the 
cascade is negligible at this location. The results show that the 
inlet boundary layer is turbulent at all of the conditions tested 
with a displacement thickness-to-chord ratio (8*/C) of ap­
proximately 0.01 except in the case of the deliberately (using 
trips) thickened inlet boundary layer. All boundary layer 
parameters have been determined using the compressible form 
of the appropriate expression or integral with the assumption 
that the static pressure is uniform and equal to the value at the 
wall. 

In the following discussion, the results of area exit traverses 
are presented. Due to physical constraints, these data were on­
ly obtained between 2.0 and 50.0 percent of the span. 
Therefore, the average values which are given do not include 
the loss, etc., associated with the fluid (including the exit end-
wall boundary layer) found between the wall and 2.0 percent 
of the span. 

All of the average properties, whether area or pitch wise 
averaged, have been determined using a constant area mixing 
calculation in which the inviscid adiabatic equations for the 
conservation of mass, energy, and momentum are applied. 
The difference between the mixed-out quantities and the sim­
ple mass-averaged values ranged from 7 to 15 percent of the 
total measured loss, depending upon the nonuniformity of the 
velocity field which in turn was a function of the operating 
conditions. 

Table 4 provides a breakdown of the exit-based loss coeffi-

Table 1 Blade design, cascade geometry, and operating 
conditions 

Number of blades 
Chord, C (mm) 
Axial chord, Cx (mm) 
Inlet aspect ratio, h^/C 
Exit aspect ratio, h2/C 
Pitch-chord ratio, s/C 
Pitch-axial chord ratio, s/Cx 
Design inlet angle (deg from axial) 
Design exit angle (deg from axial) 
cos"U0/.s) 
Stagger angle (deg from axial) 
Throat-pitch ratio, 0/5 
Leading edge radius-chord ratio 
Isentropic exit Mach number 
Isentropic exit Reynolds number 

6 
55.88 
52.53 
1.715 
1.818 
0.564 
0.600 
38.8 

-53.9 
-54.2 
-19.6 
0.585 
0.016 
0.71 

2.9 x 105 

Table 2 Estimate of experimental accuracy 

Linear position + / -
Inlet flow angle + / -
Exit flow angle + / -
Stagnation pressure (five-hole probe) + / -
Stagnation Pressure (all pitots) + / -
Static pressure (five-hole probe) + / -
Static pressure (surface tappings) + / -

-0.01 mm 
- 0.2 deg 
- 0.4 deg 
-0.003 
-0.001 (p 
- 0.005 ( M 

-0.001 

Table 3 Inlet boundary layers 

Test condition SVC 
Design 0.0108 
Re2 = 1.5 x10s 0.0093 
Re2 = 6.0 x10s 0.0097 
+ 8.6 deg incidence 0.0108 
-20.3 deg incidence 0.0108 
s/C = 0.459 0.0108 
s/C = 0.688 0.0108 
Thickened inlet boundary layer 0.0221 

e/c 
0.0075 
0.0065 
0.0068 
0.0075 
0.0075 
0.0075 
0.0075 
0.0163 

-PA) 

8*/0 
1.44 
1.44 
1.44 
1.44 
1.44 
1.44 
1.44 
1.36 

cient into those associated with the inlet boundary layer, albeit 
at 86 percent Cx upstream of the cascade, the profile loss at 
the midspan of the blade, and the remainder, the so-called net 
secondary loss. It is of course recognized that the latter is a 
concept born out of a need for a convenient method of iden­
tification of the losses rather than an understanding of the 
flow. 

The sections which follow concentrate on the major dif­
ferences which occur in the structure of the flow at the various 
test conditions. 

Design Conditions. A description of the development of the 
primary and secondary flow fields within the cascade at its 
design point has already been presented in a companion paper 
[5]. However, for completeness and as an aid to the interpreta­
tion of the data presented here, those results are summarized 
below. 

Figure 2 (from [5]) contains an interpretation of the endwall 
and suction surface flow visualization. The separation lines 
(Sis and Sip) and saddle point associated with the rollup of 

C = chord 
Cx = axial chord 

h = span 
M = Mach number 
p = static pressure 

P 0 = stagnation pressure 
R = reattachment line 

Re = Reynolds number 
s = pitch 
S = separation line 
x = axial distance 

y 
Y 

z 
0 

8" 

e 
p 

= pitchwise distance 
= total pressure loss coefficient 

= Coi - POV(POA - PA) 
= spanwide distance 
= pitchwise flow angle (from 

axial) 
= boundary layer displacement 

thickness 
= boundary layer momentum 

thickness 
= density 

Subscripts 

oo = free stream 
1 = inlet free stream 
2 = traverse plane 

2s = downstream isentropic 
3 = pitchwise mixed out 
4 = downstream infinity (i.e. pitch 

and spanwise mixed out) 
s = suction side 

p = pressure side 
0-6 = number of separation/reat-

tachment line 
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Table 4 Mixed-out traverse results 

Condition 

Design 
Re2 = 1.5xl05 

Re2 = 6.0 x10 s 

+ 8.6 deg incidence 
+ 20.3 deg incidence 

s/C = 0.459 
s/C = 0.688 
Thick inlet boundary layer 

Total 
loss 

coefficient 

0.0639 
0.0715 
0.0594 
0.1007 
0.0810 
0.0625 
0.0680 
0.0764 

Mixing 
loss 

coefficient 

0.0059 
0.0053 
0.0070 
0.0148 
0.0026 
0.0041 
0.0084 
0.0055 

Inlet 
loss 

coefficient 

0.0110 
0.0093 
0.0101 
0.0149 
0.0075 
0.0104 
0.0105 
0.0239 

Midspan 
loss 

coefficient 

0.0270 
0.0354 
0.0263 
0.0498 
0.0598 
0.0344 
0.0278 
0.0280 

Exit 
secondary 

loss 
coefficient 

0.0259 
0.0268 
0.0230 
0.0360 
0.0137 
0.0177 
0.0297 
0.0245 

Axial 
velocity 
density 
ratio 
0.917 
0.916 
0.907 
0.923 
0.907 
0.929 
0.935 
0.928 

Exit 
flow 
angle 
(deg) 
54.1 
54.3-
54.1 
54.1 
53.5 
54.2 
53.8 
53.9 

Fig. 2 Suction surface and endwail flow visualization [5] 

y / s 

0.0 0.1 0.2 0.3 
z / h 

Fig. 3 Total pressure loss coefficient conours, vorticity contours and 
secondary velocity vectors: design condition 

the inlet boundary layer, the separation line (S3) and reattach­
ment line (R3) of the corner vortex and the separation line (S4) 
of the passage vortex are all shown. The closed separation 
bubble near the leading edge of the suction surface is caused 
by an overspeed which is known [6] to have little overall effect 
upon the suction surface boundary layer which undergoes 
laminar separation (S5), transition and reattachment (R5) near 
the trailing edge. The flow visualization also shows that the 
suction side leg of the horseshoe vortex (S2s) interacts with 
this closed separation bubble. In doing so, some of the high 
loss fluid is fed into the separation bubble while the rest is con­
verted with the vortex toward the trailing edge. Although not 

a 
5 
T 0.i 4-fc—4-

Fig. 4 Blade surface Mach number distributions: Reynolds number 
variation 

shown in the illustration, a closed separation bubble also exists 
on the pressure side of the blade close to the leading edge. This 
is caused by the diffusion which follows the acceleration of the 
flow around the leading edge. In practice, it seems that the 
pressure side and suction side leading edge bubbles have little 
overall effect upon the development of the secondary flows 
and losses at zero incidence. 

Some of the above mentioned features can be traced 
donwstream to the traverse plane located at 142 percent Cx 
(Fig. 3). The secondary velocities in the figure were calculated 
by projecting the velocity vectors onto a plane which was 
perpendicular to the mixed out flow direction. In this and in 
other figures, the contours of secondary vorticity, which were 
calculated by finite differentiation of the secondary velocities, 
have been used to identify the centers of the various vortices. 
The centers of the passage vortex and its associated loss core 
are indicated in Fig. 3. They are coincident. The locations of 
the corner vortex (identified using the loss contours) and that 
which contains the trailing shed vorticity are also shown. The 
suction side leg of the horseshoe vortex could not be identified 
even though its path could be traced using the surface flow 
visualization. 

Variation With Reynolds Number. At a Reynolds number 
of 1.5 x 10s, which is one half of the design value, the flow 
visualization revealed that the suction surface boundary layer 
separates near 68 percent Cx with reattachment just prior to 
the trailing edge. The isentropic Mach number distributions of 
Fig. 4 show how the bubble grows in extent as the Reynolds 
number is reduced from the design value. A consequence of 
the now extensive separation is that the interaction between 
the secondary flow and the suction surface boundary layer 
fluid is greater than at the design condition. The suction sur­
face flow visualization (Fig. 5a), for example, revealed that 
the separation line of the suction side leg of the horseshoe 
vortex disappeared as it encountered the separated flow. This 
increase in the strength of the interaction is thought to be 
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Fig.7 Total pressure loss coefficient contours, vorticity contours, and
secondary velocity vectors: high Reynolds number

the locations of peak vorticity and, therefore, the vortex
centers are virtually unchanged.

At a Reynolds number of 6.0 X 105 , which is twice that of
the design value, transition to turbulent flow is sufficiently
complete to prevent the separation of the suction surface
boundary. The surface oil flow patterns are shown in Fig.
5(b). The absence of the suction surface separation means that
the three dimensionality of the suction surface flow is reduced
and that the separation line (825') which is associated with the
suction side leg of the horseshoe vortex is clearly visible over
the rear of the surface. Otherwise, the development of the sur­
face flow is very similar to that observed at the lower Reynolds
numbers.

The absence of a back surface separation and the higher
Reynolds number result in more clearly defined wake and
secondary flows (Fig. 7). Likewise, the magnitudes of the
secondary velocities and therefore vorticities are greater. The
peak vorticity within the passage vortex, for example, is in­
creased by approximately 35 percent. The distortion of the
center line of the wake is therefore greater, although again, the
positions of the passage and trailing shed vortices are un­
changed. Figure 7 also reveals that there are now three rather
than two loss peaks near 20 percent span and that they all
reach similar values, which was not the case at the lower
Reynolds numbers. The innermost peak is thought to come
from the fluid within the suction side leg of the horseshoe
vortex and from the reattachment zone (R4/R2) between this
and the separation line of the passage vortex. Relatively little
vorticity is associated with this loss peak. That which exists is
of opposite sign to that of the passage vortex. The middle loss
peak is centered on the counterrotating vortex which contains
the trailing shed vorticity and the outermost is the passage
vortex.

The spanwise variations of the pitchwise mixed-out stagna­
tion pressure loss and yaw angle obtained at the three
Reynolds numbers are plotted in Fig. 8. As might be expected
from the previous discussion regarding the state of the suction
surface boundary layer, the midspan loss decreases with in­
creasing Reynolds number. Similarly, the extent of the con­
stant loss and yaw angle region over the central portion of the
blade increases as the Reynolds number is increased and the
three dimensionality of the surface flow is reduced. Near the

peak 1088 0.419
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Fig. 6 Total pressure loss coefficient contours, vorticity contours and
secondary velocity vectors: low Reynolds number

related to the relatively low static pressure in the bubble as well
as the unsteadiness and mixing which would accompany a
large separation, phenomena which would also explain the
absence of a constant pressure region over the upstream por­
tion of the separation bubble.

Figure 6 contains the results of the exit area traverse at the
lowest Reynolds number. It shows that the details within the
wake and secondary flow regions are less well defined than at
the design condition (Fig. 3). This is partly due to the in­
creased interaction between the secondary and suction surface
flow which was indicated by the flow visualization. However,
reducing the Reynolds number will also increase the rate of
decay of the wake and secondary flow regions and this is
thought to be mainly responsible. The secondary velocity vec­
tors are also shown in Fig. 6. Due to the apparent increase in
the rate of decay, they are smaller than at the design value.
The secondary vorticity contours reveal that the peak
strengths of the passage and the trailing shed vortices are 75
percent of the values at the design condition. As a conse­
quence, the distortion of the center line of the wake has re­
duced. It also appears that the rollup of the trailing shed vor­
ticity is less complete than at the design condition. However,

5
(a) Re 2S " 1.5 x 10
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Fig. 10 Surface flow visualization: + 8.6 deg Incidence

Variation With Incidence. The performance of the cascade
was investigated at two inlet flow angles other than the design
value. These angles, which are equivalent to incidences of
- 20.3 and +8.6 deg, were chosen to represent the extremes
which might be encountered by the profile during operation in
a turbine. The midspan isentropic Mach number distributions
which correspond to these inlet flow angles are plotted in Fig.
9. It can be seen that the inlet flow angle has a significant ef­
fect upon the pressure distribution over much of the blade sur­
face. At positive incidence, the pressure surface diffusion has
almost vanished. The flow visualization showed that asa
result, there is no pressure surface leading edge separation
bubble. Data (unpublished) similar to those in [6] suggest that
the pressure side boundary layer remains laminar up to the
trailing edge. On the suction surface, operation at positive in­
cidence significantly increases the size of the leading edge
overspeed. Behind the separation bubble which follows this
overspeed, there is a region of almost constant static pressure
within which the reattached, presumably turbulent, boundary
layer develops. Therefore, there is no back surface separation.

Figure 10 shows a perspective view of the suction surface
and endwall oil flow visualization patterns obtained at positive
incidence. The secondary separation line S2s-S2p associated
with the upstream movement of fluid near the leading edge in­
to the horseshoe vortex is clearly visible. This was not the case
at the design condition. The appearance and disappearance of
a second separation line associated with the formation of the
leading edge vortex has been addressed in [5]. The difference is
presumably a consequence of the greater leading edge loading
at positive incidence as indeed must be the greater rate of
downwash of fluid onto the suction surface. The primary
separation line of the pressure-side leg of the horseshoe vortex
(SIp), for example, meets the suction surface at 25 percent Cx
rather than at the design condition value of 33 percent Cx.
However, the saddle points associated with the primary and
secondary separation lines of the horseshoe vortex have
moved very little. This result must be contrasted with that of
[7] which revealed a large shift in the position of the saddle
point as the incidence of the flow onto a high-pressure rotor
was increased.

Figure 10 also shows that increasing the incidence onto the
blades increases the three dimensionality of the suction surface

the passage and trailing shed vortices as the Reynolds number
is varied.

It has already been noted (Fig. 8) that the midspan loss
reduces with increasing Reynolds number. Table 4 shows that
the same is true of the total loss and the net secondary loss.
The latter is derived by subtracting the inlet and midspan loss
from the total. The validity of such a calculation has already
been questioned. Nevertheless, the indicated trends are un­
doubtedly valid: Reducing the Reynolds number increases the
midspan and the net secondary losses. However the propor­
tions by which these increase are very different. The midspan
or "profile" loss for example decreases by 25 percent as the
Reynolds number is quadrupled while the net secondary loss
decreases by 14 percent. This difference arises because the
nature of the suction surface boundary layer changes
significantly over the range of Reynolds numbers investigated
whereas the secondary flow patterns are virtually unchanged,
apart from the interaction of the suction side leg of the
horseshoe vortex with the suction surface boundary layer. In
several corrrelations (e.g., [4]), the secondary loss is assumed
to be proportional to Re~o,2 as is the profile loss. In the case
of the present cascade no simple power law can be used to
describe the variations observed. The overall variation in
secondary loss from the highest to the lowest Reynolds
number is however much less than this simple relationship im­
plies, although the variation from the design to the highest
value does imply a proportionality to Re- O,15.
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Fig. 8 Mixed·out pitchwise flow angle and stagnation pressure loss:
Reynolds number variation

endwall, the amount of overturning and by implication the
nature of the growth of the new endwall boundary layer ap­
pears to be independent of Reynolds number. However, the
variation in flow angle near the center of the passage vortices,
in particular the amount of underturning, is Reynolds number
dependent. This is a consequence of the changing strengths of
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Fig. 12 Pressure side surface flow vlsuallzatlon: - 20 deg

which includes transition measurements, support this view­
point.

Further evidence of the increased three dimensionality of
the flow field is contained in Fig. 11. Compared to the design
case, the strengths of the passage and counterrotating vortices
have increased significantly. For example, the peak vorticity
within the passage vortex has increased by 65 percent and the
counterrotating vortex which contains the trailing shed vortici­
ty has increased in strength by approximately 35 percent. As a
result of the greater downwash of fluid onto the suction sur­
face, the centers of the vortices are now closer to midspan.
The center of the passage vortex is coincident with its
associated loss peak which is itself of the same magnitude as
the peak which lies nearest midspan. The heights of the loss
peaks were similarly matched at the highest Reynolds number,
when the back surface boundary layer was also attached. The
rate of entrainment of fluid into the wake region appears to be
greater than at the design condition. This is thought to be due
to the increased strength of the vortices, and in particular the
passage vortex.

At approximately 20 deg of negative incidence, the Mach
number distribution of Fig. 9 shows that the loading becomes
negative up to 10 percent Cx. The now continuous accelera­
tion over the leading half of the suction surface means that the
suction surface boundary layer remains laminar until, follow­
ing peak suction, it separates, undergoes transition, and final­
ly reattaches near the trailing edge. Thus, the suction surface
boundary layer is similar to that which occurs at the design
condition. On the pressure surface, however, there is a region
of almost constant static pressure between 3 and 25 percent
Cx, which is indicative of a long separation bubble.

The extent of the pressure side separation bubble can be
seen in Fig. 12, which contains a perspective view of the
pressure surface and endwall flow patterns. Near midspan, the
bubble extends from approximately 5 to 45 percent Cx. In the
pressure surface endwall corner, the flow is highly three
dimensional, with reversed flow occurring on both the blade
and endwall surfaces. The positions of the separation and
reattachment lines are indicated. This separated flow region is
so large that the mixing which occurs between the separated
flow and the free-stream results in stagnation pressures which,
downstream of the cascade, are everywhere less than the inlet
free-stream value. This is illustrated by Fig. 13, which contains
some of the data obtained during a midspan pitchwise
traverse. Whether this phenomenon should be termed
"negative stalling" is, however, unclear since an embedded
and attached boundary layer develops over the rear half of the
pressure surface. A further consequence of operating at
negative incidence can be seen in the flow visualization picture
of Fig. 12, The saddle point associated with the primary
separation line of the horseshoe vortex now lies on the suction
side of the blade.

Because the fluid experiences less turning at negative in­
cidence as it passes through the cascade, the secondary flow is
reduced. This is shown by Fig. 14, which contains some of the
exit traverse results. Whether the separation of the pressure
surface flow and its subsequent mixing with the mainstream
also contribute to the reduction is unclear. It is also apparent
that the strength of the passage vortex is much less than that of
the trailing shed vortex. Estimates of the vorticity indicate that
the trailing shed vortex has a strength which is 50 percent of its
value at the design incidence. The strength of the passage
vortex, which is only just identifiable, is reduced to 25 percent
of its value at the design conditions. This difference in the
relative strengths of the two vortices and the overall level of
secondary flows are thought to explain the appearance of only
one loss peak other than the corner vortex, near 15 percent
span.

The spanwise variation of loss and flow angle derived from
the exit traverses at the three inlet flow angles are plotted in
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Fig. 11 Total pressure loss coefficient conlours, vorticity conlours,
and secondary velocity vectors: positive (8.6 deg) incidence

oil flow patterns. The separation lines S4 and S2s associated
with the passage and suction side horseshoe vortex are dis­
placed toward midspan, and between them lies a larger reat­
tachment zone. The absence of any truly spanwise flow on the
rear of the suction surface is due to the continuous attachment
of the blade surface boundary layer. The speckled flow
visualization on the back surface is merely a result of the
reduced shear stress which follows peak suction. It does not
signify separation, but the difference between this picture and
Fig. 5(b) does suggest that the suction surface boundary layer
is not fully turbulent. Unpublished data for similar profiles,
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Table 5 Cascade geometries for modified pitch 

Design 
Pitch-chord ratio 0.564 
Pitch-axial chord ratio 0.600 
Stagger -19.6 deg 
Number of blades in cascade 6 

Fig. 14 Total pressure loss coefficient contours, vorticity contours, 
and secondary velocity vectors: negative (-20.3 deg) incidence 

Fig, 15 Mixed-out pitchwise flow angle and stagnation pressure loss: 
incidence variation 

Fig. 15. At midspan the loss is lowest at the design incidence. 
At positive incidence it is greater because the suction surface 
boundary layer is turbulent over much of its surface length. At 
- 20.3 deg of incidence the increase is due to the large pressure 
side separation. As was the case with the Reynolds number 
variation, the extent of the regions of constant loss and turn­
ing decrease and the variation in yaw angle increases with in­
creasing secondary flow. In contrast to the effects of changing 
the Reynolds number, the overturning near the wall is also 
dependent upon the flow conditions. This is due to the very 
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+ 22 percent s/C - 18 percent s/C 
0.688 0.459 
0.732 0.492 

-18.2 deg -20.6 deg 
5 7 

different secondary flows which result from the modifications 
made to the loading distribution as the inlet flow angle is 
altered. 

Table 4 provides a breakdown of the total loss. The ap­
parent variation in inlet loss with inlet flow angle is a result of 
converting the measured loss at inlet into an exit-based coeffi­
cient. Subtracting this and the midspan value of loss from the 
total reveals, not surprisingly, that the net secondary loss is 
greatest at positive incidence (50 percent higher) and least at 
negative incidence, where it is one half of the value of the 
design condition. Application of the correlation of Craig and 
Cox [4] reveals that the measured values are approximately 
one half of those predicted. A comparison between the 
cascade correlation of Dunham [8] and the turbine correlation 
of Dunham and Came [3] shows that such a difference is not 
unreasonable. The relative changes are, however, accurately 
predicted by [4]. In contrast, [3] and, indeed, the method of 
Ainely and Mathieson [1] upon which that of [3] is based 
predict that for this particular cascade the net secondary loss 
should increase only slightly with increasing incidence over the 
range investigated. 

Variation of Pitch-Chord Ratio. An examination of second­
ary loss correlations (e.g., [1-4]) shows that it is unclear 
whether pitch-chord ratio is a parameter upon which second­
ary losses are dependent. Craig and Cox [4], for example, 
predict a significant dependence, while the correlation of 
Dunham [8], for no other reason than a lack of data, does not 
contain the pitch-chord ratio as an independent variable. 

Given this uncertainty, it was decided to investigate the ef­
fects of pitch-chord ratio upon the performance of the current 
cascade. The changes in pitch-chord ratio (i.e., + 22 percent, 
-18 percent s/C) necessitated a change in the number of 
blades in the cascade. The details are given in Table 5. For 
each pitch a different stagger was selected in order to maintain 
the same exit flow angle as predicted by a coupled inviscid-
boundary layer computation. The measured flow angles show 
that this requirement was largely satisfied. 

Figure 16 contains the isentropic midspan Mach number 
distributions measured at the three pitch-chord ratios in­
vestigated. Increasing the pitch-chord ratio increases the blade 
loading. At the largest pitch, the leading edge overspeed, 
which was too short to be detected by static pressure measure­
ment at the design point, has increased in surface length. 
Presumably this is a result of the greater stagger although the 
increased loading may also contribute. The effect of this 
enlarged overspeed upon the suction surface boundary layer is 
slight however, since separation and turbulent reattachment 
again occur on the back surface. 

The increase in pitch-chord ratio has a marked effect upon 
the three dimensionality of the flow. Figure 17 shows a view of 
the suction surface oil-flow patterns. The leading edge separa­
tion bubble is just visible. At the rear of the surface, the in­
teraction of the suction side horseshoe vortex with the short­
ened separation bubble is greater than at the design pitch. It 
may also be significant that the secondary separation line 
associated with the leading edge horseshoe vortex was clearly 
visible in the endwall flow patterns and that the only other 
condition at which this was so was at +8.6 deg of incidence. 

Figure 18 contains the results of the exit traverse at the in­
creased pitch-chord ratio. Like the measurements at the 
highest Reynolds number (Fig. 7) three loss peaks are visible 
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Fig. 18 Total pressure loss coefficient contours, vorti~ity contours,
and secondary velocity vectors: increased pitch-chord ratio
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correlations which exist relate the net secondary loss through a
cascade to such parameters as deflection, Reynolds number,
and aspect ratio. Some, but not all, also attempt to relate the
increase in loss to that contained in the upstream endwall
boundary layer but such a dependency is only valid if the
mechanisms of horseshoe vortex formation generate a signifi­
cant amount of entropy. Various investigations, e.g., [7, 9,
10], which map the generation of loss through a cascade, sug­
gest that this is not the case. In the present cascade, the
thickness of the inlet boundary layer was doubled in a further
attempt to determine the extent to which the generation of new
loss is dependent upon that which exists at the inlet. Table 3
contains details of the thicker boundary layer.

The results of the surface flow visualization were very
similar to those obtained at the design condition. The only

Fig. 19 Mixed-out pilchwise flow angle and stagnation pressure loss:
pitch-chord variation
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Fig. 16 Blade surface Mach number distributions: pitch-chord ratio
variation

between 20 and 30 percent span. That nearest the endwall cor­
responds to the center of the passage vortex, t~e stren?th ~f

which like that of the adjacent vortex of OpposIte rotatIOn, IS
greate~ than at the design value. As ~ result of th~ increased
secondary flow, the vortices also he nearer midspan. At
positive incidence, where the loading was also greater, a
similar shift was observed.

In general, reducing the pitch-chord ratio has an.ef~ect ?P­
posite to that observed above. The Mach number dlstnbutlOn
(Fig. 16), for example, shows that the blade loading is re­
duced. However, the low base pressure and apparent lack of
any reattachment zone suggest that the back surface separa­
tion is no longer closed. The flow visualization results also
suggested that this was in fact the case.

Figure 19 summarizes the effects of pitch-chord ratio upon
the exit flow field. The amount of overturning close to the
endwall does indeed depend upon the pitch-chord ratio as does
the position and magnitude of the maximum underturning, all
of which are related to the stength of the secondary flow.
Similarly the position of the loss peak which is associated
with the ~assage vortex moves toward midspan as the pitch­
chord ratio is raised. All of these changes imply that the
secondary flow is not independent of the pitch-chord ratio ..

Table 4 again provides a breakdown of the losses at eXit
from the cascade. In terms of the pitch-chord ratio variation,
the midspan loss is greatest at the lowest ratio since gross
separation of the suction surface boundary layer has oc­
curred. Increasing the pitch-chord ratio above the design value
appears to have little effect upon the m~ds~an los~. In ~on­

trast, the net secondary loss increases With mcreasmg pItch.
For example, the relative increase from the lowest to the
highest pitch-chord ratio is 70 percent.

Variation of Inlet Boundary Layer Thickness. The various
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Fig. 20 Total pressure loss coefficient contours, vorticity contours, 
and secondary velocity vectors: thick inlet boundary layer 
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Fig. 21 Mixed-out pitchwise flow angle and stagnation pressure loss: 
inlet boundary layer thickness variation 

significant difference was in the distance between the primary 
separation line of the horseshoe vortex and the leading edge, 
which reduced from 5.5 to 3.5 leading edge radii as the 
thickness was doubled. The results of the exit area traverse are 
plotted in Fig. 20. This shows that a much greater proportion 
of the flow area is occupied by high loss fluid. The loss peak 
associated with the passage vortex is only just visible and the 
center of the passage vortex, which is identified by the position 
of peak vorticity, lies further from the endwall and suction 
surface. The magnitudes of the secondary velocity vectors 
associated with the trailing-shed vorticity are similar to those 
observed in the case of the thinner inlet boundary layer. The 
peak strength of the passage vortex is however reduced. Given 
the decrease in the maximum value of vorticity within the inlet 
boundary layer, this might be expected. 

A comparison of the spanwise variaton of loss and yaw 
angle at the different inlet boundary layer thickness is pro­
vided in Fig. 21. It shows the greater loss and overturning near 
the endwall in the case of the thicker inlet boundary layer as 
well as the more gradual variation in under and overturning 

which is presumably due to the changed distribution of inlet 
vorticity. The midspan loss is virtually unchanged. Table 4 
shows that all of the apparent increase in stagnation pressure 
loss is due to the increased loss of the inlet boundary layer. 
Therefore, the production of new secondary loss is not 
necessarily linked with the magnitude of the inlet endwall 
boundary layer. The authors of [9, 10] made a similar 
observation. 

Conclusions 

The performance of a linear cascade of low-pressure turbine 
rotor hub profiles has been investigated over a range of 
paramters. It has been found that the production of new 
secondary loss increases with increasing Reynolds number, in­
cidence, and pitch-chord ratio. It was apparently independent 
of the nature of the incoming endwall boundary layer. 

The development of the three-dimensional flow field, 
however, was not as straightforward as the above statement 
implies. For example, the interaction between the endwall 
flow and the suction suface separation bubble, when present, 
affected the number, position and size of the individual loss 
peaks. Under some but not all conditions, the center of the 
passage vortex coincided with a loss peak. Furthermore, the 
strengths and positions of the passage and other vortices, 
although largely independent of the Reynolds number, were 
clearly a function of the inlet boundary layer and of the blade 
loading, the latter being demonstrated by the changes in in­
cidence and pitch-chord ratio. 

Undoubtedly, the variation in both the net loss production 
and the character of the flow field caused by the performed 
changes in the flow conditions and geometry requires further 
consideration. As well as the obvious and direct effect of 
secondary loss production upon machine performance, there 
exists the question of how the overall and the detailed struc­
ture of the exit flow from one blade row affects the perfor­
mance of the next. 
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Influence of Free-Stream 
Turbulence and Blade Pressure 
Gradient on Boundary Layer and 
Loss Behavior of Turbine 
Cascades 
The optimization of the blade surface velocity distribution is promising for a reduc­
tion of turbine cascade losses. Theoretical and experimental investigations on three 
turbine cascades with the same blade loading show the important influence of the 
blade pressure gradient and the free-stream turbulence on the loss behavior. The 
results presented demonstrate that it is the boundary layer transition behavior that 
determines the losses on turbine cascades. An enormous effort in measuring tech­
nique is required in order to define the location of transition from cascade ex­
periments very accurately. 

Introduction 
An important aspect of turbine aerodynamic design is the 

question of optimum profile shape to reduce the losses. With 
respect to the boundary layer state of actual turbomachinery 
blades, it is essential to find velocity distributions with the 
laminar-turbulent transition point as far downstream as possi­
ble. In particular, two factors affect the transition behavior, 
namely the pressure gradient on the blade surface and the free-
stream turbulence. On the other hand, it is well known from 
turbine cascade experience, especially at low Reynolds 
numbers, that frequently laminar separation takes place 
before transition to the turbulent state is attained. Therefore 
the point at which this condition occurs, and the nature of 
transition, are the object of several publications, e.g., [1]. 

One of the first publications about the influence of tur­
bulence on turbine cascade performance was by Hebbel [2], 
The importance of investigations on cascades under tur­
bomachinery conditions was demonstrated by Kiock [3, 4] and 
by Pfeil and Pache [5]. Abu-Ghannam and Shaw [6] in­
vestigated natural transition with pressure gradient and tur­
bulence for a flat plate flow. They recommended considering 
the curvature too. Current turbine velocity distributions were 
simulated by Sharma et al. [7] to study the transitional bound­
ary layer. The boundary layer behavior with respect to heat 
transfer is the object of the work by Blair [8] and by Rued and 
Wittig [9]. In general, no method is available which will 
predict reliably the influence of parameters like pressure gra­
dient and turbulence on the blade boundary layer behavior. As 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 19, 1986. Paper 
No. 86-GT-234. 

concluded from a Symposium on Transition in Turbines held 
recently at the NASA Lewis Research Center a collection of 
existing transition data should be provided as standard cases 
against which other models could be tested; see [10]. 

The references quoted constitute only a selection. In spite of 
a large number of publications there is little information 
available about the influence of actual turbulence level on tur­
bine blading performance. The present investigations describe 
the boundary layer and loss behavior of three turbine cascades 
of different geometries but with the same loading. Applying a 
current boundary layer integral calculation method, the in­
fluence of different blade velocity distributions and free-
stream turbulence levels on the cascade performance was 
predicted. Experiments performed in the high-speed cascade 
wind tunnel of DFVLR Braunschweig support these 
theoretical results. 

Theoretical Investigation 

Cascade Design. To describe the complicated flow 
behavior of an axial turbine the "quasi-three-dimensional 
design" has been applied. First the axial and radial velocity 
distributions are calculated, followed by several blade-to-
blade computations through cascades in order to obtain also 
the corresponding circumferential distribution of the velocity. 
The object of the blading design is to find an adequate profile 
shape to verify the velocity triangle with respect to minimal 
losses. It is necessary also to incorporate some strong 
mechanical and turbine cooling constraints [11]. These addi­
tional design parameters may be the reason that there is no 
systematic family for turbine profiles as is the case for com­
pressors (e.g., NACA 65 or C4 profiles). Therefore, the tur-
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bine profile design is an individual process to be performed in 
an iterative manner. 

The geometric design of the profiles presented in this paper 
was performed in the traditional manner of superimposing a 
thickness distribution on a camber line. The camber line is 
defined by two polynomials of a maximum order of four 
which are patched to each other at a selected connection point 
in such a way that the slope remains. Superimposed on the 
camber line then is a thickness distribution of a similar 
mathematical character than that of the camber line, starting 
on the leading edge circle or ellipse at a prescribed wedge angle 
and ending on the trailing edge circle at another wedge angle. 
Performing an inviscid blade-to-blade flow calculation then 
yields pressure or velocity distributions along the pressure and 
suction surfaces of the profile which serve as a measure of the 
attained aerodynamic quality (direct method). 

Another design procedure which is now available to create 
the blade shape is the inverse or design method. A very ver­
satile method of this type is given by Schmidt [12] using a com­
pressible inviscid flow model. 

Both blading design methods use the profile velociy 
distribution as a criterion for the aerodynamic quality of the 
design, i.e., they take into account the close connection be­
tween the profile losses (due to blade boundary layer) and the 
blade surface velocity distribution. Thus, the velocity distribu­
tion being input for these methods has to be optimized with 

Doslgn conditions: Mazlh-0.S9, px = sr.7°. p2«= 63.2°[Rea= 5-105 

Fig. 3 Cascade geometry and nomenclature 

respect to low losses of the blading. Since turbine cascades 
have to accelerate the flow from inlet to outlet, their profile 
velocity distribution could have in principle a shape without 
any deceleration region, as shown in Fig. 1. In practical ap­
plications this "ideal" distribution will be changed more or 
less, especially with respect to the above-mentioned 
mechanical constraints and because of alterations necessary to 
obtain more desirable boundary layer characteristics. 

Experience on several turbine cascades at design conditions 
shows a mixed laminar-turbulent boundary layer on the suc­
tion surface and a mostly laminar boundary layer on the 
pressure surface. It is therefore necessary primarily to op­
timize the velocity distribution on the suction surface with 

Nomenclature 

chord 
pressure distribution coefficient, based on 
exit conditions, see equation (8) 
standard location of traverse plane 
root mean square a-c CTA (Constant 
Temperature Anemometer) output voltage 
mean CTA output voltage, with flow 
shape factor = 8{/82 

shape factor = 54/63 

M„h , Ma„h = isentropic exit Mach number =/(p / f /p 0 1 ) 
static pressure 
total pressure 
dynamic head = p0-p 
Reynolds number based on blade chord 
and exit conditions = w2>c/v2 

blade pitch (spacing) 
degree of turbulence at cascade inlet = 

LP2 

e = 

E 
Hl2 

#43 = 
a2th 

P 
Po 

Q 
Re2 

Tu, 

x,y 

flow velocity 
profile coordinates, bitangential 
flow angle, see Fig. 3 
stagger angle, see Fig. 3 

8 = boundary layer thickness 
5,, 52> 63, 64 = displacement, momentum, energy, and 

density thickness 
f vi = total pressure loss coefficient, see equation 

(7) 
7j = coordinate normal to blade surface 
v = kinematic viscosity 
p = density 
T = shear stress 

Subscripts and Abbreviations 
1 = cascade inlet plane 
2 = cascade exit plane, homogeneous flow 
5 = edge of boundary layer 

K = tank (cascade exit condition) 
max = maximum 

th = theoretical isentropic flow 
tr = trailing edge 
R = reattachment 
S = separation 
T = transition onset 

TMM = time-marching method 
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respect to low losses. The laminar boundary layer should be 
maintained as far downstream as possible. Transition is re­
quired to take place without forming a laminar separation 
bubble. The extent of a rearward deceleration has to be 
carefully limited to avoid flow separation in this region. In 
order to obtain information about an optimal velocity 
distribution on the suction surface considering the boundary 
layer state, three cascades with different velocity distributions 
but the same aerodynamic loading were designed for a typical 
LP turbine condition. These velocity distributions are shown 
in Fig. 2. The chosen velocity distributions, designated by 
T104, T105 and T106, can be described as follows: 
9 Type T104 is front-loaded with an almost uniform suction 
side velocity, incorporating a small amount of deceleration in 
the rear part. 
• Types T105 and T106 are aft-loaded, showing an accelera­
tion on the suction side over the front part with a maximum 
velocity at approximately 50 percent chord followed by a 
deceleration to the outlet velocity. The types T105 and T106 
differ only in their peak velocity resulting in different pressure 
gradients over the rear part of the suction side. The velocity 
distribution along the pressure side remains nearly unchanged 
for these cases. 

The associated profile shapes and cascade geometries are 
shown in Fig. 3. These cascades were designed by the direct 
method. 

Boundary Layer Behavior of Different Types of Velocity 
Distribution. For an assessment of the boundary layer 
behavior subject to the three velocity distributions, a bound­
ary layer integral method was applied. Starting from Prandtl's 
boundary layer equations for two-dimensional flow expressing 
the conservation laws of mass (continuity equation) and 
momentum 

pu-
du 

~dx~ 
• + pv-

du 

dx 
• + -

dr 
(1) 

dy dx dy 

with the usual assumption on the shear stress T, integration of 
equation (1) leads to the compressible integral equation of 
momentum 

tfS, 1? dw, 
~r± + — -±[2 + Hn-Mj]-

Ps'W2& 
= 0 (2) 

dx ws dx 

and the compressible integral equation of mechanical energy 

d83 

~dx - + -
dw* 
dx 

•[3 + 2 f l 4 3 - M f ] - "Jo T'dw = Q (3) 
Ps'Wi, 

as given by Walz [13] in more detail. In the present paper two 
different transition criteria are taken into consideration: 

• The criterion by Granville [14] describes the influence of 

o 
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as 
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Fig. 5 Influence of degree of turbulence on transition onset on the suc­
tion surface 
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Fig. 6 Effect of deceleration on the momentum thickness at the suc­
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turbulent intensity for flat plate flow and flow with pressure 
gradient at a low free-stream turbulence level. 
• An empirical criterion by Seyb [15], analytically given by 
Dunham [16], describes transition to be dependent on the 
following three parameters: 

b\ dws 
pressure gradient 

momentum thickness ReS2 = 
Reynolds number 

local turbulence level Tu = 

V 

wv 
V 

y w 

dx 

52 

7^2 

(4) 

(5) 

(6) 
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This definition of the degree of turbulence takes into account 
the local acceleration/deceleration in the blade channel and 
thus differs from the inlet free-stream value. 

At the design condition laminar separation is assumed to be 
absent or of small extent. For this condition Fig. 4 shows the 
related momentum thickness versus chord of the three 
cascades at the low turbulence level of Tu, = 0.8 percent where 
the respective locations of transition (T) according to Gran­
ville's transition criterion are indicated by the arrows. At this 
low turbulence level the smallest value of the momentum 
thickness at the trailing edge is obtained by the type T104 as a 
result of the transition behavior, and of the moderate 
deceleration over the rear part of the blade surface. The 
stronger aftward pressure gradient of T105 causes earlier tran­
sition which leads to a larger momentum thickness in the trail­
ing edge region. 

Looking at the transition behavior by using the two criteria 
mentioned above, Fig. 5 shows the influence of the free-
stream turbulence on transition onset (T) for the three 
cascades investigated. With increasing turbulence Dunham's 
criterion shows transition onset to be located considerably fur­
ther upstream for all three cascades, whereas the Granville 
criterion shows a similar strong influence for the T104 type 
only. 

Values of the momentum thickness at the trailing edge 
calculated by the integral boundary layer method are shown in 
Fig. 6, where the influence of deceleration attributed to the 
different cascade types is displayed with the turbulence inten­
sity as parameter. As can be seen a dominant influence of the 
turbulence level on the trailing edge momentum thickness ex­
ists for each cascade type, of which only the front-loaded type 
T104 attains a low value of momentum thickness at low tur­
bulence level. At actual turbulence levels for turbine cascades 
the T106 type seems to represent the best compromise between 
deceleration rate and peak velocity location when Granville's 
transition criterion is applied. 

dependent variation of Mach number and Reynolds number 
was possible. The degree of turbulence was about Tu, = 1 per­
cent. It could be increased up to Tu, = 8 percent using grids of 
crossed bars upstream of the cascade [18]. The tunnel had a 
test section width of h = 300 mm and an adjustable height of 
250 to 500 mm depending on the inlet angle. Each cascade 
consisted of seven blades with chord length e=100 mm 
resulting in an aspect ratio of h/c = 3. No side wall suction was 
applied. In general, the design point of the cascades only will 
be considered here: /3, = 37.7 deg; M2th = 0.59; Re2 = 5 X 105. 

Wake traverse measurements (total pressure, static 
pressure, and outlet flow angle) were performed with a wedge 
type probe [17] located at 40 percent of chord axially 
downstream of the blade trailing edge plane. Surface pressure 
distributions were measured using static pressure tappings on 
the suction and the pressure sides of the blades adjacent to the 
center blade. 

Boundary layer measurements were carried out at different 
positions of the blade suction surface by a flattened Pitot 
probe of 0.15 x 1.30 mm head size in order to obtain velocity 
profiles and integral quantities. The probe was calibrated for 
Mach and Reynolds number, flow angle, and turbulence level. 
Corrections were applied from these calibrations on the basis 
of a comparison with flat plate experiments [19] and with 
measurements by a laser-Doppler anemometer, respectively 
[20]. Another probe of 0.30 x 0.80 mm (also a flattened Pitot 
tube, called Preston type probe) was moved at a constant 
distance from the blade surface, 17 = 0.15 mm, in order to 
detect boundary layer transition. Details of this technique are 
described in [21]. Additional tests were performed also in 
order to detect boundary layer transition by flow visualization 
method and by the heated thin film technique. 

Evaluation of the Experimental Data. The wake data were 
evaluated by transforming the nonhomogeneous flow in the 
measuring plane into an equivalent homogeneous flow apply­
ing the laws of conservation, see [22]. This evaluation leads to 
the total pressure loss coefficient which is defined as 

£v2 — 
AH ~Po2 

(7) 
Poi ~PK 

For the pressure distribution a nondimensional coefficient is 
defined as 

p(x/c)-pK 
C P 2 = - (8) 

A>i ~PK 

As an alternative the velocity ratio w/w2ih with w=f(p/pol) 
and w2th =f(pK/p0i) may be used. 

All boundary layer data were evaluated under the assump­
tion of constant static pressure across the boundary layer. This 
leads to the standard definition, e.g., of the momentum 
thickness 

- ! i 
p ( r j ) w ( i j ) W(TJ) 

dtj (9) 

For the detection of boundary layer transition by a flattened 
Pitot probe (also called Preston type) the local dynamic heat 
was evaluated by the Pitot pressure at ?j = 0.15 mm and by the 
local surface static pressure which gives the ratio 

q(x/c,r)) p0(x/c,tj)-p(x/c) 

q(x/c) p0l-p(x/c) 

The degree of turbulence in the inlet plane is defined as 

(10) 

Experimental Investigation 

Apparatus and Test Program. The experimental investiga­
tions were carried out in the high-speed Cascade wind tunnel of 
DFVLR at Braunschweig [17]. The tunnel was installed in a 
tank which could be evacuated from 1 to 0.05 bar. An in-

TV (11) 

where w{ is the fluctuating velocity component in the direction 
of w, obtained from a single hot-wire probe placed normal to 
the free-stream velocity. 
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Fig, 10 Boundary layer velocity profiles: suction surface, T106, in­
fluence of turbulence 
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Results and Discussion 

Measured Pressure Distribution and Comparison With 
Theory. Figure 7 shows the measured and the calculated 
velocity distribution of the cascades T104 and T106. The 
theoretical results were obtained using Lehthaus's time-
marching method [23]. From the experiments a case with the 
relatively high Reynolds number, Re2 = 9 x 105, was chosen in 
order to keep the influence of laminar separation bubbles low. 
Very good agreement between the calculated and the measured 
velocity distributions can be seen to exist for the two different 
types of turbine cascades. This gives confidence in the cascade 
design method used. Any differences between theory and ex­
periments in the results presented may therefore be interpreted 
as inadequacies in the boundary layer method used, and, in 
particular, in the transition criterion applied. 

Boundary Layer Transition Location. The three cascades 
were investigated at Reynolds numbers of an actual turbine 
stage. In this Reynolds number range (Re2 = 3 to 7xl05) 
laminar separation may occur [24]. Some results of the used 
measuring techniques are demonstrated and discussed. 

Diagram @) in Fig. 8 shows the pressure distributions on 
the suction surface of the cascades at the low turbulence level 
of Tu!=0.8 percent. Boundary layer transition from the 
laminar to the turbulent state via a separation bubble is in­
dicated by the changing pressure gradients on the cascade 
types T105 and T106. The bubble starts, say, on T105 
somewhat downstream of the suction peak at x/l = 0.6 as 
marked by S. Transition onset (T) occurs for this example at 
*/l=0.75. The boundary layer reattaches at x/l=0.80 
(marked by R). On the cascade type T104, with the peak 
velocity in the front part, the different boundary type states 
are not clearly determinable from the pressure plot. Other 
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Fig. 12 Determination of transition location from measurements 

measuring techniques are necessary to clarify this question and 
will be discussed below. Diagram (B) in Fig. 8 shows the 
pressure distribution of T106 at different turbulence levels. 
With increasing turbulence level the detectable laminar separa­
tion bubble disappears almost completely. 

Another result concerning boundary layer transition is 
demonstrated in Fig. 9. Here, transition was detected by a 
Preston type probe. These results show the influence of the 
turbulence level on cascade T106. With increasing turbulence 
level the point of transition onset (T) is shifted upstream: All 
curves have a well-defined minimum, indicating the start of 
transition, as well as a well-defined maximum, describing the 
completion of transition (R). 

Measurements of the boundary layer velocity profile ob­
tained for different values of the degree of turbulence are 
presented in Fig. 10 for T106. Velocity profiles w/ws are 
plotted at different locations x/c. These curves demonstrate 
the progressive change from laminar to "full" turbulent 
velocity profiles. This change in shape occurs between 
x/c = 0J5 and A://=0.95 which is in agreement with the 
pressure distributions (Fig. 8) and with the Preston type probe 
results (Fig. 9). This range thus defines the extent of a 
"laminar separated bubble" where a strong influence of the 
free-stream turbulence is assumed to exist. On the other hand, 
from comparison with laser-Doppler measurements, it is 
known that in particular in the reverse flow zone the presence 
of probes alters the velocity distribution near the wall. This in­
fluence disappears with increasing distance of the probes from 
the surface [20]. These findings are of great importance when 
comparing test results with empirical correlations on laminar 
separation bubbles. 

From the measured boundary layer velocity profiles some 
integral values were determined. Plotted in Fig. 11 are the 
momentum thickness 82/c and the shape factor Hn = bx/b2 
versus chord length x/c for the same condition as that used in 
Fig. 10. The experimental results are compared with 
theoretical results, obtained by Granville's criterion for transi­
tion at different degrees of turbulence between Tu, =0.8 and 
7.1 percent. For the front part of the blade surface, poor 
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agreement is found for the momentum thickness. In this part 
the boundary layer thickness is very thin (less than 1 mm). 
Little is known about the accuracy of measurements in bound­
ary layers where the displacement thickness and the probe 
height are of the same order of magnitude. An error in 
measured momentum thickness of about A52/52 = ± 14 per­
cent was found in our previous investigations [19]. For the 
rear part of the blade surface (i.e., downstream of transition) 
better agreement between theory and experiment is observed 
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Fig. 15 Effect of blade deceleration on momentum thickness; com­
parison between theory and experiment 

for the momentum thickness. An increase of 52 with the tur­
bulence level is seen to exist as was to be expected. 

A rather good agreement in the comparison of theory with 
experiment can also be observed concerning the shape factor 
Hn both for laminar and turbulent boundary layer condi­
tions. The main difference is found in the location of transi­
tion (notable by the drop of Hn). The theoretical results in­
dicate transition to take place further upstream than the ex­
periments. Obviously, this is due to a deficiency of the transi­
tion criterion which does not determine the location and the 
extent of transition in the correct manner as yet [25]. 

A comparison of different measurement techniques for the 
detection of transition is shown in Fig. 12, i.e., curves from 
heated film technique, Preston type probe results, shape fac­
tor Hn from boundary layer velocity profiles, and pressure 
distribution, respectively. As to the thin film technique the 
distribution of the voltage coefficient eTms/E versus x/c shows 
a first increase at x/c=0.7 which indicates the first change in 
heat transfer. At this location, the beginning of laminar 
separation (S) is also indicated by the appearance of turbulent 
spots detectable from the a-c signal on the oscilloscope screen 
(not shown here), from the pressure distribution, and from the 
maximum value of the shape factor. Transition onset (T) 
starts at x/c« 0.8 indicated by the strong increase of etms/E. 
This location coincides with that of the minimum q/qs value 
and with that of the change of the pressure gradient in the 
pressure distribution. The point of boundary layer reattach­
ment (R) is defined by the maximum q/qs value. These find­
ings drawn from different measuring techniques give con­
fidence in the results on boundary layer transition. 

The results for the extent of the boundary layer transition 
regime extracted from the experimental investigations of the 
three cascades are summarized in Fig. 13 and 14 in comparison 
with the theoretically determined transition using Granville's 
criterion. Figure 13 shows the influence of the Reynolds 
number at a constant turbulence level of about Tut =5 per­
cent, while Fig. 14 describes the effect of the turbulence level 
for two Reynolds numbers in the case of the cascade T106 
only. These experimental results stem from: 

• pressure distributions 
• boundary layer velocity profiles 
• Preston type probe measurements along the surface 
• flow visualizations 
• heated thin film technique (T104 and T106) 
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Fig. 17 Effect of Reynolds number on momentum thickness; ex­
periments on different cascades at constant turbulent level 

In general, the experimental results do not show "natural" 
transition as assumed in the theoretical investigations, but the 
"bubble-type" transition is found. A laminar separation bub­
ble is closed by a turbulent reattachment. Start and extension 
of laminar separation are different depending on the pressure 
gradient of the three cascades. With increasing Reynolds 
number laminar separation is moving slightly upstream and 
the size of the bubbles decreases, which is also found in single 
airfoil investigations [26]. In the case of the front-loaded 
cascade type T104 and also for the aft-loaded type T105 with 
the stronger pressure gradient, transition starts in the same 
range */c = 0.55 to 0.65. On the aft-loaded type T106 the 
"transition zone" begins farther downstream than would be 
expected from the lower pressure gradient. 

The influence of turbulence on the aft-loaded type T106 at 
the most important Reynolds number, Re2 = 5x 105 (Fig. 14) 
shows only a small change of transition onset and closure with 
increasing turbulence level. This experimentally determined 
behavior is in agreement with the theoretical result, as shown 
earlier in Fig. 5; however, the locations x/c of theory and ex­
periment differ strongly. At the higher Reynolds number, 
Re2 = 11 x 105, the laminar separation bubble disappears with 
increasing turbulence level. This behavior is in agreement with 
the Granville criterion. However it should be noted that the 
present results are in disagreement with the correlation for­
mula of Dunham, which was also found by Blair [8]. 
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Fig. 18 Effect of blade deceleration on measured loss coefficient at 
different turbulence levels 

Therefore it seems to be necessary to study "natural" and 
"bubble-induced" transition in more detail in the future, but 
under the conditions of turbomachinery blades. 

Boundary Layer Quantities. The different transition 
behavior found for the three cascades is also reflected in the 
momentum loss behavior. Figure 15 shows the momentum 
thickness versus the flow deceleration (different types of 
cascade) near the trailing edge, i.e., at _r/c = 0.95 at design 
conditions. At the low degree of turbulence T^ = 0.8 percent, 
the same experimental value of 52 is obtained for the front-
loaded cascade T104 and for the aft-loaded cascade T106. The 
stronger pressure gradient of cascade T105 leads to higher loss 
in momentum. The comparison of experiment and theory 
shows rough agreement, both in level and in tendency. At the 
higher turbulence levels, a minimum momentum thickness is 
obtained for the aft-loaded cascade T106 which is qualitatively 
in agreement with the theoretical results. In view of the dif­
ferent transition mechanisms assumed for the theory and 
found in the experiments, no quantitative agreement could be 
expected. 

The influence of Reynolds number on momentum thickness 
of the aft-loaded type T106 is shown in Fig. 16. At the low tur­
bulence level of Tu! =0.8 percent, the Reynolds number has 
the dominant influence, as could be expected. At higher tur­
bulence levels the difference between experiment and theory 
can again be explained by the insufficient assumptions with 
regard to the transition criterion. 

For the most important turbulence level of TU] =5.1 per­
cent, the momentum thickness of the three cascades, as ob­
tained from experiments only, is plotted versus Reynolds 
number in Fig. 17. The minimum value of 82 at all three 
cascades occurs near the design Reynolds number, 
Re2 = 5 x 105. The aft-loaded cascade T106 with the moderate 
pressure gradient shows the lowest losses in the most impor­
tant Reynolds number range 2 x 105 < Re2 < 7 x 105. For high 
turbulence levels no advantage in favor of the front-loaded 
cascade type T104 can be deduced. 

Total Pressure Losses. The total pressure losses of the dif­
ferent cascades were determined from wake traverse 
measurements. Figure 18 shows the loss coefficient fw versus 
the deceleration rate vemax/w2th for the three cascades, at 
design condition, and with the turbulence level as a parameter. 
The lowest losses are obtained for the aft-loaded cascade 
T106, at all turbulence levels; however, the advantage at the 
lowest turbulence level is small. The front-loaded type T104 
shows a stronger influence of the turbulence level, this effect 
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Fig. 19 Effect of Reynolds number on measured loss coefficient at dif­
ferent turbulence levels 

being directly connected to the boundary layer transition 
behavior (see Fig. 13). The second aft-loaded type T105 shows 
somewhat higher losses than the type T106, which is attributed 
to the stronger deceleration on the suction side. Thus, it is in 
particular this deceleration that has to be limited carefully to 
avoid increasing losses. 

The stronger influence of the turbulence level on the front-
loaded type T104 can also be seen to prevail in a wide 
Reynolds number range in comparison with the aft-loaded 
type T106 (Fig. 19). The behavior of the loss coefficient con­
firms the boundary layer results for the suction side perfectly 
(see Fig. 16). With increasing Reynolds number and increasing 
turbulence level additional losses are created due to the for­
ward shift of transition. 

As discussed before, laminar separation bubbles are, in par­
ticular, responsible for the influence of the turbulence level on 
the total losses. To avoid the occurrence of laminar separation 
bubbles, several possible measures can be taken. One of these 
is to design a blade shape to have a slight adverse pressure gra­
dient, which promotes transition without laminar separation. 
However, this can be done for one particular Reynolds 
number only. Since a gas turbine blading has to work within a 
Reynolds number range, laminar separation bubbles will 
occur rather frequently. In order to avoid or to reduce these 
phenomena, mechanical or pneumatic turbulators can be 
used. As demonstrated, e.g., by Hebbel [2], laminar separa­
tion bubbles can be made to disappear and consequently losses 
can be reduced by these devices. Another technique is the ap­
plication of pneumatic turbulators as used successfully on 
single airfoils [26]. This principle was also tested with the pres­
ent cascades by letting air bleed from the pressure to the suc­
tion side. Reductions of losses of about 10 to 20 percent can be 
achieved at Reynolds numbers Re2 < 3 x 105. 

The results, discussed so far, pertained to design conditions. 
The three cascades were also investigated experimentally at 
different inlet angles (incidences) and Mach numbers. As 
shown in Fig. 20, for the most important turbulence level of 
about Tu, =5 percent, the aft-loaded type T106 preserves its 
advantage concerning loss behavior almost over the whole in­
cidence range. At positive incidences, /3j > 38 deg, a strong in­
crease of the losses occurs especially on the front-loaded type 
T104. 

With the design inlet angle kept constant, the influence of 
Mach number on the total pressure losses is plotted in Fig. 21, 
again for T ^ = 5 percent. For subcritical Mach numbers, 
M2th<0.85, the aft-loaded type T106 produces the lowest 
losses. The comparison with the results for the second aft-
loaded type T105 makes again quite clear that the deceleration 
on the suction surface has to be limited carefully. The front-
loaded type T104 offers no advantage in the Mach number 
range of interest, M21h <0.9. 
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percent, this aft-loaded velocity distribution leads to lower 
losses than the front-loaded velocity distribution. At the 
design Reynolds number Re2 = 5 x 10s, a stronger influence of 
the free-stream turbulence on the losses is observed for the 
front-loaded cascade. 

3 At a given Reynolds number the laminar-to-turbulent 
boundary layer transition is, in particular, influenced by the 
occurrence of laminar separation bubbles. The stream wise 
location of the onset of transition as measured by different 
techniques could not be confirmed by the theoretical investiga­
tions due to the lack of more reliable transition criteria. In 
particular, at realistic turbine turbulence levels of Tu, > 2 per­
cent transition onset is predicted by the theory to lie more 
upstream than was found from the experiments. Boundary 
layer transition appears always to be coupled with a laminar 
separation bubble in the Reynolds number range of interest. 

4 The favorable characteristics of the aft-loaded cascade 
types found at design conditions continue to exist also at dif­
ferent incidences and at high subcritical exit Mach numbers. 

0.05 

0.04 

Symb. 

O 
A 
+ 

Cascade 

T 104 
T 105 
T 106 

M a I t h - 0 . 5 9 

Ro2 - 5-10s 

Tu, * 5.1 % 

Fig. 21 Effect of Mach number on loss coefficient of design inlet angle 
of different cascades 

Conclusions 
The present paper describes theoretical and experimental in­

vestigations on the influence of free-stream turbulence for 
three turbine cascades. These cascades were designed to have a 
prescribed velocity distribution and the same aerodynamic 
loading at a Mach number of M2th =0.59 and at a Reynolds 
number of Re2 = 5xl05 . Flow field calculations were per­
formed using a time marching method to predict the final 
blade surface velocity distribution. In addition, a boundary 
layer integral method, including a transition criterion, was ap­
plied to predict the influence of the degree of turbulence and 
pressure gradient on the momentum thickness along the blade 
suction surface. A series of experiments carried out in the 
high-speed cascade wind tunnel of the DFVLR Braunschweig 
which, in general, confirm the theoretical results. Turbulence 
intensities up to Tu = 8 percent were generated. The investiga­
tions on one front-loaded type and on the two aft-loaded types 
of turbine cascades led to the following conclusions: 

1 The type of velocity distribution in the suction surface is 
of great importance in view of total pressure losses. The aft-
loaded type with a carefully limited rearward deceleration 
yields low losses. 

2 At realistic degrees of free-stream turbulence, Tu,>2 
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Viscous-inviscid Computations of 
Transonic Separated Flows Over 
Solid and Porous Cascades 
A complete viscous-inviscid interaction is performed that reliably computes steady 
two-dimensional, subsonic and transonic attached and separated flows for cascades 
of airfoils. A full-potential code was coupled with both a laminar/transition/ 
turbulent integral boundary-layer/turbulent wake code and the finite-difference 
boundary-layer code using the semi-inverse methods of Carter and Wigton. The 
transpiration coupling concept was applied with an option for a porous airfoil with 
passive and active physical transpiration. Examples are presented which 
demonstrate that such flows can be calculated with engineering accuracy by these 
methods. Carter's update formula gives smoother solutions for a strong shock than 
Wigton's update formulas^ although Wigton's formulas are preferred in the early 
coupling cycles. The computations show that passive physical transpiration can lead 
to a lower drag coefficient and higher lift coefficient, a weaker shock, and elimina­
tion of shock-induced separation. The extent of the porous region and permeability 
factor distribution of the porous region must be chosen carefully if these im­
provements are to be achieved. 

Introduction 
Any meaningful computation of separated transonic two-

dimensional flows for cascades requires the inclusion of 
viscous boundary layer and wake effects. Reviews of pro­
cedures for calculating viscous-inviscid interaction in tran­
sonic flow about isolated airfoils have been presented by 
Oiling [1], Lock [2], Lock and Firmin [3], Melnik [4], 
LeBalleur [5], Jameson [6], and Cebeci et al. [7]. 

The boundary layer can be calculated in the direct or inverse 
mode. In the direct mode the velocity or pressure on the 
matching surface between the viscous and inviscid part of the 
flow field is specified. In the inverse mode some other quantity 
(the forcing function) is specified, such as the displacement 
thickness 8*, mass flux defect Q, or skin friction coefficient 
Cj. Present finite-difference and integral methods in general 
must be operated in the inverse mode to calculate extended 
separated regions in practical computations, when steady-state 
first-order boundary layer theory is used (see [8] for an excep­
tion for a finite-difference method). An alternative way to 
simulate massive separation is to compute the detached 
streamline where the boundary layer separates from the airfoil 
and then use this streamline as part of the effective airfoil sur­
face [9, 10]. 

The matching between the inviscid and viscous calculations 
can occur on any of three different surfaces: the surface of the 
airfoil and the wake centerline, the displacement surface, or 
the edge of the boundary layer and wake 8 [11]. In the first 
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case an equivalent transpiration boundary condition is used in 
the inviscid calculation. This case will be called the transpira­
tion coupling concept. It obviates the necessity of regenerating 
the inviscid grid after each coupling cycle and represents the 
best existing method [1]. Several types of strong interaction 
methods have been devised. The simplest approach, called the 
semi-inverse method, computes part or all of the boundary 
layer and wake in the inverse mode. An initial guess for the 
forcing function must be made. The resulting viscous 
boundary-layer edge velocity or pressure is compared with the 
inviscid velocity or pressure on the matching surface. If these 
differ then the forcing function and the coupling boundary 
conditions are updated. Several methods have been proposed 
for updating the forcing function during the viscous-inviscid 
iterations by Carter [12], LeBalleur [13], Wigton [14], and 
Gordon and Rom [15]. This type of strong interaction has 
been favored by many investigators because it allows one to 
make the minimum amount of changes to the inviscid code, 
which is usually more complex than the viscous code. 

It should be noted that first-order boundary-layer theory 
neglects the normal-pressure gradient effect due to the cur­
vature of streamlines in'side the boundary layer and wake. In 
the near-wake region this effect leads to a jump in the tangen­
tial velocity component along the wake centerline in the in­
viscid code. It will be called the wake curvature effect and two 
approximate theories have been proposed to correct for it [4, 
3]. 

Porous Airfoils 

Shock-free or nearly shock-free transonic airfoils and 
cascades have favorable properties, such as minimum wave 
drag and no or reduced shock-induced separation. To design 
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such airfoils, one approach has been to modify the airfoil 
shape [16]. Another method of achieving shock self-
cancellations is to modify the surface boundary conditions on 
the airfoil, such as by allowing for physical transpiration by 
making the airfoil surface porous [1, 17-23]. The latter ap­
proach may be applied in an active (or forced) transpiration 
mode or in a passive transpiration mode. An example of a 
passive method is allowing the plenum (cavity) pressure (under 
the porous airfoil surface) to adjust to a value that is in 
equilibrium with Darcy's law for porous material and the ex­
ternal flow. In this case, the net mass flow through the per­
forated airfoil surface is zero. 

The computer codes developed as a part of this [1] study can 
simulate the passive transpiration effects of a perforated air­
foil surface with a cavity located underneath. Darcy's law is 
used to determine the physical transpiration velocity [17] 

where pw is the airfoil surface pressure, pp is the plenum 
pressure (assumed to be constant), a is the permeability factor, 
a is the nondimensional permeability factor, and p„ and q^ 
are the upstream density and speed, respectively. A value of a 
= 0.6 corresponds to a geometric porosity of about 10 percent 
[18]. The plenum pressure is computed from 

pp= \ popwds/\ pods 

where s is the airfoil surface arc length. The physical transpira­
tion velocity normalized by the critical speed of sound is 

7 M i 

Pw ds 

Pa 

[ . P ds 
a— 

is p* C 

Py 

p« 

where the asterisk denotes a critical value. 
Two distributions of a can be specified in the input of the 

present version of the code [24]. These are a uniform distribu­
tion and a peaked distribution having a maximum inside the 
porous region and smooth tapering to zero at the ends of the 
region. The chordwise coordinates of the beginning (x{) and 
end (x2) of the porous region and the location of the maximum 
permeability (xm) on the upper and lower sides of the airfoil 
are input. 

Integral Boundary-Layer Code 

Laminar Boundary Layer. The boundary layer is assumed 
to be divided into laminar, transitional, and fully turbulent 
regions in the streamwise direction. Near the leading edge of 
the airfoil the boundary layer is assumed to be laminar. The 
attached laminar boundary layer is computed in the direct 
mode by a modified form of a compressible Thwaites method 
([25]; see Appendix A for details). The tangential inviscid 
velocity on the airfoil surface «,• is specified. If laminar 
separation is indicated, the boundary layer is in the present 
code assumed to transition abruptly to fully turbulent flow. 

Transition Region. Two options are available for determin­
ing transition. One option is to enforce abrupt transition at a 
specified point (no transition region). The other option is t o 
calculate the transition region from the empirical method of 
Abu-Ghannam and Shaw [26] modified for compressibility. 
The start of transition is determined from an empirical cor­
relation for the incompressible momentum thickness Reynolds 
number as a function of the free-stream turbulence level and 
an incompressible streamwise velocity gradient parameter . 

Other correlations are used to determine the extent of the tran­
sition region and the momen tum thickness at the end of transi­
tion. Addit ional correlations then allow the momentum 
thickness, shape factor, and skin friction coefficient in the 
transition region to be computed. Stewartson's [27] transfor­
mation is used to relate incompressible and compressible 
quantities. The method is invalid when the transition region 
includes separated flow or a shock wave or extends into the 
wake (see Appendix B for details). 

Turbulent Boundary Layer. The turbulent boundary layer 
and wake is calculated with the lag-entrainment integral 
method of Green et al. [28] modified by East et al. [29] in 
either the direct mode with ut specified or in the inverse mode 
with the mass flux defect Q specified. Here Q = PjUfi* where 
Pi is the inviscid density on the airfoil or wake centerline. Both 
attached and thin separated turbulent flow can be calculated. 
This method is based on the solution of three ordinary dif­
ferential equations: the momen tum integral equation, entrain-
ment equation, and a lag equation derived from the differen­
tial turbulent kinetic energy equat ion. The original integral 
boundary layer equations of Green et al. [28] were extended to 
include physical surface transpirat ion. The extended momen­
tum integral equation is 

dd 

~~ds~ 
-7 (H+2-M2) 

due 

Is + mu 

where mw - (pwvw)/(peue) is the nondimensional transpira­
tion mass flux. Here the subscripts e and w denote the edge of 
the boundary layer and airfoil surface, respectively, s is the 
arclength in the streamwise direction along the airfoil or wake 
centerline, 0 is the momentum thickness, u is the speed, Cf is 
the skin friction coefficient, H is the shape factor, M is the 
local Mach number, and p is the density. The equation for the 
entrainment coefficient CE given by Green et al. [28] is ex­
tended [1] to 

CF = 
1 

peue ds s: pudn — mK 

where CE = VE/ue, VE is the entrainment velocity (positive 
for entrainment), and n is the coordinate normal to the airfoil 
surface. Using the definition 

Hx=M6-^-dn 
e Jo Peue 

results in the modified entrainment equation [1] 
dH dft [cE + mw-Hl[^-
ds dH, 

where H is Head's shape factor 

1 

+ mw-(H+\)—^-\\/6 
u, ds •-}} 

e Jo P„ \ uJ 
dn 

In the method of Green et al. [28] the skin friction coeffi­
cient Cy is computed from a correlation depending on the 
value of the flat-plate (zero pressure gradient) skin friction 
coefficient C^ coresponding to the moment thickness 
Reynolds number Ree of the flow. The value of this flat-plate 
skin friction coefficient is modified to account for the effects 
of transpiration by using the relation given by Kays and 
Crawford [30] 

(-J0 — (-JQs 
r/nd+^/)i (1+5,)0-2 5 

where C^ is the flat-plate (zero pressure gradient) skin fric­
tion coefficient for a nonporous surface and Bj = 
mw/(CjQ/2). The value of CJQ is determined by Newton itera­
tion. It is assumed that the other empirical correlations used in 
the method of Green et al. [28] and modified by East et al. [29] 
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are approximately the same for the case of a transpired 
boundary layer. 

In the inverse mode the dependent variables are ue, H, and 
CE. The form of the equations is 

due _ _ A 1 dQ 

~ds~ ~ ~~B~ ~W ds 

dH _ o'-.e 

ds ds 

ds ds 

The expressions for the coefficients are given in Appendix C. 
The boundary layer and wake on the upper and lower sides of 
the airfoil and wake centerline are computed separately. The 
wake centerline is taken to be a cubic polynomial with the four 
coefficients determined from the locations and slopes of the 
trailing edge and the assumed location of the end of the wake 
centerline. The skin friction coefficient is set equal to zero in 
the wake. The starting value for ue is w;. When transition is en­
forced the starting value for Q is determined in either of two 
ways. One way is to assume continuity of Q. The other way is 
to compute Q by assuming that it has the value that a flat-plate 
boundary layer would have at the same distance from the 
leading edge. The starting values for H and CE are found 
following the method given by Oiling [1], The correction for 
longitudinal surface curvature suggested by Green et al. [29] 
was incorporated by Oiling [1]. The system of equations is in­
tegrated with a fourth-order Runge-Kutta method [31]. The 
streamwise step size is clustered toward the leading and trail­
ing edges and is smaller than that of the inviscid code. The 
first derivative of the forcing function is calculated in the 
supersonic region by first-order accurate upstream differenc­
ing and in the subsonic region by the second-order accurate 
differencing for a nonuniform step size presented as equation 
(3.14.3) of Ferziger [31]. 

Finite-Difference Boundary-Layer Code 

The finite-difference compressible boundary layer code 
presented by Drela [32] was adapted to the present coupling 
approach. This code can compute compressible laminar, tran­
sitional, and turbulent flow that is attached or separated. 
Modifications were made by Oiling [1] to the calculation of 
the inner eddy viscosity for turbulent separated flow. Surface 
transpiration effects were incorporated. The intermittency 
factor of Abu-Ghannam and Shaw [26] was used in the transi­
tion region. This code is based on a variation of Keller's box 
scheme [33, 34]. 

The governing equations are the continuity equation, the 
linear momentum equation in the streamwise direction, and 
the total enthalpy equation. The Cebeci-Smith [34] two-layer 
algebraic eddy viscosity formulas are used. These equations 
are nondimensionalized, and then transformed variables are 
introduced which permit the calculation of flow near the 
stagnation point. The coupled system of equations is dis-
cretized on the shifted box grid [32] and Newton iteration is 
applied to determine the iterates of the unknown variables. 
This procedure leads to a block tridiagonal system of equa­
tions in which the blocks are 3 x 3 matrices. The eddy viscosity 
is also linearized during the Newton iteration procedure and 
this leads to quadratic convergence of the solution for both 
laminar and turbulent flow. 

Four different forcing functions can be used. In the direct 
mode Uj is specified. In the inverse mode 5*, Q, or Cf can be 
specified. It was found by numerical experiments that the 
solution would not converge when Q was specified at the 
stagnation point. 

A modified Reyhner-Flugge-Lotz approximation is applied 

in the separated flow. This consisted of eliminating the con­
tribution of the convective momentum term to the variable 
iterates (the terms inside the 3 x 3 blocks) but retaining its 
contribution to the residues. 

The finite-difference code was chosen over a laminar in­
tegral boundary-layer code capable of computing laminar 
separated flow for two reasons. A laminar integral boundary-
layer code based on a modified Klineberg-Lees [35] method 
was developed by Oiling [1], but it was found that the code 
could not be used very near the stagnation point because the 
integral boundary layer equations possess a singularity there. 
This would render the method inappropriate if a leading edge 
separation bubble occurred. Also a laminar integral 
boundary-layer code cannot compute the transitional region 
(unless the approximate procedure of LeBalleur [13] is ap­
plied) and the empirical method of Abu-Ghannam and Shaw 
[26] is inapplicable when the transition region contains separa­
tion or a shock wave. Thus, for these special cases, the finite-
difference method is most appropriate. 

Coupling Boundary Conditions—Total Transpiration 
Velocity 

The coupling boundary conditions in the inviscid code on 
the airfoil and wake centerline are a total transpiration veloci­
ty vn normal to the airfoil and jump conditions on the velocity 
components normal and tangent to the assumed wake 
centerline. The total transpiration velocity v„ consists of two 
parts: an equivalent transpiration velocity vb due to the 
boundary-layer displacement effect and a physical mass-
weighted transpiration velocity vc due to suction or blowing 
through the porous airfoil surface, such that 

vn=vb + vc 

where 

1 dQ Pw 

vb= — and vc= vw 

Pi ds ft. 

Here pw and vw are the density and velocity of the physically 
transpired fluid, respectively. The sign of v„ is positive for 
blowing (i.e., a source). It is assumed that pw is equal to the 
adiabatic wall density 

/,w=P//(l+r-^zilM
2) 

where r is the recovery factor, y is the specific heat ratio, and 
M is the local Mach number. For laminar flow, r = (Pr)1/2 

and for fully turbulent flow r = (Pr)1/3, where Pr is the 
Prandtl number. For transitional flow, it is assumed that r = 
(pr)(i/2-Tfr/6) w i ! e r e ytr -1S (he intermittency factor, 0 < ytr < 
1, ylr = 0 for laminar flow, and ylr = 1 for fully turbulent 
flow. The displacement thickness in the definition of Q is 

1 ?s 

8*= (PjUj-Pu)dn 
Piwuiw Jo 

The velocity jumps on the wake centerline are [3] 

A»„=-L(f) +_L(f) 
p,„ \ ds / u pu \ ds / i 

AM, = - \K* - ^ - ( 1 + \/Hu)+Kt-Q-{\ + \/H,) 
L Piu Pil J 

where A indicates a jump, the subscripts u, I denote the upper 
and lower sides of the wake centerline, H = 8*/6 is the shape 
factor, and K* is the curvature of the displacement thickness 
surface 

where 13 is the streamline slope [19] on the displacement 
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Fig. 1 Computational grid, Sobieczky cascade 

thickness surface. A procedure similar to that of Collyer is 
used to introduce the jumps in the normal and tangential 
velocity components into the reduced potential at the points 
on the upper and lower sides of the wake centerline and at the 
fictitious points on either side of the wake centerline. The 
detailed procedure is shown by Oiling [1]. 

The semi-inverse coupling method can be summarized as 
follows: 

1 The potential solution is advanced for a certain number 
of iterations on up to four increasingly refined grids with v„ = 
0 on the airfoil surface. 

2 The boundary layer code was run in the direct mode with 
u specified from step 1 until separation or a specified point 
was reached. At that point the boundary layer code was 
switched to the inverse mode with an initial guess for Q. 

3 Wigton's or Carter's formulas for updating the Q values 
are applied (see Appendix D). The transpiration velocity and 
jumps in the velocity components along the wake centerline 
are computed. 

4 The potential solution is advanced for one to five itera­
tions on the finest grid being used, with the boundary condi­
tions held constant. During the first nine coupling cycles the 
relaxation factor was equal to unity. After that the relaxation 
parameter was equal to 1.7-1.8. 

5 The boundary layer code was run in the direct mode on 
the forward part of the airfoil and in the inverse mode on the 
rest of the airfoil and wake centerline with the Q values deter­
mined from step 3. 

6 Steps 3-5 are repeated until the error measure («e/u, — 
1) is less than a specified value or until a maximum number of 
interaction cycles has been reached. 

Results 

Based on the detailed analytic and numerical analysis of Oil­
ing [1], a package of computer programs, GSD28, was 
developed [24]. This software performs automatic computa­
tional grid generation, full potential finite area inviscid flow 
solution [16], integral and finite difference method solution of 
the complete boundary layer with wake, and automatically 
iteratively couples the inviscid and the viscous part of the flow 
field. 

The first example is for a cascade of solid Sobieczky [16] 
airfoils, which are not shock-free. The upstream Mach 
number is 0.80, the Reynolds number based on the chord is 9.1 
x 10\ Tx = 288 K, c = 0.076 m, and the freestream tur­
bulence level is 1 percent. The upstream angle of attack with 
respect to the horizontal is 40 deg and the stagger angle with 
the horizontal is 27.3 deg. The gap-to-chord ratio is 1.0. The 
computational wake extends two chord lengths downstream. 
Three sets of increasingly refined grids were used. The finest 
grid had 48 cells on both the upper and lower sides of the air­
foil, 32 cells along each side of the wake and 16 C-layers of 
grid cells in the outward direction (Fig. 1). The inviscid code 

Fig. 2 Mach number field, solid Sobieczky cascade 
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Fig. 3 Pressure coefficient distribution, Cp , solid Sobieczky cascade 
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Fig. 4 Total transpiration velocity, vn/a*, solid Sobieczky cascade 

was run for 10 iterations on the first grid, 10 iterations on the 
second grid, and 5 iterations on the third grid. Viscous-in-
viscid coupling was then initiated. During the coupling, one 
viscous sweep was performed for each inviscid sweep. The 
overrelaxation factor for the inviscid code during the coupling 
was 1.697. 

Transition was enforced on the upper side of the airfoil at 3 
percent of the chord and the boundary layer and wake were 
computed by the integral method. Natural transition was 
allowed on the lower side of the airfoil, and the boundary 
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layer was computed by the finite-difference method with the 
wake computed by the integral method. Transition started at 
x/c = 0.2357 and ended at x/c = 0.5554. 

Wigton's update method was used for the first 400 coupling 
cycles in the regions computed by the integral method. 
Wigton's method was used because during the initial coupling 
cycles with Carter's update method with a relaxation factor of 
0.1, the boundary layer developed oscillations. Carter's up­
date method, with a relaxation factor of 0.1, was therefore 
used for the last 240 coupling cycles. At the same time, 
Carter's update method, with a relaxation factor of 0.1, was 
successfully used for the regions computed by the finite-
difference boundary-layer code. The trailing edge treatment 
explained by Oiling [1] was applied. Mach number field is 
presented in Fig. 2. The airfoil surface pressure coefficient 
distribution is shown in Fig. 3. The coupled and pure inviscid 
solutions exhibit large differences indicating strong viscous-
inviscid interaction. The predicted drag coefficient is CD = 
0.02458 and the lift coefficient is CL = 0.64293. The predicted 
turning angle is 16.92 deg. The total transpiration velocity is 
presented in Fig. 4. A large value is noted at the trailing edge 
on the upper side of the airfoil. The displacement thickness is 
shown in Fig. 5. The skin friction coefficient is shown in Fig. 
6. On the upper side of the airfoil, the flow has shock-induced 
separation between x/c = 0.369 and x/c = 0.496 and 
separates again downstream of x/c = 0.683. On the lower side 
of the airfoil, laminar separation starts at x/c = 0.163 and 
reattachment occurs at x/c = 0.427 as a transitional flow with 
the itermittency factor ylr = 0.66. When this example was 
computed with a freestream turbulence level of 5 percent, 
natural transition occurred sooner on the lower side of the air­
foil and no separation occurred there. 

Fig. 7 Mach number field, solid NACA 65-(12)10 cascade 

Fig. 8 Pressure coefficient distribution, Cp , solid and porous NACA 
65-(12)10 cascades 

The second cascade flow example is for both a solid and 
porous NACA 65-(12)10 cascade. The pressure coefficient was 
experimentally determined for the solid cascade by Briggs 
[38], The upstream Mach number is 0.81, the Reynolds 
number based on the chord is 9.1 X 105, r „ = 288 K, c = 
0.076 m, and the freestream turbulence level is assumed to be 5 
percent. The upstream angle of attack with respect to the 
horizontal is 45 deg, and the stagger angle relative to the 
horizontal is 28.5 deg. The gap-to-chord ratio is 1.0. The wake 
extends two chord lengths downstream. 

In the porous cascade case, a peaked permeability factor 
distribution on the upper side of the airfoil was used with ffmax 
= 0.10, ^ = 0.20, x2 = 1.0, andA:m = 0.3586. 

Transition was enforced at 3 percent of the chord on the up­
per side of the airfoil and natural transition was allowed on 
the lower side. The boundary layer and wake on both sides 
were computed with the integral method. For the lower side of 
the solid airfoil, computed transition started at x/c = 0.085 
and ended at x/c = 0.244. For the lower side of the porous 
airfoil, transition started at x/c = 0.0925 and ended at x/c = 
0.262. 

The converged solution Mach number field with a contour 
interval of 0.02 is presented in Fig. 7 for the solid cascade case. 
The pressure coefficient is shown in Fig. 8. For the solid 
cascade, the computations agree fairly well with the experi­
ment except at the beginning of the shock. For the porous 
cascade, the shock strength is weaker. The Cp curve on the up­
per side begins to differ from that of the solid case at the start 
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of the porous region. The computed drag coefficient for the 
solid cascade is CD = 0.03086 and for the porous cascade is 
CD = 0.02755, a reduction of 10.7 percent. The computed lift 
coefficient for the solid cascade is CL = 0.74235 and for the 
porous cascade is CL = 0.76023, an increase of 2.41 percent. 
The computed static-pressure rise p2/p\ for the solid cascade 
is 1.2546 while the experimental value was 1.244. The value 
for the porous case is 1.2622. The computed turning angle for 
the solid cascade is 19.0 deg while the experimental value was 
20.6 deg. The value for the porous case is 19.97 deg. The 
plenum Cp for the porous airfoil is -0.453 while C* = 
-0.406. 

Figure 9 illustrates the equivalent and physical mass-
weighted transpiration velocities, vb/a* and vc/a*, and the 
permeability factor a for the porous cascade. Because the 
plenum Cp is close to C*, physical blowing occurs in the super­
sonic region ahead of the shock and physical suction takes 
place behind the shock. The displacement thickness is shown 
in Fig. 10. The skin friction coefficient is presented in Fig. 11. 
For the solid cascade, shock-induced separation occurs be­
tween x/c = 0.41 and x/c = 0.45, and the flow again 
separates at x/c = 0.80. A smooth transition region on the 
lower side of the airfoil is computed. For the porous cascade, 
physical blowing ahead of the shock leads to decrease of Cf to 
near separation, but the flow remains attached. Physical suc­

tion behind the shock causes the Cf to increase. Only a small 
region of trailing edge separation occurs. The momentum 
thickness, shape factor and mass flux defect are presented in 
Figs. 12, 13, and 14, respectively. 

It should be pointed out that all computations were per­
formed on a medium-size computer, HARRIS 800 II. One 
sweep of the inviscid code on a typical grid used during the 
coupling required between 5.35 and 5.87 s of CPU time. The 
integral boundary-layer code computed the entire boundary 
layer and wake and coupling boundary condition in about 5.4 
s of CPU time. The finite-difference boundary-layer code re­
quired an order of magnitude more time, 62.4 s of CPU time, 
to compute the boundary layer on one side of the airfoil only. 

Conclusions and Recommendations 

On the basis of the results presented, it can be concluded 
that coupled viscous-inviscid calculations of transonic 
separated cascade flows, with or without physical transpira­
tion, are feasible with the present method [1, 24]. However, 
the semi-inverse coupling method can require a large number 
of coupling cycles in difficult cases. Part of the reason for this 
is the slow convergence rate of the SLOR scheme [36] of the 
inviscid code on the finest grid being used. More efficient in-
viscid algorithms (e.g., alternating-direction implicit or ap­
proximate factorization schemes) are available that could 
remedy that aspect of the problem. But even without modify-
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ing the inviscid algorithm, some improvement of the global 
convergence could be achieved by simultaneous calculation of 
the inviscid and viscous equations in the manner of, for exam­
ple, Wai and Yoshihara [37] but without their viscous ramp 
model of shock/boundary-layer interaction. Another advan­
tage of that approach would be the elimination of the necessity 
of specifying an initial guess for the mass flux defect when 
separation is encountered.' Such calculations were made with a 
modified version of the GSD28 code [1, 24]. The nonlifting 
NACA 0012 airfoil was tested using this approach, and the 
results were encouraging. 

For separating cascade flow, Wigton's update formulas are 
best for the initial coupling cycles, after which Carter's update 
formula can be used to achieve smoother solutions in the 
shock region. 

The pressure correction theory of Lock and Firmin [3] is in­
appropriate in the region of strong shock waves. A more 
sophisticated approach is needed. Boundary-layer displace­
ment effects can be much larger in cascades than for isolated 
airfoils. The shock wave in cascades will often be in a region 
of transitional flow unless the freestream turbulence level is 
high. The present integral boundary-layer code cannot handle 
this situation and transition must be enforced ahead of or at 
the shock. 

The computations show that passive physical transpiration 
can lead to a reduced drag coefficient and increased lift coeffi­
cient for the permeability factor distributions used in the 
present work. The shock strength can be diminished and 
shock-induced separation can be eliminated. If the porosity is 

too large or the porous region extends too far ahead of the 
shock, it was observed that the induced blowing ahead of the 
shock may cause separation there. Actually, the aerodynamic 
performance of airfoils also can be decreased if the porosity is 
applied in an ad-hoc manner, just as the incorrectly applied 
"shaving-off" procedure [16] can make shocked airfoils have 
even stronger shocks. 

Consequently, it would be highly desirable to approach the 
entire concept of porous airfoil design as an inverse problem. 
Thus, the optimal porosity distribution and its extent should 
be found so that it corresponds to a minimal possible total 
aerodynamic drag for the particular airfoil and given global 
aerodynamic parameters. 
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A P P E N D I X A 

Laminar Boundary Layer 

Rott and Crabtree's [25] compressible Thwaites method for 
laminar boundary layers is modified as shown below. 

From Stewartson's [27] transformation, we have the follow­
ing relationships between incompressible (subscript I) and 
compressible quantities 

I V pe / \aa / Jo V ae J 

(A7) 

where v0 is the stagnation kinematic viscosity coefficient. The 
incompressible pressure gradient parameter l{ is 

dux B\ 1 / aro \ 4 pe TQ 62 du 
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The incompressible shape parameter H{ is computed from l1 

using the curve fits to Thwaites' tabulated values presented by 
Cebeci and Bradshaw [33] 
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The skin friction coefficient is computed from 
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Klineberg and Lees [35] present P and Hx as functions of a 
parameter "a" for Falkner-Skan velocity profiles. Using a 
polynomial least-squares fit, the following relation was deter­
mined for attached flows 

a = 8.036555z + 41.54676z2-167.6696z3 

+ 300.770z4 + 1546.605z5 (A14) 

where z = Hx — 0.24711. Then P was determined from the 
relation given by Klineberg and Lees [35]. The shape factor is 
computed from 

H=H] - + Pr> '(-£-) (A15) 

The displacement thickness is 5* = H6 and the mass flux 
defect is Q = peue5*. 

A P P E N D I X B 
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Here, n is the coordinate normal to the airfoil, and the 
subscripts co and 0 denote upstream infinity and stagnation 
conditions, respectively. The value of 6 is computed from 
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Transition Region 

The empirical method of Abu-Ghannam and Shaw [26] for 
calculating transitional boundary layers is modified for com­
pressibility as shown below. By using Stewartson's [27] 
transformation, the following relations between incompressi­
ble (subscript I) and compressible quantities are found (in ad­
dition to equations (Al), (A3-A6)) 

g,t<i Pe / a„ \ 2 6u 
R, (Bl) 

X i = -
6} du. 

ds. m e2 du 
ds 

(B2) 

where the subscript oo denotes upstream infinity. The value of 
v{ is calculated by finding w, and from this determining the 
isentropic temperature and density 

-.(-wn (B3) 
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and then using Sutherland's equation 

v1=^l/p1 = [1.458 X 10-6r{-5 / (r , + 110.4)]/^! (B5) 

The quantities p0, T0, a0 are the stagnation pressure, 
temperature, and speed of sound, respectively. The incom­
pressible arc length is found by integrating equation (Al). 

The start of transition (subscript S) is determined from the 
relation 

(*,), > (Rehs (B6) 

where (i?e)iS is defined by equations (11)—(13) of Abu-
Ghannam and Shaw [26]. 

The end of transition (subscript E) is determined from 
finding when 
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The momentum thickness at the end of transition depends on 
the value of 

B = [{\-M2)Q + peueF26\/ue 

F2 = -H(H+2-M2) + (l+0.2rM2)(H+l)H1 
dH 

dH, 

C =-

+ 0.4rM2(l + 0.2M2)(H+ 1) 

dH f_ „ tCr 

dH, 
-[cE + mw-Hl(-^- + mw

S)]/e 

dH 
D =-r^-Hl(H+l)/u, 

dHx 

= F[2.8[(Cr)>/Q
2

0 - MC^ViH+Hi) 

e du. 
\Ue dS /EQ J 

C,=B2-4AC 

where 

A = 183.5 C ^m, duY 

dsl / E 

B = um/vm 

C= -540-183 .5C, 

C , = i ? I L 1 0 - 5 - 1 . 5 

/v„ 

(BH) 

(B12) 

(B13) 

(B14) 

(B15) 

(B16) 

(B17) 

^IL = (*IE-%)"IS/''IS 

If C2 > 0, then 

6m = [-B+(C2y
/2]/(2A) 

If C2 < 0, then 

OlB = 0.0368(Rtf)/B (B18) 

The value of 8E is found from equation (A5). This value is 
used to compute HE and C ^ according to the second method 
suggested in section A4 of Green et al. [28]. 

The values of 6, H, and Cf in the transition region are found 
using equations (24), (26), and (32) of Abu-Ghannam and 
Shaw [26]. 

A P P E N D I X C 

Turbulent Boundary Layer 

The coefficients used in the integral turbulent boundary 
layer equations are presented below 

A = ~peueFx 

Fx = / / ( - ^ + m „ ) + ( l + 0.2/-M2)rcE + /MH, 

' C , \ 1 dH 

F = -F[l +0.075M2(1 +0.2M2)/(1 + 0.1M2)]/we 

where 

F = (0.02CE + C | +0.8 C/()/3)/(0.01 + CE) 

CT =r/(Peu
2

e) 

T is the maximum shear stress, r is the recovery factor, the 
subscripts EQ and 0 denote equilibrium flow and flat-plate 
flow, respectively, and X is a scaling factor for effects due to 
longitudmal streamline curvature and flow convergence or 
divergence. 

The following changes are made to equilibrium quantities: 

(CE)EQo =*. [•£ + »„ -<*+ ! ) ( £ -f^)EQo ] ~mw 

( ^ ^ ) E Q =( - f + »--[(CB)HQ+«.]/H1}/(»+l) 

A P P E N D I X D 

Wigton's [14] formulas for updating the Q values between 
each interaction cycle are as follows: 

forM < 1: 

UifrpjBu, ( ue 
Qn+1=Q" + 

for M > 1: 

Q"+1=Q" + 

vB-0Pi V u, J 
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(vB)2 + (.$Pi)
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-*,(-*--0] 
where_ M is the local Mach number, v = ir/As, As is the step 
size, $ = II - M 2 1 i n , B is the coefficient in the momentum 
integral equation written in the form 

ds ds 

and W! and w2 are relaxation factors (equal to unity in 
Wigton's analysis). 

Carter's [12] update formula is 

-»^m o"'=e"[1+»BH] 
where co is a relaxation factor. 
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Predictions of Endwall Losses and 
Secondary Flows in Axial Flow 
Turbine Cascades 
This paper describes the development of a semi-empirical model for estimating end-
wall losses. The model has been developed from improved understanding of com­
plex endwall secondary flows, acquired through review of flow visualization and 
pressure loss data for axial flow turbomachine cascades. The flow visualization data 
together with detailed measurements of viscous flow development through cascades 
have permitted more realistic interpretation of the classical secondary flow theories 
for axial turbomachine cascades. The re-interpreted secondary flow theories 
together with integral boundary layer concepts are used to formulate a calculation 
procedure for predicting losses due to the endwall secondary flows. The proposed 
model is evaluated against data from published literature and improved agreement 
between the data and predictions is demonstrated. 

1 Introduction 
A knowledge of the magnitude of losses is essential in the 

preliminary and detailed design phase of a turbomachine. 
Historically these losses have been divided into three distinct 
parts, namely profile losses, endwall secondary flow losses, 
and tip clearance losses. The profile losses are generated on 
the airfoil surfaces due to the growth of the boundary layers. 
These losses can be fairly accurately calculated in the detailed 
design phase for given airfoil surface static pressure distribu­
tion by using boundary layer calculation methods. It should be 
pointed out that a good transitional boundary layer calcula­
tion method and a model that accounts for the unsteadiness 
due to the rotor-stator interaction is essential if reliable 
estimates of profile losses in a rotating rig environment are to 
be obtained. For a given family of airfoils designed for 
prescribed velocity triangles, profile losses can also be fairly 
accurately estimated in the initial phase of the turbine design. 
The magnitudes of endwall secondary flow losses and tip 
leakage losses, however, are almost exclusively obtained from 
available empirical correlations both in the initial and the 
detailed design phase of a turbomachine. Tip leakage losses 
mainly occur in rotors and these are invariably parasitic losses 
which can be reduced through active control of the tip 
clearance. The endwall secondary losses, on the other hand, 
occur because of the annulus wall boundary layers and their 
interaction with the airfoils in the blade row passage. Since 
these losses account for almost 30-50 percent of the total 
pressure loss in any blade row, it is important to understand 
the physical mechanisms responsible for generating these 
losses and to define a realistic formulation for estimating them 
which can be used for turbine designs. 

Dunham [1] conducted a detailed review of the available 
correlations for endwall secondary flow losses and through his 
comparison with available data concluded that none of the 
then-existing methods gave a realistic estimate of losses for 
cascades. He proposed a correlation for the endwall secondary 
flow losses which was later modified by Came [2], Dunham 
and Came [3], and Morris and Hoare [4]. The modified for­
mulation of Dunham's correlation is given by the following 
expression 

sin j32 

h sin fil \r/b 'b) 
sm^ 
sin3 |3„ 

-(o.29< + 0.011 (1) 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 14, 1986. Paper 
No. 86-GT-228. 

In his paper, Dunham concluded that a fresh approach to 
estimate endwall secondary flow by using three-dimensional 
boundary layer concepts was needed to get more realistic 
predictions of the endwall secondary flow losses. 

A number of experimental investigations [5-9] have been 
conducted over the past decade in large-scale rectilinear and 
annular cascades to provide more insight into the complex 
three-dimensional flows in the endwall regions and to provide 
a data base to facilitate three-dimensional endwall boundary 
layer and/or three-dimensional viscous flow calculations. 
Sieverding [10] gave an excellent review of these recently con­
ducted studies in order to outline the state-of-the-art 
understanding of the basic aspect of the secondary flows in 
turbine blade passages. In his paper, Sieverding provided 
detailed insight into the topology of the complex three-
dimensional flow field in the endwall regions; however, he did 
not provide any viable procedure to estimate endwall losses. 

To the authors' knowledge, only two endwall loss predic­
tion methods [11, 12] have appeared in the literature since 
Dunham's correlation which can be used in turbine design 
process. The formulation provided by Gregory-Smith [11] 
allows estimation of both the spanwise distribution of endwall 
losses and the exit air angle deviation due to secondary flow. 
However, this method can be used only in the detailed design 
process where airfoil shapes and flowpath geometry have been 
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Fig. 1 Cascade vorticity as predicted by classical secondary flow 
theories 

defined. The correlation of Mukhtarov and Krichakin [12] can 
be used in the initial design phase where optimization and 
selection of turbine parameters and flow path are being con­
ducted. It should also be pointed out that a number of viscous 
numerical calculation methods [13, 14, 33] have been 
developed over the past 15 years which have the potential to 
influence the optimization of turbines once realistic turbulence 
models capable of predicting three-dimensional transitional 
flows become available. These state-of-the-art numerical 
methods can only be used to guide experimental work and 
designs at the moment. 

The primary objective of the present paper is to 
demonstrate that the detailed data obtained in the last 15 years 
have provided sufficient information about the endwall secon­
dary flows in turbine cascades to allow a physically realistic 
model for the endwall secondary flow losses. In addition, 
these data have also provided new insight about the effect of 
inlet boundary layer (normal component of vorticity) on the 
secondary flow which indicates that the classical approach of 
inviscid secondary flow theory originally proposed by Squire 
and Winter [15], and subsequently generalized and applied by 
many investigators [16-19], may yield misleading results as far 
as endwall secondary flows in turbomachine cascades are con­
cerned unless proper care is taken while applying these 
theories. A description of the flow field in the endwall region 

of turbine cascades is given below with special reference to the 
effect of inlet boundary layer to substantiate the above 
statement. 

2 Flow Structure in the Endwall Region 

An extensive amount of theoretical and experimental work 
has been conducted over the past forty years to understand 
and estimate secondary flows in axial turbomachine cascades. 
Until the recent availability of three-dimensional viscous 
codes, most of the theoretical work has concentrated on 
developing and applying inviscid secondary flow theories. The 
secondary flow vortex system predicted by these classical 
secondary flow theories is shown in Fig. 1 as described by 
Hawthorne [16]. It shows the resulting component of exit vor­
ticity in the direction of the flow when fluid with inlet vorticity 
is deflected through a cascade. Three distinct mechanisms con­
tribute to the secondary vorticity at the exit of the cascade: 

(0 distributed secondary vorticity which appears as the 
passage vortex at the exit of the cascade which is generated by 
the distortion of the vortex filaments of the inlet boundary 
layer as it passes through a curved passage; 

(ii) trailing filament vorticity which is generated due to the 
stretching of the inlet vortex filaments when passing through 
the cascade with different velocity between the suction and the 
pressure side; 

(Hi) trailing shed vorticity which is generated due to the 
spanwise change of the blade circulation. 

A number of expressions are available for calculating the 
distributed secondary vorticity. Almost all of these expres­
sions have been derived by assuming that the flow in the 
cascade passage is frictionless. These expressions have pro­
vided surprisingly good agreement with measured exit air 
angle data in cascades and curved ducts implying that viscous 
effects in cascades have a relatively small effect on secondary 
flows. It should, however, be pointed out that the energy 
losses estimated by using the theories are an order of 
magnitude smaller than those measured in cascades. 

The sense of rotation of the trailing filament and the trailing 
shed vorticities are opposite to that of the distributed second­
ary vorticity and their relative contributions to the total 
secondary vorticity are much lower than the distributed sec­
ondary vorticity. 

The secondary vorticity predicted by the classical secondary 
flow theories relies on the assumption that inlet boundary 
layer entering the cascade experiences flow turning in the 
passage resulting in distortion of vortex tubes which causes an 
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Subscripts 

1 = cascade inlet conditions 
2 = cascade exit conditions 
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Fig. 2 Cascade endwall flow structure 

increase in vorticity in the streamwise direction. A review of 
the flow visualization and flow measurements in the leading 
edge region of cascade appears to dispute this assumption. 
Details of the flow field in cascades have been fairly well 
mapped by a number of recent investigators as discussed by 
Sieverding [10]. Figures 2 and 3 show flow patterns associated 
with the inlet boundary layer in a turbine cascade. This figure 
has been generated by utilizing available information from 
published literature [5, 9, 10, 20, 22, and 24] along with some 
additional insight obtained by the authors from some recently 
conducted experiments in full and large-scale cascade wind 
and water tunnels. As shown in the above figure, the bound­
ary layer entering the cascade separates in the leading edge 
region forming a horseshoe vortex. A majority of the fluid 
from the inlet boundary layer gets trapped in this vortex which 
has two legs. These two legs are normally termed the pressure 
and the suction side legs. During this interaction the normal 
component of the vorticity associated with the inlet boundary 
layer is transformed into the streamwise component of vortici­
ty as soon as the fluid enters the cascade before most turning 
of the mainstream flow has been achieved. The two legs of the 
horseshoe vortex entering the cascade are counterrotating, and 
if both contain equal amounts of fluid, then the net stream-
wise component of the vorticity would be zero in the exit plane 
of the cascade if the fluid in the cascade were frictionless. 
Recently conducted flow visualization tests at P&W indicate 
that the fluid particles closest to the wall in the cascade inlet 
boundary layer do not become part of the horseshoe vortex. 
These fluid particles get convected toward the suction side of 
the airfoil where they climb the airfoil surface exiting the air­
foil on top of the passage vortex. 

The pressure side leg of the vortex is immediately influenced 
by the blade-to-blade pressure gradient as it enters the passage 
and gets convected toward the suction side, meeting the sur­
face near the minimum pressure point. Since all of the fluid 
particles from the inlet boundary layer have either become 
part of the horseshoe vortex or been convected toward the suc­
tion side, a new boundary layer starts at the endwall 
downstream of the separation line defined by the horseshoe 
vortex system. 

As the pressure side leg of the vortex moves across the 
passage it entrains low-momentum fluid particles from this 
newly formed passage endwall boundary layer and it grows to 
become the passage vortex which is the most dominant feature 
of the flow. This entrainment of the passage endwall bound­
ary layer fluid significantly affects the development of the 
passage vortex and is a key mechanism in the generation of the 
secondary flows and endwall losses. Since this mechanism Is 
governed by viscosity one should not expect inviscid secondary 
flow theories to yield realistic magnitudes of secondary vor­
ticity or endwall losses in cascades. 

The suction side leg of the horseshoe vortex has a sense of 
rotation opposite to that of the pressure side leg of the vortex 
(and the passage vortex). It tends to follow the contour of the 
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Fig. 3 Cascade endwall region separation lines 

airfoil suction side remaining near the endwall until the point 
where the passage vortex interacts with the suction side of the 
airfoil. At this location, which is usually near the minimum 
pressure point in the cascade passage, the suction side leg of 
the vortex is forced off the endwall as it interacts with the 
passage vortex. As the flow proceeds downstream the suction 
side leg of the vortex orbits around the outside edge of the 
passage vortex retaining its identity. The location of this suc­
tion side leg of the vortex in the cascade exit plane depends on 
the size and vorticity associated with it and the passage vortex. 
The countervortex pointed out by Langston [5] at the airfoil 
suction surface endwall junction in the exit plane is most likely 
the suction side leg of the vortex which has arrived at the cor­
ner by spiraling around the passage vortex. 

An important feature of the surface flow visualization on 
the endwall and the airfoil surfaces is the separation at reat­
tachment lines, which was first identified by Langston [5] in a 
turbine cascade. Figure 3 shows the schematic of the surface 
flow visualizations. Zone I in the endwall region represents the 
region affected by the fluid particles which enter the cascade 
as the innermost part of the cascade inlet boundary layer. This 
fluid climbs the airfoil suction surface before the minimum 
pressure point and appears on the airfoil suction side between 
lines SI and S2. The surface streamlines in zone II on the end-
wall indicate strong crossflows from the pressure to the suc­
tion side. This crossflow feeds the pressure side leg of the 
vortex and it grows to become the passage vortex. This separa­
tion line indicates the location where the pressure side leg of 
the vortex separates from the wall. This line meets the airfoil 
suction surface at the minimum pressure point and then climbs 
the airfoil suction surface. The height of the separation line S2 
at the trailing edge of the airfoil approximates the diameter of 
the passage vortex. This line is one of the most prominent im­
prints of the endwall secondary flow vortex in the axial tur-
bomachine passage. Knowledge of the penetration height of 
this separation line at the trailing edge on the airfoil suction 
surface can be used in estimating both endwall losses and 
secondary flows, as shown in the remainder of this paper. 

3 Separation Line Penetration Height 

Detailed review of a large body of available cascade data 
has indicated that the penetration of the separation line 
toward the midheight of the airfoil suction surface is a good 
indicator of the magnitude of secondary flow. The data of 
Langston et al. [5], Marchal and Sieverding [6], and Graziani 
et al. [9] show the region adjacent to the suction surface, be­
tween the separation line and the endwall, to be one of high 
loss and high external heat load associated with the passage 
vortex. 

Because of the importance of the separation line as an in­
dicator of heat loads and losses both for the midspan and end-
wall regions of the airfoil, extensive studies of cascade flow 
visualization experiments were conducted in order to develop 
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Fig. 4 Penetration height of the separation line on the airfoil suction 
surface at the trailing edge as a function of the cascade geometry and 
inlet boundary layer thickness 

a correlation to predict its behavior. Figure 4 shows a plot of 
the penetration height of the suction surface separation line at 
the trailing edge as a function of cascade turning angle, con­
vergence ratio and inlet boundary layer thickness. These data 
were obtained from surface flow visualizations reported in [5, 
6, 9, 21, 22, 24]. The magnitude of the cascade inlet boundary 
layer thickness normalized by airfoil height is written next to 
each data point. The following expression gives a good 
estimate of the penetration height 

bx 
- = 0A5eNCR 

+<$) 
(2) 

where ZTE - penetration height of the separation line at the 
trailing edge on the airfoil suction surface; h = height of the 
airfoil; bx = axial cord; e = flow turning angle in radians; CR 
= convergence ratio = (pU)e^%/(pU)\^t;^i = inlet boundary 
layer thickness. 

The function/^/h) in the above expression can be approx­
imated by 

/ © - 4 — © •'•<)' (3) 

It is noted that the curves for different inlet boundary layer 
thicknesses are parallel lines. This indicates that the increase in 
separation line penetration due to increasing boundary layer 
thickness is relatively independent of the cascade geometry 
(turning angle and convergence ratio). If one considers the 
penetration height of the separation line at the airfoil suction 
surface trailing edge to be an indicator of secondary flow, then 
this result contradicts various secondary flow theories [15-18]. 
These theories relate secondary vorticity at the exit of the 
cascade (due to inlet boundary layer) to the airfoil deflection 
(turning angle). However, these theories assume that the inlet 
boundary layer enters the cascade without interacting with the 
airfoil leading edge, in contrast to the observations about the 
cascade endwall flow discussed above. In cascade flows the in­
let boundary layer interacts with the airfoil leading edge and 
most of the boundary layer fluid (normal component of vor­
ticity) gets wrapped up in the horseshoe vortex (streamwise 
component of vorticity) before any mainstream flow turning 
occurs. This streamwise component of vorticity is unaffected 
by the airfoil deflection. The present correlation indicates that 
the above assumption used in the secondary flow theories may 
be unrealistic for typical turbine cascades and that the leading 
edge/inlet boundary layer interaction may be a more impor­
tant factor than airfoil deflection in determining secondary 
flow due to the inlet boundary layer. 

4 Effect of Inlet Boundary Layer on Cascade Losses 

Although a number of cascade tests have been conducted 
and published in the literature, few of these tests contain 
enough information about the airfoils tested such as airfoil 
shapes,, airfoil surface static pressure distributions, 
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Fig. 5 Loss data from [5-9] indicate that the net cascade passage 
losses are independent of the cascade inlet boundary layer thickness 

measurements of the inlet boundary layer, pitch-averaged exit 
total pressure profiles, and flow visualization on the airfoil 
surfaces, to permit detailed analysis of the cascade loss data. 
Four recently conducted tests, however, do not suffer from 
the above shortcomings: 

(0 Tests conducted by Langston et al. [5] and Graziani et 
al. [9] for a rotor airfoil at low aspect ratio in a large-scale, 
low-speed rectilinear cascade. These tests were conducted for 
both thick and thin inlet boundary layers. 

O'O Tests conducted by Marchal and Sieverding [6] for 
both a nozzle and rotor airfoil at high and low Mach numbers 
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in rectilinear cascades. These tests were conducted at a low 
aspect ratio for thin and thick inlet boundary layers. 

(Hi) Tests conducted by Gregory-Smith and Graves [7] for 
a rotor airfoil at an aspect ratio of about two in a large-scale, 
low-speed, rectilinear cascade. These tests were conducted for 
three inlet boundary layers. 

(iv) Tests conducted by Hunter [8] in a large-scale, low-
speed annular cascade for a nozzle guide vane. These tests 
were conducted for two inlet boundary layers. 

In the first three of the above tests, measurements of losses 
were obtained at various axial stations inside the cascade 
passage including detailed measurements upstream and 
downstream of the cascade. The development of losses 
through the cascade for each of these configurations is plotted 
in Figs. 5(a-c) for two test inlet boundary layers. At each sta­
tion where data are available, the difference in losses between 
the two tests remains approximately constant and is equal to 
the difference in loss between the incoming boundary layers. 
The exit plane pitch-averaged data of Hunter obtained for two 
inlet boundary layers are shown in Fig. 5(d). Here again the 
difference in loss for the two cases is approximately equal to 
the difference in inlet boundary layer loss. In each of these 
four tests the net loss generated inside the passage is approx­
imately the same for both thick and thin inlet boundary layers. 
This strongly suggests that the inlet losses are additive and that 
the total loss can be split as follows 

YT=Yi+Yps (4) 

where YT = total pressure loss coefficient measured as the dif­
ference between the exit total pressure and a reference inlet 
total pressure; Y, = inlet loss, contained within the cascade 
inlet boundary layer; Yps = passage loss, generated within the 
passage, this loss is independent of the inlet boundary layer. 

A simple expression for the mass-averaged inlet loss can be 
obtained by integrating the inlet total pressure across the inlet 
boundary layer assuming the static pressure to be constant to 
give 

Y.=- PM 
0.5h-St P2U\ ( 5 ) 

From the discussion in the last sections it is apparent that 
neither the loss nor the streamwise vorticity attributable to the 
inlet boundary layer increases as it passes through the cascade 
passage. This indicates that neither available loss correlations 
[1-4] nor in viscid secondary flow theories, which relate the 
amount of secondary loss generated by the inlet boundary 
layer to the flow turning in the passage, will give physically 
realistic results for endwall flows in turbine cascades. 

It should be noted here that the above conclusions about the 
effect of inlet boundary layer on turbine cascade secondary 
flow and loss has been arrived at through the analysis of data 
obtained for reaction cascades typical of modern high bypass 
ratio gas turbines used in aircraft transportation. Few detailed 
data are available for impulse and very low aspect ratio 
cascades operating with thick inlet boundary layers. In such 
cases, the inlet boundary layers may have a more pronounced 
effect on the secondary flows and losses generated in the 
passage. Until data for such cascades become available the 
above conclusion cannot be totally generalized. 

5 Prediction of Turbine Passage Losses 

The losses generated in a turbine passage can be further 
divided into two components, to facilitate their predictions, as 
follows 

Yps=YP+YEW (6) 

where YP = profile losses and YEW = endwall secondary flow 
losses. 

The profile losses are generated by the boundary layers 
developing on the airfoil pressure and suction sides. These 
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file loss can result in reduced secondary loss for increased inlet 
boundary layer thickness 

losses are independent of the cascade aspect ratio and only for 
high aspect ratio cascade tests will they be equal to the 
midheight measured loss. This is because the boundary layers 
in the midspan regions of cascades are influenced by the end-
wall secondary flow effects. As pointed out by Dunham [29] 
and Sharma and Graziani [30], this causes the measured data 
to be higher than the calculated values. An example of this 
phenomenon is shown in Fig. 6 where pitch-averaged losses 
for a cascade test conducted by Langston et al. and Graziani et 
al. are shown as a function of span. The two sets of data plot­
ted in this figure were obtained at same aerodynamic test con­
ditions except for the thickness of the inlet boundary layer. 
The total passage losses for these two tests are almost identical 
as shown in Fig. 5(a). If the midspan loses are taken as profile 
losses, then the thick boundary layer test would yield negative 
endwall secondary flow losses, which is not physically 
realistic. Since the measured surface static pressure distribu­
tions for both these tests were identical, one would expect the 
same losses at the midspan. The difference in midspan loss in­
dicates that the endwall secondary flows were affecting the 
midspan boundary layer development. Measured midspan loss 
data in almost all cascade tests suffer from the endwall flow 
effects. Erroneous interpretation of midspan losses as profile 
losses has invariably resulted in inconsistent estimates of end-
wall secondary losses from the data and has hindered progress 
in developing realistic loss prediction models for tur-
bomachinery cascades. 

The endwall losses, on the other hand, are generated due to 
the boundary layer and associated secondary flows in the end-
wall regions. The procedures adopted in estimating both com­
ponents of the turbine passage losses are described in the 
following two subsections. 

5.1 Profile Loss Prediction Method. Although a number 
of correlations are available in published literature for 
estimating profile losses, as shown by Denton [25] in a review 
paper, none of these correlations is likely to estimate the pro­
file losses as accurately as boundary layer and mixing calcula­
tions conducted for the airfoil pressure distribution as ob­
tained either from measured data or from inviscid flow predic­
tions [26-28]. 

A number of differential boundary layer calculation 
methods are available in published literature, for example [30, 
31], which can be used to estimate the boundary layer develop­
ment on turbine airfoils. The method from [30] was used in 
the present exercise to calculate the two-dimensional boundary 
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layer integral parameters, and the mixing analysis developed 
by Stewart et al. [32] was used to obtain the profile losses for 
each set of data described below. 

5.2 Endwall Secondary Loss Prediction Method. 
Although in principle a three-dimensional viscous calculation 
method can be used to estimate endwall secondary losses [13, 
14, 33], there is still a need for a semi-empirical model which 
can be used in the initial design phase of a turbine. Such a 
semi-empirical model has been developed in the present work 
by utilizing the classical boundary layer theory developed for 
the endwall regions of turbomachines. The development of in­
compressible boundary layer along the pitch-averaged 
streamline in the endwall regions of a turbine cascade may be 
written as 

dd 6 dU 
— + ( / / + 2 ) — — 
ds U ds 

-f (7) 

where s = distance along the pitch-averaged streamline; 
U= pitch-averaged velocity. 

d, H, and Cj are the momentum loss thickness, shape fac­
tor, and the skin friction coefficients, respectively, for the 
boundary layer developing along the pitch-averaged endwall 
streamline. By using an average value of skin-friction and 
shape factor in the endwall region and for given velocity and 
density gradients, equation (7) can be reduced to the following 
expression for momentum loss thickness at the cascade exit 
plane 

' 2 U , / (8) 

where Cy = average skin friction in the endwall region; 
Ul/U2 = ratio of cascade inlet to exit velocity; S= average 
distance in the endwall region. 

Equation (8) can be used to obtain energy loss thickness in 
the endwall region as 

«™ 2 U , / 
(9) 

Endwall losses can now be obtained by using equation (9) as 

( 1 - 0 2 W = 
25* 

h h •m" H* (10) 

An assumption is now made about the behavior of skin fric­
tion coefficient for the endwall boundary layer such that it can 
be obtained by utilizing available correlations from two-
dimensional boundary layer theory with a modification to ac­
count for the cross flows in the endwall regions. The effect of 
the crossflow-induced three dimensionality of the boundary 

layer can be modeled as an extra rate of strain which modifies 
the skin friction relationship. The proposed relationship for 
the skin friction may be written as: 

C^Cjjoil+BRi) (11) 

where C/2ZJ = skin friction coefficient for a two-dimensional 
boundary layer; B = constant; Ri = appropriate Richardson 
number for endwall boundary layer = 2(ZTE/bx) = Q.'ie4CR. 

The above modification to the skin friction is analogous to 
the ones proposed by Branshaw [34], for flows over curved 
and/or rotating surfaces and by Sharma and Graziani [30] for 
convergence and divergence of streamlines. Here the Richard­
son number has been assumed to be proportional to the 
magnitude of the endwall secondary flow as obtained from 
equation (2). The value of constant B in the above equation 
can be assumed to be of the order of 14 on the basis of analysis 
conducted in the above two references. 

Substituting equation (11) with appropriate values of B and 
Ri in (10) yields 

(1 - 4>2)EW = (1 + 4 e / V C K ) — C ^ ( - ^ - j H* 

The above equation can be simplified as 

( l - < £ 2 W = (l+4e/VC/?)2- 22-
h 

(12) 

(13) 

where 5f£ =H*SCJ2D(U]/U2y
+H/2; 5f£ = energy loss 

thickness for two-dimensional boundary layer developing over 
the endwall surface in the absence of crossflows. 

The 5*£> c a n a ' s o De obtained by using two-dimensional 
boundary layer loss on the airfoil pressure and suction sur­
faces, as 

8*2s=a-<f>2)2D 
T sin B2 - TET 

(14) 

where ( l - $ 2 ) 2 £ , = energy loss coefficient for profile losses; 
H* = shape factor based on energy deficit thickness. 

Substituting equation (14) into equation (13) results in the 
following expression for endwall losses 

( l - 0 2 ) e w = (l 
T sin j32 - TET / 

>ID T. [} 
h2hD : " ( i + 4 - . _ , ) (15) 

The total losses generated in the cascade passage can now be 
given as 

(\-4>2)ps = {l-4>1hD + {l-<t>2)EW 

= ( l - < / > 2 ) 2 D [ l + ( l + -
4e \ T sin P2 - T E T ] 

- (16) 

To demonstrate the predictive capability of equation (15) 
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for endwall secondary loss, several turbine cascade data sets 
were analyzed [5-9, 20, 24]. These data consisted of the span-
wise distribution of total pressure loss at inlet and exit of the 
cascade and knowledge of the airfoil midspan surface pressure 
distribution either from measurement or from inviscid flow 
calculation, cascade geometry, and test conditions. All of the 
abovementioned experimental investigations were conducted 
at near design incidence and loss data were acquired at about 
0.5 axial chord downstream of the cascade trailing edge by 
which time most of the mixing losses have occurred. The ma­
jor contribution to the mixing losses occur because of dissipa­
tion of the secondary flow vortex [35]. In the present model 
the mixing losses are assumed to be proportional to the sec­
ondary loss and these are included in the losses predicted by 
equation (15). 

The proposed method of splitting the total loss allowed the 
endwall loss to be extracted from this data. The inlet loss was 
obtained from the measured inlet boundary layer by using 
equation (5) or from the data if measured directly. Where only 
the boundary layer thickness was available a power law expo­
nent equal to 5 was assumed to obtain the energy and displace­
ment thicknesses. The two-dimensional profile loss was ob­
tained using the method described in Section 5.1. The input to 
this boundary layer calculation was the measured midspan 
pressure distribution when available or the results from an in-
viscid flow solver [27] when data were unavailable. Subtract­
ing the sum of inlet loss and two-dimensional profile loss from 
the total loss gave the endwall secondary loss. 

A comparison of the measured endwall secondary loss with 
the loss calculated using equation (15) is shown in Fig. 7. It 
should be pointed out here that the present procedure deduced 
endwall secondary losses from measured total losses, thus er­
rors in estimation of profile and inlet losses appear as errors in 
the prediction of endwall secondary losses. A more realistic 
evaluation of the present procedure is a comparison between 
the measured and predicted total losses. Predictions for total 
loss obtained by adding the inlet loss and the two-dimensional 
profile loss (as calculated from the method described in sec­
tion 5.1) to the endwall secondary loss are shown in Fig. 8 
compared to the total loss data. Most of the data fall within a 
± 10 percent scatter band which must be considered to be 
within the accuracy of the data for these types of 
measurement. 

6 Conclusions 

A method has been described for estimating secondary 
flows and endwall losses for axial flow turbomachine 
cascades. Detailed study of available experimental cascade 
data indicates that the effect of inlet boundary layer as 
predicted by classical secondary flow theories is incorrect for 
typical turbomachine configurations because the formation of 
the leading edge horseshoe vortex transforms incoming nor­
mal vorticity to streamwise vorticity independent of flow turn­
ing. A simple expression is given which accurately predicts the 
spanwise extent of the secondary flow region at the trailing 
edge in terms of meanline geometric parameters and inlet 
boundary layer thickness. Analysis of cascade loss data has 
demonstrated that inlet boundary layer losses convect through 
the passage without causing additional loss and can be 
distinguished from the passage loss. The passage loss can then 
be split into a two-dimensional profile loss and an endwall 
secondary loss. The two-dimensional profile loss can be 
calculated using an accurate two-dimensional boundary layer 
calculation method which accounts for the transitional nature 
of the airfoil boundary layer in the detailed design phase, or it 
can be correlated to the meanline loading for use in the 
preliminary design phase. A semi-empirical expression is given 
for endwall secondary loss based on pitch-averaged boundary 
layer concepts where the extra rate of strain associated with 

three dimensionality of the boundary layer is assumed propor­
tional to the spanwise extent of the secondary flow region at 
the trailing edge. The resulting expression for secondary loss 
combined with the two-dimensional profile loss calculated us­
ing a boundary layer calculation method and the inlet loss 
gives predictions for cascade losses within ± 10 percent of 
measured losses. 
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Effects of Tip Clearance on Blade 
Loading in a Planar Cascade of 
Turbine Blades 
The paper examines in detail the structure of the tip leakage flow and its effect on 
the blade loading in a large-scale planar cascade of turbine blades. The tip clearance 
was varied from 0.0 to 2.86 percent of the blade chord. One of the blades is in­
strumented with 14 rows of 73 static taps which allowed a very detailed picture of the 
loading near the tip to be obtained. In addition to the measurements, extensive flow 
visualization was conducted using both smoke and surface oil flow. A new feature 
found in the present experiment was the formation of multiple, discrete tip-leakage 
vortices as the clearance was increased. Their presence is clearly evident from the 
surface oil flow and they account for the multiple suction peaks found in the blade 
pressure distributions. Integration of the pressure distributions showed that for 
larger values of the clearance the blade loading increases as the tip is approached and 
only begins to decline very near the tip. The increase was found to occur primarily in 
the axial component of the force. 

Introduction 
Flow through the tip gap of axial-flow turbomachinery 

blade rows has a number of interrelated effects on the per­
formance of the machine, most of them adverse. In the case of 
axial compressors, surge margin tends to deteriorate with in­
creasing clearance. In both turbines and compressors, the 
losses associated with the leakage flow account for a signifi­
cant fraction of the losses in the endwall region. In addition to 
increasing the losses, the leakage flow alters the blade loading 
in the tip region thereby affecting the flow turning ability of 
the blade and complicating the design of the blade profile. 
Finally, the local regions of under and overturning present in 
the flow emerging from a blade row with clearance can trigger 
premature stalling and increase the losses in downstream blade 
rows. 

In the last decade significant progress has been made toward 
an understanding of the endwall flow behavior in the absence 
of clearance (e.g., see Sieverding, 1985) and design changes 
which reduce the effects of the secondary flow are beginning 
to appear on production engines. With this problem now com­
ing under control, the time seems right for a concerted attack 
on the leakage flow problem. 

Of course much is already known about tip leakage flows. 
Measurements of the overall machine performance for a range 
of tip clearances have been correlated and form part of the 
loss prediction systems for compressors (e.g., Koch and 
Smith, 1976) and turbines (e.g., Kacker and Okapuu, 1982). 
Progress has also been made in the understanding and predic­
tion of the details of the leakage flow. Rains (1954) 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 21, 1986. Paper 
No. 86-GT-245. 

demonstrated experimentally the existence of a tip leakage 
vortex and devised a simple analytical model for its rollup. 
Rains also concluded that viscous forces were unimportant ex­
cept at very small clearances and that the leakage flow rate 
generally was determined by pressure forces and inertia ef­
fects. Lakshminarayana and Horlock (1963, 1967) made ex­
tensive measurements of clearance flows both for an isolated 
compressor blade and in a cascade. They also measured the 
blade loading at various spanwise stations and found that the 
blade force increased toward the tip due to the suction 
pressures induced by the tip leakage vortex. Based on these 
results, Lakshminarayana (1970) proposed a modified lifting-
line analysis of the leakage flow. In recent years, 
Lakshminarayana and his co-workers (e.g., Davino and 
Lakshminarayana, 1982; Pandya and Lakshminarayana, 
1983) have collected a large body of data on the effects of tip 
leakage on various aspects of the flow through compressors, 
such as its effect on the mean velocity in the tip region and the 
interaction of the leakage flow with the endwall boundary 
layer. Booth et al. (1982) made leakage flow measurements in 
water rigs with idealized tip gaps and a cascade of turbine 
blades with clearance. They agreed with Rains that at normal 
clearance levels viscous effects play a relatively minor role and 
they also concluded that the momentum changes parallel and 
normal to the gap are largely uncoupled. Based on this work, 
Wadia and Booth (1982) (see also Wadia, 1985) presented a 
simplified viscous analysis for the flow normal to the gap. The 
method was used to assess the relative discharge coefficients 
for various tip geometries rather than to give absolute values 
of the leakage flow rate. Their calculations showed a roughly 
15 percent reduction in the discharge coefficient with tip wall 
motion. This is presumably the result of the no-slip condition 
at the tip wall causing fluid to be dragged back over the tip and 
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it therefore indicates some viscous effect. Graham (1985) also 
observed reduced leakage due to tip wall motion in his water 
flow cascade. Very recently, the fully three-dimensional 
viscous calculation methods currently being developed have 
begun to be applied to blade passage flows in which tip 
leakage was present (Moore et al., 1984; Hah, 1985). 

Despite the progress that has been made, there seems to be 
general agreement that tip leakage flow is still far from being 
fully understood. In addition, there is a need for more data to 
test both the newest calculation methods and also the more ap­
proximate leakage flow and loss prediction schemes. A study 
is in progress to collect such data and to gain further insight 
into the physics of the leakage flow. The present paper focuses 
on the leakage flow structure and its relationship to the blade 
loading near the tip. It describes an experiment conducted in a 
large-scale planar cascade of turbine blades for which the tip 
gap was varied. Extensive measurements were made of the in­
coming flow, including traverses of the endwall boundary 
layer, and detailed measurements were made of the blade 
pressure distributions. The data were supplemented with flow 
visualization using both smoke and surface oil flow. The ex­
periment is necessarily somewhat idealized: Full-scale 
Reynolds numbers were matched but the flow was essentially 
incompressible. The freestream turbulence intensity was also 
much lower than in an actual engine. Probably more impor­
tantly, there was no relative motion of the tip wall. As flow 
visualization studies (e.g., Phillips and Head, 1982) and 
measurements (e.g., Graham, 1985) have shown, endwall mo­
tion modifies the leakage flow and leads to changes in the 
blade loading compared with the stationary case. Never­
theless, we feel that our study gives insights into the leakage 
flow problem which are also applicable to the real flow. 

Experimental Apparatus 

Cascade Test Section. The measurements were made in 
the planar cascade test section shown in Fig. 1. The test section 
is attached to the open jet wind tunnel used previously with 
another test section to study endwall boundary layers 
(Sjolander, 1975). 

The test section is 675 mm wide and 200 mm deep. The five 
blades of the cascade are mounted on the 7.9-mm-thick steel 
backplate which forms the mainstay of the structure. All other 
walls are made of 12.7-mm-thick plexiglass to facilitate flow 
visualization. For easy access to the cascade, the tip wall is 
hinged upstream of the blades. To vary the tip clearance, the 
tip wall is moved outward by inserting shims between the tip 
wall and the side walls, beginning about two chord lengths 

Fig. 1 Cascade test section 

upstream of the leading edge of the blades. Interchangeable 
ramps provide a step-free transition from the fixed to the 
movable portion of the tip wall. Tailboards guide the flow 
downstream of the cascade and they together with the 
sideflaps are used to establish periodic flow conditions within 
the flow passages. The periodicity is monitored with pairs of 
static taps drilled into the backplate near the blade suction and 
pressure surfaces at about !4 chord. 

Test Cascade. The geometry of the cascade is summarized 
in Fig. 2. The blade profile corresponds to the tip section of a 
turbine blade of recent design; it is used here at slightly higher 
solidity (chord/spacing) and lower incidence than in the actual 
application. The blades have constant chord and no twist and 
were machined from solid blocks using a numerically con­
trolled milling machine. The four outboard blades were milled 
from plexiglass while aluminum was used for the instrumented 
middle blade. The aluminum blade was made in two halves. 
The top half has 67 internal channels drilled spanwise around 
the contour of the blade. The channels were sealed at the tip of 
the blade and connected to flexible tubes at the other end. 
Fourteen rows of static taps 0.51 mm in diameter were drilled 
through the surface to intersect the internal channels. Each 
row consists of 37 taps on the pressure surface and 36 on the 
suction surface. The last six channels toward the trailing edge 

Nomenclature 

A = 

CL = 
CP = 

Cx' Cy = 

D = 
F = 

FX,FY = 

h = 

(r//max)2Re«max/c) = 
Rains' viscous force 
parameter 
blade chord length 
F/VipV1

CLc = resultant 
blade force coefficient 
blade lift coefficient 
(P-PCL)/(V2PV2

CL) = 
pressure coefficient 
axial, tangential force 
coefficients 
vortex diameter 
resultant blade force 
axial, tangential blade 
forces 
blade span 

H = 

L = 

P 
Re 

••max 

v 
x,y,z = 

b*/d- boundary layer 
shape factor 
blade lift force (normal to 
chord line) 
static pressure 
P VcLc/p-= Reynolds 
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blade spacing 
blade maximum thickness 
velocity 
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directions 
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direction 
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P = 

boundary layer thickness 
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boundary layer displace­
ment thickness 
density 
\l(V/Ve)(l-V/Ve)dz = 
boundary layer momen­
tum thickness 

/* = 
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Subscripts 
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1,2 = 

viscosity 
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undisturbed centerline 
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boundary-layer edge value 
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Chord length, c: 250 mm 
Blade span, h: 200 mm 
Blade spacing, s: 150 mm 
Aspect ratio, h/c: 0.8 
Solidity, c/s: 1.667 
Stagger angle, y: 40.5 deg 
Blade inlet angle, /J-j: 9.2 deg 
Blade outlet angle, f$2'-

 5 3 -6 d e 9 

Fig. 2 Summary of cascade geometry 

of the blade are penetrated by taps from both the suction and 
pressure surfaces. For taking blade pressure measurements, 
the blade surfaces are sealed with Monokote, a very thin, self-
adhesive Mylar film, leaving just the row of taps of interest 
open to the flow. 

The blades are held in place on the backplate by a stem and 
collar arrangement. The 19-mm-dia steel stems are permanent­
ly attached to the blades at about 1/3 chord. In the case of the 
instrumented blade, the stem is hollow and is used to bring the 
flexible tubes from the internal channels out of the test sec­
tion. A simple fixture is used to set each blade at the desired 
stagger angle, to an estimated accuracy of ±0.2 deg. The 
small gap between the blade and the backplate was sealed to 
prevent leakage. 

Instrumentation. The flow field entering the cascade was 
measured by traversing a pitot probe from the tip to the back 
wall. The corresponding static pressures were obtained from 
wall taps located in the same streamwise plane as the pitot 
probe mouth. The probe is a square-mouthed circular tube 
with 0.81-mm outer diameter and 0.50-mm inner diameter and 
the probe mouth is located 19.0 mm from the probe stem 
which has a diameter of 3.2 mm. The position datum for the 
probe was determined aerodynamically at each traverse sta­
tion. With wind on, the probe was moved in small steps until 
the mouth just contacted the wall, as evidenced by the total 
pressure levelling off. The displacement from the wall was 
then obtained from a dial indicator which measured move­
ment of the probe stem. Based on the observed repeatability of 
the datum, it is estimated that the probe position, near the 
wall, is known to within ±0.05 mm. For distances greater 
than 25 mm from the wall the accuracy of the positioning 
decreases to about ±0.15 mm because of the need to reset the 
dial indicator. 

All pressures were measured using capacitance-type dif­
ferential pressure transducers. A Scanivalve connected to one 
of the transducers was used to collect the blade static 
pressures. The analogue pressure signals were converted to 
digital form using a Hewlett-Packard 3054A Data Acquisition 
and Control System. The sampling time needed to obtain 
reliable mean values of the pressure signals was determined ex­
perimentally: Representative probe and static pressure signals 
were recorded for extended periods and the cumulative mean 
values were then examined. It was found that for wall static 
and freestream total pressure measurements a sampling time 

of about 20 s yielded mean values which were within ±0.2 per­
cent of the very long time averages; for pitot probe 
measurements within the boundary layers about 30 s was re­
quired to obtain the same accuracy. 

Smoke for flow visualization was generated by vaporizing 
Bay oil, a mineral oil used in the cosmetics industry. The 
resulting dense white smoke is nonirritating, pleasant smell­
ing, and apparently nontoxic. The smoke was injected through 
the tip wall using a 0.8-mm-dia tube, at a point Vi chord 
length upstream of the leading edge. To facilitate photography 
and to avoid fouling the static taps on the instrumented blade, 
the second blade from the top of the cascade was used. Sur­
face flow visualization was obtained by brushing onto the sur­
face of interest a thin film of SAE-50 motor oil mixed with 
titanium dioxide pigment. 

Experimental Results 

Operating Conditions. All measurements and the surface 
flow visualization were conducted at a constant Reynolds 
number of 4.3 X 105 ± 2 percent, where the Reynolds number 
is based on the blade chord and the undisturbed upstream 
velocity. The corresponding velocity was about 30 m/s. The 
smoke flow visualization was also tried at this condition but 
the density of the smoke proved to be too low for it to be 
readily photographed. Therefore, for the smoke pictures the 
Reynolds number was reduced to 1.27x 105, about one third 
the full operating value. To verify that operating at this 
Reynolds number did not result in any significant changes in 
the flow field, such as separation of the blade boundary 
layers, selected blade loading measurements and oil flow pat­
terns were obtained for the lower operating point. The 
changes were minor and are attributed to the slightly thicker 
endwall boundary layer observed at the lower Reynolds 
number. 

The freestream turbulence intensity at the inlet to the test 
section was measured with a normal-wire hot-wire probe. The 
root-mean-square of the fluctuation in the longitudinal direc­
tion u' was found to be about 0.4 percent of the mean 
velocity. 

Five shim thicknesses were used to create the clearances: 
0.0, 2.39, 3.96, 5.56, and 7.16 mm, corresponding to 0.0, 
0.96, 1.58, 2.22, and 2.86 percent of the blade chord. Using 
feeler gauges, the gap heights were found to be accurate to 
±0.2 mm. The actual blade has a nominal tip clearance of 
about 1.9 percent of chord. The values considered therefore 
roughly span the range encountered in practice under different 
operating conditions. 

Inlet Flow Measurements. Inlet flow measurements were 
made in a plane 330 mm (1.32 chord lengths) upstream of the 
leading edge of the cascade, as indicated in Fig. 2. The 
upstream influence of the cascade should be slight at this 
plane. As mentioned earlier, total pressure distributions were 
obtained using the pitot probe and the corresponding static 
pressures were measured at the wall. No attempt was made to 
measure the flow angularity, which should be very small. 

Seven traverse stations, spaced 82 mm apart, span the width 
of the test section. Very similar flow conditions were found at 
all stations although, as expected, the outermost stations 
showed some influence from the sidewalls and the corner 
boundary layers. Results are presented here for the five inner 
stations, which span the streamtube which passes through the 
two blade channels adjacent to the instrumented blade. De­
tailed boundary layer measurements were confined to the tip 
wall since this was the area of primary interest. However, suf­
ficient measurements were made near the back wall to confirm 
that the thickness of the boundary layer there was essentially 
the same as at the tip wall. 

The five span wise velocity profiles are plotted in Fig. 3; the 
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Table 1 Inlet boundary layer parameters

Station
1 2 3 4 5

o*/h 0.0118 0.0087 0.0084 0.0091 0.0126
81h 0.0075 0.0054 0.0052 0.0059 0.0084
H 1.57 1.61 1.62 1.54 1.50

150

Fig. 4 Surface oil flow vlsuailzatlon on the tip wall for 2.86 percent
clearance

traverse stations are numbered from top to bottom, as shown
in Fig. 2. It will be noted that there is a small decrease in the
velocity, amounting to about 3 percent of the maximum value,
near midspan. This is the result of a small deficit in total
pressure in the center of the flow delivered by the wind tunnel.
As also seen from Fig. 3, the thickness of the endwall bound­
ary layer was about 15 mm, or slightly more than twice the
maximum tip clearance. The integral length scales and shape
factors for the tip-wall boundary layer are summarized in
Table 1. The shape factor values of about 1.6 indicate that the
endwall boundary layer was fully turbulent; the values are
slightly larger than the 1.4 typical of a zero pressure gradient
turbulent boundary layer, probably because there is a small
amount of diffusion in the circular-to-rectangular transition
immediately upstream of the test section.

The inlet flow measurements reported here were all made
with zero tip clearance. However, selected boundary layer
traverses were also made for the maximum clearance and they
gave essentially the same results. The results in Fig. 3 and
Table 1 should therefore apply to all the cases considered.

Flow Visualization Observations. Flow visualization was
conducted for 0.0, 0.96, and 2.86 percent clearance. For zero
clearance the surface oil flow showed the now widely accepted
picture of the endwall flow (e.g., Sjolander, 1975; Sieverding,
1985), including the strong horseshoe separation vortex
generated around the leading edge of the blade. For the two
values of clearance, the flow visualization patterns were
similar in broad terms except that, as expected, the tip leakage
structures were more clearly defined and obvious for the large
clearance. Therefore, only the latter case is presented,
although the main differences observed in the low clearance
case will be mentioned. Additional flow visualization pictures
are reproduced in Amrud (1985).

Figure 4 shows the tip wall oil flow patterns for the large
clearance and Fig. 5 shows the corresponding patterns on the
blade suction and pressure surfaces. Figure 6 shows a tentative
interpretation of the flow structures as inferred from the oil
flow. Finally, Fig. 7 shows a sample smoke flow picture along
with a schematic summary of the tip-leakage flow directions
obtained from a series of similar pictures for which the smoke
crossed the tip at different chordwise locations. As evident
from Fig. 7, the smoke diffuses too quickly to allow anything
other than the broad flow patterns to be disc.erned.

As seen from Fig. 4, from about 10 to 50 percent of the
chord length, the flow close to the tip wall is strongly turned
and passes over the blade tip more or less at right angles to the
camber line. On the suction side, the first 5 percent of the
chord length appears to have little leakage flow emerging from
the gap: There is a strong suction peak at about 20 percent of
the chord and the leakage flow near the leading edge seems to
be following the direction of the maximum pressure gradient
over the tip. On the rearward half of the blade the flow is
deflected less, consistent with the smaller pressure difference
which is present there. Because of the camber of the blade and
the stagger angle the net effect is nevertheless for the flow to
cross the tip roughly normal to the camber line. Figure 7(b)
shows that the flow direction for the bulk of the fluid crossing
the tip is very similar to the direction of the limiting

Fig. 5(a) Blade suction surface

Fig. 5(b) Blade pressure surface

Fig. 5 Surface oil flow visualization on the blade surfaces for 2.86 per.
cent clearance
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Fig. 6 Tentative interpretation of tip wall flow structures for 2.86 per­
cent clearance

Fig. 7(a) Sample smoke lIow picture

Fig. 7(b) Summary of smoke flow directions (vector lengths propor·
tional to local pressure differences)

Fig. 7 Smoke flow visualization for 2.86 percent clearance

streamlines at the tip wall. There is therefore some justifica­
tion for treating the flow within the gap as quasi-two­
dimensional, as is done in some of the simpler leakage flow
prediction methods. A few other observations relevant to such
methods are worth making. Rains (1954) suggested that for
A = (rlfmax )2*Re*(tmax!C)> 125 inertia effects would
dominate over viscous forces inside the gap. Since A = 400 for
our ric =0.0096 flow and A =3600 for the Tic =0.0286 flow,
it is reasonable to assume that for our cases the leakage flow
rate and its direction were primarily determined by the fluid
inertia and the pressure forces. We observed that smoke in­
jected within the upstream boundary layer passed over the
blade tip within the first 5 to 10 percent of the chord length.
The leakage flow along the rest of the blade would therefore
be composed of fluid having essentially constant momentum

Journal of Turbomachinery

from the blade tip to the tip wall, as determined by the
upstream mainflow momentum and the acceleration or
deceleration which had occurred up to that point in the blade
passage. The local leakage path over the tip should then be
determined by the fluid's chordwise momentum (which will
change very little since the chordwise component of the
pressure gradient is small) and the velocity normal to the
camber line induced by the blade pressure difference. The fact
that we found that our velocity vectors over the blade tip coin­
cided closely with the direction of the maximum pressure gra­
dient suggests that the chordwise component of momentum
can be largely ignored for purposes of determining the leakage
flow direction. This is most obviously the case where the
pressure difference is the largest, which is also where the
leakage flow will be greatest. Likewise, given the dominance
of the pressure forces, it should be possible to predict the
leakage flow rate from the local blade pressure difference and
a suitable discharge coefficient for the tip gap. This assump­
tion has been used, for example, in the leakage flow prediction
scheme of Wadia and Booth (1982) and our experiment
therefore provides some post facto support for their ap­
proach. It should however be noted that the key input to such
methods is the blade loading at the tip and, as will be shown
later, this loading is itself significantly affected by the leakage.

After emerging from the gap, the tip wall shear stress trajec­
tories converge on a well-defined three-dimensional separation
line, marked 8 1 in Fig. 6. This is the separation line for the tip
leakage vortex. It has been suggested (e.g., Graham, 1985)
that for small values of clearance the leakage flow does not
roll up into a vortex but simply mixes with the suction side
flow after leaving the gap. Rains (1954) found this to be the
case for a clearance flow in the range where viscous effects
were important (A<12). Our Tlc=0.0096 flow, which was
outside the viscous range, certainly did not exhibit such
behavior: The oil film showed an equally well-defined leakage­
vortex separation line, although it was much closer to the
blade since the vortex was smaller in scale. In both cases, the
presence of the tip leakage vortex was also clear from the
smoke flow visualization. For the large clearance the vortex
starts to form at about 15 percent of the blade chord, as seen
from Fig. 4. By comparison, for the Tic =0.0096 the rollup
process began much closer to the leading edge, at about 5 per­
cent of chord. This forward shift of the starting point of the
leakage vortex was also noted by Lakshminarayana and
Horlock (1967) in their compressor cascade experiment.

In addition to the aspects of the flow mentioned, Fig. 4
shows a couple of features which do not appear to have been
observed previously. In the first place, a second separation
line further out in the blade passage is clearly evident (marked
82in Fig. 6). The shear stress trajectories for the cross-channel
flow converge on this line and it is therefore interpreted as the
separation line for the passage vortex. Between the two
separation lines is a region of apparently very low wall shear
stress, as indicated by the lack of movement of the oil film.
The tip leakage and passage vortices do not appear to merge,
presumably because of their opposite directions of rotation. In
the present case, the passage vortex is undoubtedly rather
small, firstly because the incoming boundary layer is thin and
also because the vortex is not supplemented by the pressure­
side leg of the horseshoe vortex, as would be the case for zero
clearance. There is no evidence in the oil flow of separation of
the incoming endwall boundary layer as it approaches the
leading edge, no doubt because as the tip clearance increases
the adverse pressure gradient on the endwall upstream of the
leading edge becomes weaker. For Tic = 0.0096 there did ap­
pear to be a small horseshoe vortex, closer to the leading edge
than for zero clearance. However, the pressure side leg of the
vortex was swept back over the tip of the blade within the first
10 percent of the chord length and again did not contribute to
the passage vortex. For the large clearance case (Fig. 4), it
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seems clear that a significant fraction of the incoming bound­
ary layer fluid on the pressure side of the leading edge in fact 
ends up passing over the blade tip and becomes incorporated 
in the tip-leakage vortex. The dividing stream surface between 
the endwall boundary layer fluid which passes over the tip and 
that which crosses the channel to become part of the passage 
vortex appear to lie at about 20 percent of the passage width, 
as indicated in Fig. 6. 

The other new feature observed in the present work is the 
occurrence of more than one tip-leakage vortex. Figure 4 
clearly shows two distinct structures forming above the blade 
tip, the first starting at about 15 percent chord, corresponding 
to the start of the tip leakage vortex, and the second starting at 
about 35 percent chord. As will be shown later, the presence of 
two distinct leakage vortices was strongly reflected in the suc­
tion surface pressure distributions. The appearance of multi­
ple vortices was progressive with increasing tip clearance: For 
0.96 percent clearance a single vortex was present while a third 
was just beginning to form for 2.86 percent. The nature of the 
interaction between the two leakage vortices as they progress 
downstream is not entirely clear. On the one hand, since they 
have the same direction of rotation they might be expected to 
merge, perhaps with the second vortex being wrapped around 
the first. Certainly, we were not able to distinguish separate 
vortices from the smoke flow visualization. However, there is 
evidence from the blade pressure measurements (see Fig. 9) 
that the second vortex remains separate for some distance 
downstream. Our tentative interpretation of the flow pattern 
is shown in Fig. 6. We believe that the fluid nearest the tip wall 
is indeed entrained by the first vortex; this would explain why 
there is only one leakage vortex separation line apparent on 
the tip wall. The rest of the leakage flow then rolls up to form 
the second vortex and in the process probably displaces the 
first vortex slightly away from the blade surface. As men­
tioned, the presence of multiple tip leakage vortices does not 
appear to have been observed previously. We do not know if it 
is a peculiarity of our cascade, although that seem unlikely 
since neither the geometry nor the blade loading is very 
unusual. Predicting the formation of these vortices will pre­
sent a considerable challenge for current and future three-
dimensional calculation methods. Clearly, their occurrence 
cannot be ignored if accurate predictions of the blade loading 
in the tip region are required. 

A final feature is evident from the tip wall oil flow pattern. 
In association with the two leakage vortices, there appears to 
be a pair of nearly two-dimensional separation bubbles 
formed on the endwall above the tip as evident from the ac­
cumulation of oil. The wall flow reattaches quickly and then 
moves toward the final three-dimensional separation line, S}. 
The intervening stretch of wall is obviously a region of very 
high wall shear stress since the oil and pigment has been 
scoured away almost completely. There is a separation bubble 
at the tip of the blade itself (see Fig. 5), as would be expected 
since the flow will be unable to turn the 90 deg corner at the 
edge of the pressure surface. This bubble will tend to create a 
convergent-divergent passage in the tip gap and it may be that 
a resultant adverse pressure gradient toward the outlet of the 
gap is the cause of the tip wall separation bubbles. 

The oil flow patterns on the blade surfaces (Fig. 5) show 
that both sides of the blade are significantly affected by the 
leakage flow. On the pressure surface, the shear stress vectors 
are turned almost in the spanwise direction near the tip: Near 
the leading edge, some flow turning is evident as much as 20 
mm, or about three clearance heights, from the tip. Evidently 
a certain amount of pressure-surface boundary-layer fluid is 
swept over the tip and becomes incorporated in tip leakage 
vortices. On the suction surface the flow is initially deflected 
away from the tip, but as the leakage vortices begin to roll up, 
flow toward the tip is induced. In addition to inducing span-

wise flow, it seems likely that the tip leakage vortices will en­
train some of the suction surface boundary layer fluid. 

It is clear from the smoke pictures such as Fig. 7(a) that the 
tip-leakage vortex affects a very substantial part of the flow in 
the blade passage. Taking the smoke-filled region to define the 
extent of the vortex, the size of the vortex was scaled from the 
smoke pictures. Assuming the structure to be axisymmetric, 
the width normal to the axis of the vortex is taken as its 
"diameter" D. For 2.86 percent clearance, the diameter of the 
vortex as it reached the trailing edge of the blade was about 52 
mm, or about 7.2 times the tip gap; for 0.96 percent the cor­
responding values were about 25 mm and 10.5. For the large 
clearance, the vortex thus occupied more than half the passage 
width in the pitch wise plane at the trailing edge. A knowledge 
of the size of the tip-leakage vortex is useful since, given an 
estimate of the associated circulation, it allows the crossflows 
to be predicted. Rains (1954) derived an approximate expres­
sion for the vortex diameter, neglecting tip-wall motion and 
cascade solidity effects and assuming constant loading along 
the length of the blade. For the trailing edge plane this expres­
sion can be written 

D / / c \ \ °-85 

— = 0.155 ( ( — ) ( 4 + CL )*Cr j ) (1) 

where CL is the lift coefficient at the tip of the blade. This rela­
tionship is also used in the more elaborate model of 
Laksminarayana (1970). For the large clearance, equation (1) 
predicts a D/T of about 7.3 and for the small clearance about 
19. Thus, while Lakshminarayana reported good results for 
his compressor cases, it appears from the present experiment 
that Rains' expression must be used with some caution. 

Blade Loading Measurements. Preliminary measurements 
showed that, as expected, the blade pressures varied slowly on 
the pressure surface and away from the tip generally. 
Therefore, to save time the final measurements were made at 
only 8 or 9 of the 14 rows of taps and at 54 of the 73 taps in a 
given row. Trials showed that for a particular configuration 
the pressure coefficient at a given tap was repeatable to within 
±0.02. Late in the study, the tip gap was reset to the max­
imum value and selected measurements were repeated. It was 
found that near a suction peak the pressure coefficient dif­
fered from earlier measurements by up to 0.1, although for 
most of the taps agreement was considerably better. Since the 
pressure coefficient varies over a range of 5.0 the uncertainties 
in individual values are comparatively unimportant. 

Although blade loading measurements were made for all 
five values of the clearance, only those for the maximum gap 
will be presented in detail. For zero clearance some unloading, 
corresponding to about 10 percent of the midspan force coef­
ficient, occurred near the tip wall, presumably because of end-
wall boundary layer effects. The measured midspan force 
coefficient CF is 1.77 and will be referred to as the two-
dimensional value, although it is recognized that there are 
probably some three-dimensional effects present at midspan 
due to the low aspect ratio of the blade. The corresponding CP 

distribution is included for reference in Figs. 8 and 10. 
Figure 8 shows the blade loading near the tip for 2.86 per­

cent clearance. On the pressure side, the effect of the leakage 
flow is minor until very close to the tip where some unloading 
occurs. By comparison, on the suction surface the magnitude 
and locations of the suction peaks are very substantially 
altered. For row 1 (2 mm from the tip), two suction peaks are 
clearly evident at about 20 and 60 percent of chord and a third 
is just beginning to appear at about 75 percent. These peaks 
are of course attributable to the multiple tip leakage vortices 
observed in the flow visualization. It is also clear that near the 
tip the leakage vortices have the effect of eliminating the basic 
airfoil suction peak, which occurs at about 5 percent of chord. 

242/Vol. 109, APRIL 1987 Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



DISTANCE FROM BLADE TIP (z/hl 

O O.OI a O.OB6 

s? 0.035 O 0.41 

a 0 .06 2-D 
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Fig. 10 Variation of blade pressure distributions with clearance 
(z/n = 0.01) 

In short, the tip region pressure distributions differ con­
siderably from the two-dimensional distribution and thus any 
leakage flow predictions based on the latter are likely to lead 
to erroneous results for both the magnitude of the leakage and 
its distribution along the blade chord. 

Away from the tip, the vortex-induced suction peaks move 
rearward since the centerline of the vortex must be at an angle 
to the blade tip in order to accommodate its increase in 
diameter. This effect is more clearly brought out in Fig. 9 
which shows the suction side static pressure contours. The 
three suction ridges, marked Vlt V2, and K3, are seen to be in­
clined to the tip at an angle of about 14 or 15 deg; this is close 
to the tip vortex inclination of about 12 deg which 
Lakshminarayana and Horlock (1967) observed in their com­
pressor cascade. The fact that three separate vortex "tracks" 
are observable suggests that the downstream vortices retain 

Fig. 11 Variation of resultant, tangential, and axial force coefficients 
with clearance 

their separate identities rather than immediately merging with 
the first vortex to form a single composite tip-leakage vortex. 
Figure 9 also indicates the spanwise extent of the influence of 
the leakage flow: Significant distortion of the pressure con­
tours is seen to occur for about 6 to 8 gap heights away from 
the tip. 

The development of the tip flow with increasing gap is il­
lustrated in Fig. 10 which shows the pressure distributions for 
row 1 for all the clearances considered. As noted earlier, the 
start of the first tip-leakage vortex moves rearward with in­
creasing gap and this is reflected in the location of the primary 
suction peak. The progressive appearance of the second and 
third vortices is also clear from the pressure distributions: A 
second suction peak is just discernible for 1.58 percent 
clearance and it increases in strength as the clearance is in­
creased, while the third peak is just beginning to appear for 
2.86 percent clearance. 

Finally, to quantify the loading changes due to tip leakage 
the chordwise pressure distributions were integrated to obtain 
axial, tangential and resultant force coefficients. The pressure 
was assumed to vary linearly from tap to tap and to act on a 
flat panel defined by the coordinates of the two taps. No at­
tempt was made to interpolate a stagnation point or to ex­
trapolate the pressure distributions to the trailing edge. The 
results are therefore somewhat approximate and it is difficult 
to estimate the uncertainty. We feel that with the combined ef­
fect of the uncertainty in the individual pressures and the ap­
proximate integration scheme, the absolute force coefficients 
probably are accurate to about ±0.05 at best. The results are 
normalized on the midspan force coefficient (CF= 1.77). 

Figure 11 shows that as the clearance increases the midspan 
loading of the blade is reduced; this is presumably the result of 
lower incidence induced by the increasingly strong leakage 
vortices in an effect analogous to the downwash which occurs 
for wings of finite span. However, the loading rises again 
toward the blade tip due to the strong suction peaks produced 
locally by the leakage vortices. Only at the last row of taps, 
where significant unloading on the pressure surface was begin­
ning to occur, does the resultant force begin to drop again. 
For 2.86 percent clearance, the force coefficient has a peak 
value about 9 percent larger than its midspan value. The lower 
curves on Fig. 11 show the axial and tangential components of 
the force coefficient. It is evident that as the force increases 
toward the tip the force vector is also rotated toward the axial 
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direction since the increase occurs mainly in the axial compo­
nent. This implies that little practical benefit would be derived 
from the higher blade loading induced by the leakage vortices: 
There would be a small increase in the torque developed by the 
rotor but a proportionately larger increase in the axial thrust. 
The latter effect is clearly connected with the tip leakage 
losses, representing a form of pressure drag or induced drag. 
In their compressor cascade, Lakshminarayana and Horlock 
(1967) observed a rise in the normal force coefficient of similar 
magnitude to the rise in resultant force coefficient observed 
here. However, they did not present the components of the 
force. 

Conclusions 

The present experiment shows that tip leakage flow is, if 
anything, even more complex than was already suspected. 
Furthermore, it is clear that many questions remain to be 
answered experimentally, such as the influence of the inlet 
boundary layer thickness, the effect of the blade geometry and 
loading distribution, and of course the effect of relative mo­
tion by the tip wall. Recognizing then that ours is a particular 
case and that the flow patterns observed may not be universal, 
the picture which emerged is briefly summarized. 

The interaction of the blade and the endwall boundary layer 
is significantly affected by the presence of the clearance. The 
classic horseshoe vortex separation was found to be present, in 
a diminished form, only for the smallest gap and even in this 
case the pressure-side leg of the vortex was swept over the 
blade tip to become part of the leakage vortex. The endwall 
boundary layer fluid which was swept across the passage did 
roll up to form a passage vortex. This vortex appeared to re­
main separate from the vortices formed by the tip-leakage 
flow. Within the tip gap the leakage flow appeared to follow 
closely the direction of the maximum pressure gradient and 
the velocity vectors at a given station were roughly coplanar. 
After emerging from the gap the leakage flow began to roll up 
into a vortex whose starting point moved rearward with in­
creasing clearance. A new feature noted was that more than 
one discrete leakage vortex was formed at the larger 
clearances. The vortices retained their individual identities and 
resulted in multiple suction peaks on the suction side of the 
blade. The reduction in pressure induced by the leakage vor­
tices on the suction side was larger than the reduction in 
pressure occurring simultaneously on the pressure side, with 
the net result that there was a rise in blade force as the tip was 
approached. It was found that the rise occurred primarily in 
the axial component of the force. 

It is felt that the present study has given new insights into 
the nature of the tip leakage flow and its effects on the blade 
loading. Additional measurements are currently being made to 
document the gap flow and its subsequent development. When 
they are completed the experiment should form a suitable and 
challenging test case for the fully three-dimensional viscous 
calculation methods which are currently being developed. 

D I S C U S S I O N 

R. G. Williamson1 

The paper presents detailed information on tip leakage 
phenomena in a stationary cascade, and the authors are to be 
congratulated on their careful approach. With this work as a 
base, it is natural to ask how the inferred vortex structures 
would be affected by relative movement between the tip and 
the casing. Clearly, the interpretation of Fig. 6, with stagna­
tion lines on the casing, could no longer be valid, and the 
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presence of multiple vortices might be questioned. 
Some corroborative evidence for multiple tip vortices in a 

rotating blade environment is afforded by the flow visualiza­
tion photograph presented as Fig. 14 of [19]. Rotor 51 blading 
clearly shows two dark streaks near the blade tip. 
Measurements of these surface markings, and a tentative in­
terpretation of the associated multiple vortex structure, are 
contained in [20], and reproduced here as Figs. 12 and 13. The 
diameter of the main vortex structure at the trailing edge was 
estimated as about 10 mm (0.4 in.), or about eight times the tip 
gap, which correlates well with the measurements of Sjolander 
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direction since the increase occurs mainly in the axial compo­
nent. This implies that little practical benefit would be derived 
from the higher blade loading induced by the leakage vortices: 
There would be a small increase in the torque developed by the 
rotor but a proportionately larger increase in the axial thrust. 
The latter effect is clearly connected with the tip leakage 
losses, representing a form of pressure drag or induced drag. 
In their compressor cascade, Lakshminarayana and Horlock 
(1967) observed a rise in the normal force coefficient of similar 
magnitude to the rise in resultant force coefficient observed 
here. However, they did not present the components of the 
force. 

Conclusions 

The present experiment shows that tip leakage flow is, if 
anything, even more complex than was already suspected. 
Furthermore, it is clear that many questions remain to be 
answered experimentally, such as the influence of the inlet 
boundary layer thickness, the effect of the blade geometry and 
loading distribution, and of course the effect of relative mo­
tion by the tip wall. Recognizing then that ours is a particular 
case and that the flow patterns observed may not be universal, 
the picture which emerged is briefly summarized. 

The interaction of the blade and the endwall boundary layer 
is significantly affected by the presence of the clearance. The 
classic horseshoe vortex separation was found to be present, in 
a diminished form, only for the smallest gap and even in this 
case the pressure-side leg of the vortex was swept over the 
blade tip to become part of the leakage vortex. The endwall 
boundary layer fluid which was swept across the passage did 
roll up to form a passage vortex. This vortex appeared to re­
main separate from the vortices formed by the tip-leakage 
flow. Within the tip gap the leakage flow appeared to follow 
closely the direction of the maximum pressure gradient and 
the velocity vectors at a given station were roughly coplanar. 
After emerging from the gap the leakage flow began to roll up 
into a vortex whose starting point moved rearward with in­
creasing clearance. A new feature noted was that more than 
one discrete leakage vortex was formed at the larger 
clearances. The vortices retained their individual identities and 
resulted in multiple suction peaks on the suction side of the 
blade. The reduction in pressure induced by the leakage vor­
tices on the suction side was larger than the reduction in 
pressure occurring simultaneously on the pressure side, with 
the net result that there was a rise in blade force as the tip was 
approached. It was found that the rise occurred primarily in 
the axial component of the force. 

It is felt that the present study has given new insights into 
the nature of the tip leakage flow and its effects on the blade 
loading. Additional measurements are currently being made to 
document the gap flow and its subsequent development. When 
they are completed the experiment should form a suitable and 
challenging test case for the fully three-dimensional viscous 
calculation methods which are currently being developed. 
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The paper presents detailed information on tip leakage 
phenomena in a stationary cascade, and the authors are to be 
congratulated on their careful approach. With this work as a 
base, it is natural to ask how the inferred vortex structures 
would be affected by relative movement between the tip and 
the casing. Clearly, the interpretation of Fig. 6, with stagna­
tion lines on the casing, could no longer be valid, and the 
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presence of multiple vortices might be questioned. 
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rotating blade environment is afforded by the flow visualiza­
tion photograph presented as Fig. 14 of [19]. Rotor 51 blading 
clearly shows two dark streaks near the blade tip. 
Measurements of these surface markings, and a tentative in­
terpretation of the associated multiple vortex structure, are 
contained in [20], and reproduced here as Figs. 12 and 13. The 
diameter of the main vortex structure at the trailing edge was 
estimated as about 10 mm (0.4 in.), or about eight times the tip 
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Fig. 12 Flow visualization on rotor blade 

and Amrud. Flow turning of the rotor blade was affected over 
the outer 20 percent of the span (15 mm or 0.6 in.). It is noted 
that these data involved a tip clearance of 1.3 mm (0.050 in.), 
and that the measurements presented in [19] refer to a later 
build with 1.8 mm (0.070 in.) tip clearance. There is some 
evidence that the size of the vortex structure increased approx-

VIEW UPSTREAM NEAR BLADE T. E. 

Fig. 13 Possible flow pattern near blade tip 

imately in proportion to tip clearance. Further work is 
planned. 
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Development of an Experimental 
Correlation for Transonic Turbine 
Flow 
Optimization of transonic turbine bladings over a broad range of operating condi­
tions calls for better understanding of the relationship between blade profile loss and 
cascade geometric parameters. In fact, many of the experimental correlations 
published to date have failed to take into due consideration transonic effects, while 
others have considered far too few of the numerous geometric parameters affecting 
profile loss in transonic flows. Through examination of the experimental data 
gathered by some 20 authors regarding the effects of the most significant blading 
geometric parameters on profile losses, a loss correlation procedure has been 
developed. The procedure is especially advantageous in that it allows continuous up­
dating as new experimental data become available. 

Introduction 

Determination of profile losses in transonic turbine 
cascades is best implemented via a correlative approach af­
fording the same rapidity and ease as required by through-
flow calculations. Using such an approach, profile loss is ex­
pressed as a function of only some of the experimentally de­
rived cascade parameters. These results are especially conven­
ient in the preliminary design stage since knowing profile 
losses in relation to certain key parameters allows determina­
tion of geometries capable of minimizing these losses with 
minimum calculation effort. 

The theoretical approach proposed in [1] has been adopted 
in the present analysis in order to be able to complete the data 
body necessitated by the correlative approach. In percentage 
terms, 30 percent of total data have been derived theoretically, 
while the remaining 70 percent have been obtained 
experimentally. 

Profile Loss 

Transonic flow profile losses may be thought of as being 
composed of three constituents (one basic profile and two 
shock profile components) of different origins, whose relative 
importance and evolution in relation to exit flow conditions 
significantly vary with changes in blading parameters. The 
basic profile loss originates when a boundary layer develops 
along the blade surface, thereby giving rise to dissipation in 
the blade wake. The shock profile losses, on the other hand, 
are caused by the trailing edge shock waves produced when 
two supersonic jets meet up at trailing edge. The shock wave 
on the pressure-surface side traverses the blade passage until 
reaching the adjacent blade's suction side where it then reflects 
off the solid boundary. Two shock profile losses result. The 
first develops across the trailing edge shock waves, while the 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters January 20, 1986. Paper No. 
86-GT-108. 

second is produced by interaction of the pressure-surface trail­
ing edge shock waves with the suction-surface boundary layer. 
(A more complete description of this process is detailed in [1].) 

The following assumptions are applicable to all three loss 
constituents: 

(a) Both basic profile and shock profile losses are propor­
tional to the profile loss x, calculated for incompressible flow. 

(b) The sum of the three proportionality coefficients xc 

can be obtained from an experimental cascade flow analysis as 
a function of the exit Mach number M2 for similar blades. 

(c) The distribution of xc in relation to M2 depends on 
blade type (impulse, reaction, or nearly flat), as well as on the 
following cascade parameters: 

1 Trailing edge thickness (te/g) 
2 Blade suction-side curvature 
3 Blade turning angle: 

Aa= 180-(«, +af)> where «£ = arcsin (o/g) 
4 Ratio of blade channel divergence downstream of the 

throat area (A/A*). 

As this is only valid for convergent-divergent cascades, profile 
loss for transonic blades thus becomes: 

X = Xj'Xc (1) 

Incompressible Flow Profile Loss 

Figure 1 shows the cascade notations used in the analysis. 
Incompressible flow profile loss is dependent upon three fac­
tors: the flow acceleration in the blade passage, the pitch-to-
chord ratio, and the trailing edge thickness. The blade passage 
flow acceleration is clearly represented by the degree of blade 
passage convergence per centerline unit. The convergence gra­
dient [11] is approximately given by 

G=(o*-o)/l* (2) 

If, on the other hand, the plane cascade is replaced by a 
uniformly converging duct, the result is a linear variation of 
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the surface velocities along the centerline. This kind of veloc­
ity distribution is adopted in the Truckenbrodt integral equa­
tion [8] in which determination of momentum thickness (tur­
bulent boundary layer) serves to obtain the nondimension-
alized boundary layer parameters in relation to the pitch-to-
chord ratio and the flow acceleration parameter [7, 10]. The 
kinetic energy loss coefficient resulting from a momentum 
analysis can be expressed as a function of these magnitudes, as 
well as of the trailing edge thickness-to-pitch ratio. 

The incompressible flow profile loss can hence be calculated 
using the following empiric relation 

x,= Kx(o/cf(o/o*)-te/cf(o/o*)-K2)-
1 +K3te/o 

where 

f(o/o*) = ((1 - (o/o*)ei)/(l - o/o*))e2 

For high deflection blades (Ao>65) use 

AT, = 7.785xl0~3 

(3) 

(4) 

K2 = 4.900 XlO^3 

K3=0A 

ex =4.5714 

e2= 0.7778 

while, for nearly flat blades, use 

Kj= 9.342 Xl0~ 3 

K2 = 5.880X10-3 

^3 =0.1 

e ,=4.5 

e2= - 0 . 8 

(5a) 

(5b) 

(5c) 

(5d) 

(5e) 

(6a) 

(6b) 

(6c) 

(6d) 

(6e) 

When g s i n ^ ) exceeds o*, o/o* is replaced by o/g sin(a,). 

In the case of nozzles use 

Kx = 4 . 5 x l 0 - 3 

tf2 = 2 .8x l0 -3 

K3=0.l 

f(o/o*)= 1.0 

(la) 

(lb) 

(7c) 

(Id) 

The effect of the Reynolds number for values other than 10s 

and surface roughness not standard finish can be considered 
by introducing a loss corrective factor dependent upon the 
Reynolds number and grain size [2]. 

Compressibility Coefficient 

The compressibility coefficient is given as the sum of several 
terms 

Xc — uj T o2 ~r 03 (8) 
where each term is dependent upon M2 . S, is the com­
pressibility factor for blades having well-defined cascade 
parameters that do not exert special effects; the S2 and S3 

terms are introduced in order to account for these effects. 
Most of the data used to plot the impulse, reaction, and 

Fig. 1 Cascade notations 

nearly flat-blade Slt S2, S3 coefficient curves illustrated in 
Figs. 2-9 were obtained from recently published experimental 
results [15-34], with additional data being furnished by the 
method described in [1]. A breakdown by blade type follows: 

(a) Impulse Blades (xc = 5'1 + S2). The distribution of xc 

in relation to M2 for this type of blade can be obtained as the 
sum of the two terms resulting from linear interpolation be­
tween the curves in Figs. 2 (showing the 5, compressibility 
coefficient for blades having a trailing edge thickness-to-pitch 
ratio smaller than 0.04) and 3 (showing the S2 compressibility 
coefficient increment introduced to account for trailing edges 
over 0.04). 

(b) Reaction Blades (xc=S-i+S1). In this type, blade 
suction-side curvature considerably affects profile loss. As a 
result, reaction blades may be classified as one of two types: 

1 With a slightly convex rear suction side and gradual 
variation in curvature radius (the Sx compressibility coeffi­
cient appears in Fig. 4). 

2 With a straight rear suction side and marked variation in 
curvature radius. (The S{ compressibility coefficient for 
blades with a trailing edge thickness-to-pitch ratio smaller 
than 0.035 is shown in Fig. 5; the S2 compressibility coeffi­
cient increment for thicker trailing edges, in Fig. 6.) 

Note that blades having a strongly convex rear suction side 
have not been considered since total flow separation at super­
sonic exit Mach numbers is so sudden and strong as to make 
experimental correlation an overly burdensome task. 

(c) Nearly Flat Blades (xc =S^ + S2 +S3). The distribu­
tion of xc in relation to M2 is presented for both convergent 
and convergent-divergent cascades. (The S, compressibility 
coefficient for blades with trailing edge thickness-to-pitch 
ratios lower than 0.02 and a unitary area ratio, i.e., con­
vergent cascades, is shown in Fig. 7; the S2 coefficient incre­
ment for blades with a trailing edge thickness greater than 
0.02, in Fig. 8; and the S3 compressibility coefficient incre­
ment for convergent-divergent cascades in relation to the 

Nomenclature 

a = flow angle 
A = channel area at trailing edge 

A* - throat area 
c = chord 
e = standard deviation 
g = pitch 
K = sand grain size 

/* 

m 
M 
0* 

0 
Re 
te 
X 

= centerline length between inlet 
and exit throat areas 

= mean 
= Mach number 
= inlet passage 
= exit throat area 
= Reynolds number 
= trailing edge thickness 
= kinetic energy loss coefficient 

Subscripts 
c — compressible 
e = experimental 
/ = incompressible 
t = theoretical 
1 = inlet 
2 = exit 
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blade channel divergence ratio downstream of the throat area, 
in Fig. 9.) 

Results 

The above correlation method was compared to an earlier 
one proposed by Alim [10] for 35 of the 41 convergent 
cascades that served to create the data body for the profile loss 
correlation. In order to properly evaluate the benefit of the 
correlation method, the profile loss versus exit Mach number 
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curves were discretized on the basis of 11 values. It was thus 
possible to compare theoretical and experimental profile losses 
in groups of the following configurations 

xk = x,k—xek k=\,2, . . . . ,n 

where n = 400. The accuracy of the method can be assessed by 
comparing the arithmetical mean (m) and a standard deviation 
(e) as estimated from sample data. 

Examining the results of the two correlation methods 
(Alim's and the one presented herein), both of which were ob­
tained from data regarding the same blades, it is evident that 
profile loss distribution is remarkably sensitive to variations in 
many of the blading parameters: 

Alim method 
m = 0.025387 
e = 0.041667 

Proposed method 
m= -0.002113 
e = 0.012530 

Alim, in fact, assumed the ratio between compressible and in­
compressible losses as an exclusive function of the flow turn­
ing angle for both straight- and curve-back blades. Conse­
quently, when the other key cascade parameters varied, 
prediction capability decreased accordingly. In short, ex­
perimental correlation methods can achieve an adequate 
degree of simplicity and reliability only if the blades analyzed 
share the same design criteria and if there are no great varia­
tions in the main cascade parameters. Otherwise, correlation 
accuracy turns out to be disappointingly poor. In Figs. 10-12 
predicted and experimental profile losses were compared for 
three typical blade geometries. These results can be considered 
satisfactory. 

Conclusions 
Significant relationships between profile loss evolution and 

certain key cascade parameters in transonic turbine cascades 
have been clearly brought out by the correlation method 
described in this paper. The calculation expressions for profile 
loss obtained by the method are simple enough to fit through-
flow procedures and, as a result, are extremely helpful in the 
preliminary design stage. Moreover, improvement of the ex­
pressions can be readily accomplished by adding more profile 
loss data according to the proposed method and thereby 
achieving better distribution of the compressibility coefficient 
terms. 
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Unsteady Flow Interaction Caused 
by Stator Secondary Vortices in a 
Turbine Rotor 
Nonintrusive measurements near and within the rotor of a cold-air turbine showed a 
sudden increase of turbulence energy when the wake portion of the incoming fluid 
entered the rotor. It has been suggested that this was due to the cutting of the 
passage vortices and trailing-edge shed vortices which emerge from the stator row. 
Since these secondary vortices are located very close to the stator wakes, it was very 
difficult to distinguish between the effects of shed vortex and passage vortex cutting 
on turbulence intensification. In the present paper, a method is shown which, with 
the help of time-distance diagrams, made it possible to attribute the turbulence in­
crease to the breakdown of the secondary vortices. Further, the time-distance 
diagrams made it possible to locate the origin of turbulence production and follow 
the spreading of the highly turbulent flow regions through the rotor channel. 

Introduction 
An observer moving with a turbine rotor sees the incoming 

flow as a sequence of regions of high-velocity and small ran­
dom velocity fluctuations, i.e., free-stream flow, alternating 
with regions of lower velocity, high turbulence, and a number 
of vortices, i.e., wake flow. Both kinds of flow enter the rotor 
obliquely, striking the pressure side channel before the suction 
side. Each time a wake region strikes the pressure side, the 
observer sees an area of increased turbulence, higher than in 
the incoming wake flow, form on the pressure-side nose and 
spread across the channel as it is swept downstream. 

An observer standing outside the turbine and looking in sees 
the flow field as depicted in Fig. 1 for one instant in time [5, 
9]. The stator wake and secondary vortices leave the stator 
with absolute angle a with reference to the circumferential 
direction. Because of the rotor motion, they enter it with 
relative angle (3, striking the pressure-side blade first. As will 
be shown, the region of increased turbulence propagates back 
down the wake, which assumes a bowed shape because the 
velocity in midchannel is higher than in the stagnation region 
[6, 12], The roles played by the wake and secondary vortices 
are difficult to separate because they lie parallel and close to, 
sometimes even coincident with, one another [2], However, 
since it has been shown that unsteady phenomena significantly 
affect turbomachinery flow and performance, any contribu­
tion to their understanding offers the possibility of improved 
performance in future designs. A recent test series at the 
DFVLR in Cologne consisted of a careful mapping of the 
nonstationary and time-averaged flow fields in a turbine 

'Presently at Motoren- und Turbinen-Union, Munich. 
Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 

MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 28, 1986. Paper 
No. 86-GT-302. 

rotor; several papers have described different aspects of the 
work [2-6]. In this paper we propose a mechanism relating the 
spread of augmented turbulence across the blade channel to 
the collapse of the stator secondary vortices and describe how 
the vortices can be identified against the background of the 
wake flow. 

Experimental Apparatus 

The research turbine consisted of a single, uncooled, weakly 
transonic stage, whose essential features are shown 
schematically in Fig. 2. The stator had 20 airfoils and the rotor 
had 31. Because of the low aspect ratios (stator 0.56, rotor 0.9) 
the flow was fully three dimensional and, because the axial 

INCREASE OF 
RANDOM 
UNSTEADINESS^ 

STATOR WAKE 

Fig. 1 Schematic of wake and vortex interaction process 

Journal of Turbomachinery APRIL 1987, Vol. 109/251 
Copyright © 1987 by ASME

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



PROBE MEASURING PLANES 

1 2 

Fig 

1 2 3 4 5 6 7 

L2F-STATI0N IDENTIFICATION 

2 L2F locations 

distance between rotor and stator had been made relatively 
large in order to provide room for stator exit survey probes, 
potential (or inviscid) interactions between blade rows could 
be neglected as a source of nonstationary effects, leaving only 
the alternating impact of free stream and wake plus secondary 
vortices as sources of instationary flows into the rotor. Fur­
ther details of the construction of the rig can be found in [2, 
3]. For this test series, a part-load operating point was chosen 
which, for an average stator exit Mach number of 0.82 and 
rotor speed of 7800 rpm, yielded approximately zero incidence 
and completely subsonic flow through the rotor [2]. At each of 
the points marked with a heavy dot in Fig. 2, a laser-two-focus 
(L2F) velocimeter measured the ensemble-averaged flow 
velocity and direction and the components of the random fluc­
tuating velocity parallel and perpendicular to the flow direc­
tion. The phenomena described in this paper-the wake and 
secondary vortex cutting and subsequent vortex breakdown 
accompanied by the appearance of a region of augmented tur­
bulence - occur before the flow passes through L2F plane 4. 

The operating principle of the L2F velocimeter will be only 
briefly reviewed here. For further details, see [14, 15]. At the 
desired measurement point, e.g., one of those in the 11x6x7 
array shown in Fig. 2, two laser beams are focused and aligned 
so that two spots of light form about 0.3 mm apart in the flow 
direction. As tiny particles (in this case, 0.1-/nm oil droplets) 
are carried through the two spots by the gas stream, the light 
reflected from them is detected and used to compute the travel 
time between the two spots. Similarly, two components of the 
turbulent fluctuating velocity can be measured. A sufficiently 
large number of data are collected at each point for each of 16 

rotor angular positions to allow calculation of statistical 
averages (phase-locked averaging) [5]. 

Data Analysis via Time-Distance Diagrams 

The flow quantities velocity, direction, etc., in the unsteady 
three-dimensional flow field of a turbomachine depend on 
four variables (axial, radial, and circumferential position and 
time). However, it is not possible to describe this four-
dimensional dependence in a straightforward manner. Usually 
at least two independent variables have to be held constant or 
averaged. In the initial analyses of the laser anemometry data, 
the time and either radial or axial coordinate were selected. 
This yielded a circumferential or axial view of a momentary or 
time-averaged flow situation. In this investigation, the axial 
and radial coordinates were held constant and the temporal 
variation of the flow quantities in the circumferential direction 
was analyzed by means of time-distance diagrams [3]. 

Figure 3 shows a schematic example for an axial position 
ahead of the rotor at midspan. The boundaries in the cir­
cumferential direction are on lines which touch the leading 
edges of two adjacent rotor blades with the design relative in­
let angle 0 (upper figure). An observer moving with the rotor, 
i.e., in the relative frame of reference, notices an unsteady 
flow which is periodic with the stator pitch. At each cir­
cumferential position between the pressure side (PS) and suc­
tion side (SS) boundary, a perturbation of the incoming flow 
in the absolute frame (e.g., the wake) is felt at a different time; 
at the time t no part of the rotor entrance region is influenced 
by the stator wake. As the rotor moves on, the (stator) suction 
side of the wake is first felt at the pressure-side boundary of 
the rotor PS. As the rotor continues to move, the rest of the 
wake passes through PS. Locations which are closer to the 
suction-side end SS of the line notice the wake later. 

This passage of the wake through the line PS-SS appears in 
the time-distance diagram (Fig. 3, lower) as an oblique line. 
With proper choice of scale, disturbances which travel along 
the line with rotor speed are inclined to the horizontal direc­
tion with an angle 0 = 45 deg. Smaller angles indicate a lower 
velocity of the disturbance in the circumferential direction and 
vice versa. 

Due to the rotor potential field, a fluid filament which was 
straight in the absolute frame leaving the stator region (e.g., a 
filament of the wake) is distorted when it passes through the 
rotor channel. The deformation of the fluid filament was 
traced through the measured unsteady flow field with the 
assumption of two-dimensional flow [6]. In Fig. 4 (left side) a 
filament is shown entering the upper left corner of the 
measurement area with absolute inflow angle a,. The suc­
ceeding lines show the filament being convected through the 
rotor by the nonstationary relative flow. The time interval be­
tween two lines is 1/6 of the stator pitch. Near the stagnation 
pressure fields at the leading edges, the flow is decelerated and 
the fluid filament becomes bowed. 

In the time-distance diagram the deformation of the fluid 
filament appears as shown in Fig. 4 (right). For axial position I 
the influence of the rotor potential flow field is weak. The par-

c = absolute velocity 
c' = absolute velocity fluc-

tuation (random part) 
L2F = laser-two-focus 
PS = pressure side 

r = radius 
SS = suction side 

t = time 
T = time period 

u — rotational velocity 
w = relative velocity 

x, y = coordinates 
a = absolute flow angle 

(yaw) 
p = relative flow angle 

(yaw) 
6 = slope 

Subscripts and Superscripts 
1, 2, . . . ,6 = location 

L = parallel to absolute 
velocity 

= ensemble averaged 
= time averaged 
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Lines of constant flow angle 
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Fig. 3 Relationship between time-distance diagram and physical 
space 
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Fig. 4 Filament deformation in the rotor 

tides of the filament cross the circumferential line with their 
original axial velocity cx and the intersection of the filament 
and the line moves from pressure side to suction side with 
rotor speed; therefore, the filament appears as a straight line 
with a 45 deg slope. At axial position II the deformation of the 
filament distorts this trajectory. Near the pressure side of the 
rotor the inclination is higher, which means that this end of 
the filament passes more nearly broadside through the line. As 
the suction side of the adjacent rotor blade gets closer to the 
filament, the circumferential velocity of the filament is re­
duced and the inclination of its trajectory in the time-distance 
diagram becomes smaller. 

Locating the Vortex Centers 

Behind the stator, the secondary vortices are located in the 
wake or in its immediate vicinity [2, 4] and it is therefore dif­
ficult to track their positions or to relate an observed 
phenomenon to one or the other. Especially in the rotor 
region, where the wake and the vortices are cut up by the 
blades, this fact causes significant difficulties in analyzing the 
measured results. 

In order to get a better understanding of the flow 
phenomena associated with stator secondary flows, the vortex 
centers, or axes, were traced as fluid filaments. Behind the 
stator and in front of the rotor entrance region, these axes are 
aligned in the absolute flow direction [8, 11]. The original 
shape and the subsequent deformation of the filaments as they 
pass through the rotor are shown in Fig. 4. The initial posi-

Fig. 5 Isoclines of a real (Rankine) vortex 

tions of the filaments, which are necessary to calculate the 
convective deformation, were determined from the distribu­
tions of random unsteadiness and yaw angle in L2F plane 1 
(Fig. 6). 

As described in [4], secondary vortices can be located by 
means of yaw angle contours. In such yaw angle distributions, 
the rotation of a secondary vortex leads to characteristic 
shapes of the isoclinal lines (Fig. 5). A solid body rotation, 
which is located in the center of every real vortex, is 
characterized by straight parallel isoclines, usually aligned in 
the circumferential direction [3], A free vortex, which usually 
forms the outer part of a real vortex, is characterized by two 
groups of circles tangent at the vortex center. Which of these 
groups indicates underturning or overturning depends on the 
sense of rotation. This simple model [4] was developed for a 
measuring plane perpendicular to the vortex axis. In the case 
of measurement plane 1 (Fig. 2), the secondary vortex axis and 
the absolute flow direction are inclined about 22 deg to the 
measurement plane. Consequently, the circles indicating a free 
vortex flow appear as ellipses whose major axes are about 
three times longer than their minor axes. By means of this sim­
ple model, vortices can be identified in an isoclinal contour 
map. 

Discussion of Results 

Four vortices can be found in plane 1 by applying the model 
just described. In the lower part of Fig. 6, vortices I and II are 
the well-known passage vortices which arise within the stator 
passage. Passage vortex I rotates in the clockwise direction, 
causing overturning and therefore lower values of the flow 
angle near the casing, and underturning (higher values of &) 
on the opposite side of the vortex center. Passage vortex II, 
which rotates in the opposite direction, is much smaller than 
passage vortex I because of the radially inward movement of 
the flow behind the stator [4], causing passage vortex II to 
move away from the casing and toward the hub. Therefore, 
vortex I rotates largely free from wall effects, whereas vortex 
II is suppressed by the hub. Two other vortices, associated 
with trailing shed vorticity or the remainder of the suction-side 
leg of the horseshoe vortex, exist in the midspan area. 

As seen in the lower part of Fig. 6, the low aspect ratio of 
the stator leads to secondary vortices, for example III and IV, 
which are distributed along the entire vane height. 

The four vortices whose centers are marked by dashed 
circles are also marked in the random unsteadiness distribu­
tion of the same plane (upper part of Fig. 6). In this figure, the 
dark contour line indicates the approximate boundary be­
tween high and low-turbulence flow regions. The low-
turbulence flow indicates the core flow, which is essentially 
free from viscous effects. The regions showing high turbulence 
are the wakes and the secondary "loss cores" at the suction 
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Fig. 6 Contours of lime-averaged random unsteadiness c[2 and ab­
solute flow angle & in L2F plane 1 

sides of the wakes. These secondary "loss cores" [4], which 
are located near the hub and the shroud, arise inside the stator 
passages due to boundary layer accumulation. The accumula­
tion on the suction side of the vanes is caused by the rotational 
motion of the passage vortices and the cross-passage pressure 
gradient. Downstream of the stator, i.e., in the wake, these 
high-loss, high-random-unsteadiness regions [5] are located in 
or near the centers of the passage vortices. 

Looking at the location of the vortex centers relative to the 
wake, it is apparent that the passage vortices I and II are 
located at the suction side of the wake, while the secondary 
vortices III and IV are located within the wake. The location 
of vortex center III is between the middle of the wake and the 
pressure side and secondary vortex IV is shifted toward the 
suction side. The origins of the fluid filaments with which the 
convection of the stator secondary vortices were followed 
through the rotor are marked by black dots. Two filaments 
were located at radii r, andv IV, corresponding to the centers of 
vortices I and IV. The filament indicating vortex III is shifted 
slightly outside the vortex center because no radial measure­
ment location was available at the center itself (Fig. 2). 

In the following diagrams the locations of the filaments 
leaving these dots are always marked by a thick black line. 

Figure 7 shows the time history of vortex I from Fig. 6 as it 
passes through the four axial measurement planes in the rotor 
entrance region. In the first picture, the vortex and wake pass 
through L2F plane 1, approximately 25 percent of axial chord 
upstream of the nose. The vortex center lies toward the suction 
side of the wake. Recalling from Fig. 1 that the vortex and 
wake leave the stator with absolute angle a but enter the rotor 
with relative angle /?, we see their intersection with the plane 
sweep from pressure side to suction side as time advances, i.e., 
as they pass through the plane (see also Fig. 3). The straight 
path of the vortex center means that all parts of the vortex 
pass through the plane at the same velocity and the 45 deg 
slope of the path means that the intersection between vortex 
and plane moves from pressure side to suction side at the rotor 
circumferential velocity w. In other words, we can safely 
assume the wake and vortex still have their original velocity 
and direction as they pass through L2F plane 1; they feel no 

K * * l 200-300 

Fig. 7 Time-distance diagrams for vortex I contours of random 
unsteadiness c[2 

influence from the rotor yet. The streamwise component of 
the fluctuating kinetic energy c[2 is seen to be in the range of 
lOGto 150m2 /s2 . 

As the vortex and wake pass through L2F plane 2, approx­
imately 6 percent of axial chord forward of the nose, they 
begin to feel the influence of the blade. A small spot of higher 
turbulence appears near midchannel and the contour c'L

2 = 150 
m2 /s2 extends more than halfway across the channel. The 
slope of the vortex path, i.e., its velocity along line PS-SS, 
decreases between midchannel and the suction side, indicating 
that the wake and vortex are decelerating in that half of the 
channel; that is, they arrive at the plane later than they would 
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Fig. 8 Time-distance diagrams for vortex III contours of random 
unsteadiness c[ 
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Fig. 9 Time-distance diagrams for vortex II contours of random 
unsteadiness c[2 

have with their original velocity. In physical space, the vortex 
and wake are aligning themselves more nearly in the axial 
direction as the suction-side velocity decreases and the mid-
channel velocity continues. Fluid particles near the suction 
side cross the plane "behind schedule." In the pressure side 
the channel, the slope of the j/ortex path increases, indicating 
that the vortex and wake are aligning themselves toward the 
tangential direction. In physical space, the portions of the 
vortex and wake nearest the pressure side are caught in the 
stagnation region and therefore decelerate, while those near 
midchannel proceed with more or less their original velocity. 

2 3 f. LZF-PUNE 

Fig. 10 Schematic of propagation of high turbulence zones 
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Fig. 11 Schematic of disturbance propagation 

Again, the fluid particles near the blade cross the plane behind 
schedule. 

In plane 3, approximately 6 percent of axial chord behind 
the nose, much the same situation exists, with one important 
difference. The vortex and wake have been cut off the 
pressure-side blade and a large zone of turbulence, in which 
c'L

2 is in the range 200 to 250 m 2 / s 2 , extends completely across 
the channel, surrounding the vortex. 

In the fourth L2F plane, some 25 percent of axial chord 
downstream of the nose, near the crown of the blade, the 
situation becomes chaotic. Very high turbulence, with c[2 > 
400 m2 /s2 over a large region, fills the channel from side to 
side and persists for almost the entire vane passing period, 
although a slender zone of undisturbed fluid can still be seen. 
The slope of the vortex path is negative near the pressure side, 
indicating that the vortex is moving toward the blade, rather 
than away from it as before. In physical space, the vortex and 
wake have been pulled into the form of a bow whose open end 
points upstream (see Fig. 4). Therefore, they cross the plane in 
two places and the points of intersection move toward the two 
blades. 

Figure 8 shows the time-distance diagrams for L2F planes 1 
and 3 at radius rm, near midspan. The heavy line marks a path 
just below that of vortex III, which turned out to lie slightly 
above the radius at which data were taken. The discussion of 
Fig. 7 applies here also, with a couple of additional comments. 
First, the vortex lies toward the pressure side of the incoming 
wake, whereas vortex I lay toward the suction side. Then, we 
see two tongues of high turbulence extending from the blade 
surfaces and following the vortex through plane 1. The incom­
ing turbulence level is higher here than at radius rl, exceeding 
200 m2 /s2 in the tongues. In plane 3, the situation for vortex 
III is almost identical to that for vortex I, with the exceptions 
that the suction side here is continuously bathed in turbulent 
fluid and the increase in turbulence over the incoming level is 
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smaller, reaching only 300 m2/s2, and is restricted to the 
pressure-side half of the channel. 

The time-distance diagrams for vortex IV, which lies at ap­
proximately 1/4 span, are shown in Fig. 9. Note that on cross­
ing L2F plane 1, the vortex is already surrounded by high tur­
bulence, which, considering its location near the hub endwall, 
is not surprising. The situation in L2F plane 3 is similar to that 
at the other two radii except that the zone of high turbulence 
surrounding the vortex is narrower, i.e., it does not last as 
long, and the free-stream fluid penetrates briefly to the suction 
side. Note also that the increase of turbulence over the incom­
ing level is again small, reaching only 350 m2/s2, and is con­
fined to the pressure-side half and a small part of the suction 
side of the channel. Finally, note that all parts of the wake and 
vortex are moving toward the suction side of the channel as 
they cross plane 3 (the slope of the vortex is positive 
everywhere), even though they have been pulled into a bow in 
physical space. 

It is clear from Figs. 7-9 that, in the rotor entrance region, 
the turbulence increases above the levels in the incoming wake, 
but only in areas associated with the stator secondary vortices. 
Outside the vortex areas, there was no discernible increase. 
The most reasonable explanation of this phenomenon is that 
the vortices break down and some of their kinetic energy is 
converted into turbulence [7, 13]. 

The vortex paths shown in the time-distance diagrams of 
Figs. 7-9 are shown in the blade-to-blade plane in Fig. 10. In 
Fig. 10(a), the locations of vortex I corresponding to the four 
instants in time A, B, C, and D from Fig. 7 are shown. At time 
tA the vortex has not yet penetrated plane 3 and the turbulence 
level along it is essentially that of planes 1 and 2. At times tB, 
tc, and tD, the vortex is passing through plane 3 and, as seen 
from the last two diagrams in Fig. 7, all of the vortex 
downstream of plane 3 is surrounded by high turbulence, in­
dicated by heavy lines in Fig. 10. The upstream end of the 
high-turbulence area is found by axial interpolation to lie just 
forward of plane 3. At radii rm and rly the behavior is similar 
except that at time tc the high-turbulence zone does not quite 
extend forward to plane 3. 

It is clear from study of Figs. 10 and 7 that the elevated tur­
bulence spreads from the pressure side back along the vortex 
axis to approximately plane 3, but no further. Two questions 
are raised. Where exactly does the turbulence increase begin 
and why does it stop spreading where it does? 

The model sketched in Fig. 11 explains: Slightly after the 
vortex is cut by the blade, for instance at point P{, a disturb­
ance is created which propagates along the vortex axis with the 
speed of sound. Simultaneously, the vortex is swept 
downstream at the local relative velocity. The resultant path is 
shown as a sequence of dots. 

To get the best fit to the measurements, the origin of the tur­
bulence increase (point Px) is shifted slightly up- or 
downstream along the pressure side of the blade. The tur­
bulence propagation paths which best match the measured 
results are marked by dots in Fig. 10. At each radius, excellent 
agreement with the measured results is apparent. The origin of 
turbulence production, as found by this model, occurs near 
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the pressure-side stagnation region of the blades, immediately 
after the cutting of the stator secondary vortices. 

Conclusions 

L2F measurements in the rotor region of a single-stage, 
cold-air turbine have been analyzed with special regard to the 
unsteady blade row interaction caused by secondary vortices. 

The behavior of the stator secondary vortices has been in­
vestigated as they propagate through the rotor. The following 
properties have been shown: 
• The stator secondary vortices, which originally are aligned 
parallel to the stator wakes, are cut off by the rotor blades. 
• Immediately after the vortex is cut off, the turbulence in the 
vortex region increases considerably. Most probably, the vor­
tical motion breaks up and its energy is converted into 
turbulence. 
• The origin of the breakdown is located near the pressure-
side stagnation region of the rotor blades. 
• The increase of turbulence spreads back along the vortex 
axis at the speed of sound. 
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smaller, reaching only 300 m2/s2, and is restricted to the 
pressure-side half of the channel. 

The time-distance diagrams for vortex IV, which lies at ap­
proximately 1/4 span, are shown in Fig. 9. Note that on cross­
ing L2F plane 1, the vortex is already surrounded by high tur­
bulence, which, considering its location near the hub endwall, 
is not surprising. The situation in L2F plane 3 is similar to that 
at the other two radii except that the zone of high turbulence 
surrounding the vortex is narrower, i.e., it does not last as 
long, and the free-stream fluid penetrates briefly to the suction 
side. Note also that the increase of turbulence over the incom­
ing level is again small, reaching only 350 m2/s2, and is con­
fined to the pressure-side half and a small part of the suction 
side of the channel. Finally, note that all parts of the wake and 
vortex are moving toward the suction side of the channel as 
they cross plane 3 (the slope of the vortex is positive 
everywhere), even though they have been pulled into a bow in 
physical space. 

It is clear from Figs. 7-9 that, in the rotor entrance region, 
the turbulence increases above the levels in the incoming wake, 
but only in areas associated with the stator secondary vortices. 
Outside the vortex areas, there was no discernible increase. 
The most reasonable explanation of this phenomenon is that 
the vortices break down and some of their kinetic energy is 
converted into turbulence [7, 13]. 

The vortex paths shown in the time-distance diagrams of 
Figs. 7-9 are shown in the blade-to-blade plane in Fig. 10. In 
Fig. 10(a), the locations of vortex I corresponding to the four 
instants in time A, B, C, and D from Fig. 7 are shown. At time 
tA the vortex has not yet penetrated plane 3 and the turbulence 
level along it is essentially that of planes 1 and 2. At times tB, 
tc, and tD, the vortex is passing through plane 3 and, as seen 
from the last two diagrams in Fig. 7, all of the vortex 
downstream of plane 3 is surrounded by high turbulence, in­
dicated by heavy lines in Fig. 10. The upstream end of the 
high-turbulence area is found by axial interpolation to lie just 
forward of plane 3. At radii rm and rly the behavior is similar 
except that at time tc the high-turbulence zone does not quite 
extend forward to plane 3. 

It is clear from study of Figs. 10 and 7 that the elevated tur­
bulence spreads from the pressure side back along the vortex 
axis to approximately plane 3, but no further. Two questions 
are raised. Where exactly does the turbulence increase begin 
and why does it stop spreading where it does? 

The model sketched in Fig. 11 explains: Slightly after the 
vortex is cut by the blade, for instance at point P{, a disturb­
ance is created which propagates along the vortex axis with the 
speed of sound. Simultaneously, the vortex is swept 
downstream at the local relative velocity. The resultant path is 
shown as a sequence of dots. 

To get the best fit to the measurements, the origin of the tur­
bulence increase (point Px) is shifted slightly up- or 
downstream along the pressure side of the blade. The tur­
bulence propagation paths which best match the measured 
results are marked by dots in Fig. 10. At each radius, excellent 
agreement with the measured results is apparent. The origin of 
turbulence production, as found by this model, occurs near 
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I studied the subject of possible errors in gas turbine synthesis 
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the pressure-side stagnation region of the blades, immediately 
after the cutting of the stator secondary vortices. 

Conclusions 

L2F measurements in the rotor region of a single-stage, 
cold-air turbine have been analyzed with special regard to the 
unsteady blade row interaction caused by secondary vortices. 

The behavior of the stator secondary vortices has been in­
vestigated as they propagate through the rotor. The following 
properties have been shown: 
• The stator secondary vortices, which originally are aligned 
parallel to the stator wakes, are cut off by the rotor blades. 
• Immediately after the vortex is cut off, the turbulence in the 
vortex region increases considerably. Most probably, the vor­
tical motion breaks up and its energy is converted into 
turbulence. 
• The origin of the breakdown is located near the pressure-
side stagnation region of the rotor blades. 
• The increase of turbulence spreads back along the vortex 
axis at the speed of sound. 
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The general conclusion was that isotropic turbulence would 
have no appreciable effect on such calculations but that 
oscillations and secondary flows might have an appreciable 
effect. However, the effects of the oscillations and secondary 
flows are opposed and it was not therefore possible to draw a 
general conclusion on whether there would be any net effect 
without knowing the magnitudes of the energy involved in the 
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oscillations and the secondary flows (vortices). The necessary 
experimental evidence was not available at the time but it is 
possible that it may be available from your work. If this is the 
case, it would be interesting to know. 
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The development of the random unsteadiness in the second­

ary flow region was also investigated in previous published 
papers [2, 3]. In these works the increase of random 
unsteadiness in the rotor entrance region has been related to 
the enthalpy drop of the turbine. It has been shown that the 
energy converted into turbulence by the cutoff process of the 
secondary vortices is on the order of 1 percent. The energy 
contained in the oscillations (periodic fluctuations) has not yet 
been calculated. 
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Reynolds Stresses and Dissipation 
Mechanisms Downstream of a 
Turbine Cascade 
An experimental investigation was performed to measure Reynolds stresses in the 
turbulent flow downstream of a large-scale linear turbine cascade. A rotatable X-
wire hot-wire probe that allows redundant data to be taken with solution for mean 
velocities and turbulence quantities by least-squares fitting procedures was 
developed. The rotatable X-wire was used to obtain the Reynolds stresses on a 
measurement plane located 10 percent of an axial chord downstream of the trailing 
edge. Here the turbulence kinetic energy exhibits a distribution resembling the con­
tours of total pressure loss obtained previously, but is highest in the blade wake 
where losses are relatively low. The turbulent shear stresses obtained are consistent 
in sign and magnitude with the gradients of mean velocity. The measured Reynolds 
stresses are combined with measured distributions of velocity to show how and 
where losses are being produced. The mechanisms for the dissipation of mean 
kinetic energy in this swirling three-dimensional flow are revealed. 

Introduction 

One of the challenges in turbine design is to understand the 
sources of the losses in three-dimensional turbulent flow. 
Design procedures are becoming available which allow 
changes in blade profiling and stacking, endwall contouring, 
and blade sweep and lean. The designer can vary these 
parameters and measure the changes in performance of the 
blading, but much more insight and better modeling of the 
loss mechanisms will be required before he can accurately 
predict changes in performance. 

There is a need for more information about how and where 
losses are produced in turbomachinery flows. In this paper, we 
quantitatively explain the rate of loss production downstream 
of a linear turbine cascade. It is hoped that the explanation for 
this flow region will contribute to a better understanding of 
loss production mechanisms in general. 

VPI&SU Cascade. The flow considered is that at Plane 2, 
10 percent of an axial chord downstream of the trailing edge 
of the VPI&SU cascade [1] shown in Fig. 1. The cascade is 
geometrically similar to the UTRC cascade [2]. The airfoil sec­
tion is that of a reaction turbine rotor with mean camber line 
angles of/3j =43.99 and j32 =25.98 deg giving a nominal turn­
ing angle of 110 deg and a velocity ratio of approximately 1.6. 

The operating conditions for the cascade are given in Table 
1. With these conditions, the flow downstream of the cascade 
is dominated by the decay of passage vortices and the dissipa­
tion of secondary kinetic energy [1]. 

Primary and Secondary Velocities. Figure 1 shows the 
primary flow velocity component U, defined in the direction 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters January 17, 1986. Paper No. 
86-GT-92. 

of the mean camber line at the blade trailing edges (/32 = 26 
deg). The secondary flow velocity components are then W, in 
the span wise direction, and V, perpendicular to U and W. 

Figure 2(a) shows the secondary velocity vectors (the resul­
tant of the secondary velocities Fand W) sit plane 2, pictured 
on the measurement plane. The corresponding contours of 
total pressure loss coefficient CPt are shown in Fig. 2(b). 

Of particular interest in this paper are the large spanwise 
velocities toward midspan in the blade wake, where Wis of the 
order of - 2 0 to - 2 5 m/s, and the overturning of the flow, 

span 
AZ = 234.4 

rotatable 
hot-wire (X) 
probe 

linear dimensions in mm 

Fig. 1 Cascade geometry with coordinate systems for the cascade (X, 
V, Z) and for primary and secondary flow downstream (x, y, z) 
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Table 1 Operating conditions for VPI&SU cascade 

Freestream velocity at inlet 

(70(m/s) 23.5 (± 0.4) 

Freestream turbulence intensity at midspan 

V^2/C/0 (percent) 0.3 

Endwall boundary layer parameters at inlet (X/c = —1.20) 

Boundary layer thickness, 5g9 (mm) 
Displacement thickness, S* (mm) 
Momentum thickness, 6 (mm) 
Shape factor, Hn = S*/6 

Air properties 

38. 
5.41 
4.10 
1.32 

p(kg/m3) 
li (kg/m s) 

1.12 
0.0000188 

Exit Reynolds number based on axial chord 

Rec 5.2xl05 

between the vortex core and the endwall, with blade-to-blade 
velocities Fof the order of - 10 m/s. 

Total Pressure Losses and Secondary Kinetic Energy 
Downstream. More than one third of the losses in this 
cascade are found to occur downstream of the trailing edge. 
This rise in total pressure loss is almost entirely explained by a 
corresponding dissipation of secondary kinetic energy, (V2 + 
W2)/!, as shown in Fig. 3 and Table 2. The decrease in the 
secondary kinetic energy W1/!, associated with the spanwise 
velocities, represents more than 60 percent of the additional 
total pressure loss. 

One is led to ask, what are the mechanisms governing the 
decay of the secondary kinetic energy? Can the decay be ex­
plained by turbulent and viscous stresses in the flow? 

An Apparent Paradox. An analysis of downstream mixing 
losses [1] showed that the net contribution of the dissipation 
of primary kinetic energy and the rise in static pressure is very 
small when compared to the dissipation of secondary kinetic 
energy. The flow develops downstream of the trailing edge as 
if the primary flow (in a mass-averaged sense) is reversible and 
only the secondary kinetic energy decays irreversibly. 

VI m/s] 

10 

Fig. 2(a) Secondary flow vectors 

end wall 

mid-span 

Fig. 2(b) Contours of total pressure loss coefficient Cp t 

Fig. 2 Measured flow distribution at plane 2 (X/c = 1.10) [1]. Solid line: 
projections downstream of blades in directions of mean camber lines at 
trailing edges; suction S: downstream of middle blade; pressure P: 
downstream of adjacent blade. 

One asks whether this finding can be correct given the 
dissipation of primary kinetic energy which must be occurring 
in the endwall boundary layers. Again, is the explanation to be 
found in the turbulence stresses in the flow? 

Present Contribution. In this paper, we will: 
1 consider the equations for the development of total 

pressure losses and the individual components of the mean 
kinetic energy in a three-dimensional turbulent flow; 

2 present results of measurements of Reynolds stresses at 
plane 2 {X/c = 1.10) downstream of the VPI & SU cascade; 

3 combine the Reynolds stresses with gradients of 

Nomenclature 

A = area of measuring plane, 
integration 

,A6 = coefficients, equation (10) 
c = blade axial chord, Fig. 1 

CPl = total pressure loss coefficient 

Ul 

area of 

= (Plo-Pl)/—pwo 

substantial derivative = d/dt+Uj d/dxj D = 
eA, eB = fluctuating wire voltage 

N = nondimensionalization factor 

= c/ (v„A - i - pUl) 

P = mean static pressure 
1A> 1B = fluctuating effective cooling velocity, equa­

tion (10) 

q2/2 = turbulence kinetic energy, equation (11) 
rms = root mean square 

t = time 
U, u = mean and fluctuating primary velocity 

components, Fig. 1 
£/,-, Uj = components of mean and fluctuating 

velocity 

U0 
V, v 

Vn 

K 
W, w 

x, y, z or Xj 
X, Y,Z 

AY 
AZ 

/* 
P 

Subscripts 

Overbars 

upstream freestream velocity 
mean and fluctuating lateral velocity com­
ponents, Fig. 1 
velocity component normal to measuring 
plane, axial velocity 
area-averaged normal velocity, Table 2 
mean and fluctuating spanwise velocity 
components, Fig. 1 
flow coordinates, Fig. 1 
cascade coordinates, Fig. 1 
blade pitch 
blade span 
wire angle, Fig. 4 
viscosity 
density 

upstream of cascade in freestream 
total, stagnation 

time average 
mass average 
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X/c 

V„(m/s)M 

CPl 

v2/u\ 
v2/ul 
w2/ul 
(V2 + W2)/U2

Q 

6PI + (v2 + w2 

Table 2 

wi 

Average flow properties 

Plane 

1 
0.96 

18.74 

0.220 

2.53 

0.090 

0.103 

0.193 

0.413 

2 
1.10 

15.76 

0.268 

2.58 

0.054 

0.077 

0.131 

0.399 

3 
1.25 

15,76 

0.306 

2.49 

0.049 

0.052 

0.101 

0.407 

4 
1.40 

15.76 

0.343 

2.55 

0.041 

0.025 

0.066 

0.409 

'''Uniform corrections have been applied to the measured yaw 
angles to obtain mass balances with the inlet flow. 

measured mean velocity [1] to give distributions of turbulent 
deformation work and dissipation of mean kinetic energy; 

4 discover the mechanisms governing the decay of 
secondary kinetic energy and the changes in primary kinetic 
energy in this swirling three-dimensional flow; 

5 suggest an explanation for the paradox of apparently 
reversible primary flow and irreversible secondary flow, 
downstream of the VPI & SU cascade. 

Equations for Kinetic Energy of the Mean Motion 

The equation of motion for turbulent flow of an incom­
pressible fluid is 

dU, \ dP _ d ( ( dU, dU, 'dU, 

, dt J 
3X: - ) - dX: toT^C ax, 

»UJ\ 

dx, J 

- PUiUj) (1) 

where U, are the components of the mean velocity and —/>•' 
UfUj are the Reynolds stresses1 due to turbulent velocity fluc­
tuations u, and Uj. 

Following Hinze [3], we multiply the equation of motion by 
Ut and obtain the equation for the kinetic energy of the mean 
motion 

- ^ H J L Vj(p+^ pUiU) +J-WJU, 

II III 

a 
dxj 

/,[/,-(-
dU, dU, 

dXj 

IV 

dXj V-pUjUj 
dU, 

dx, 

V 

dU, \ BU, 

-»\-ar+-dir) dxj 
(2) 

VI 

The terms in this equation represent: 

(I) local rate of change of mean kinetic energy; 
(II) change in convective transport of total pressure; 
(III) the rate at which mean kinetic energy is diffused by 

turbulent fluctuations; 
(IV) the rate at which viscous stresses do work on the con­

trol volume; 
(V) work of deformation of the mean motion by the tur­

bulence stresses per unit volume and time; this term represents 
the rate at which mean kinetic energy is converted to tur­
bulence kinetic energy; 

(VI) the rate at which energy of the mean flow is 

1 For simplicity, the quantities u,Uj are sometimes referred to as the Reynolds 
stresses in this paper. 

0.4 

0.3 

0.2 

0.1 

a-

o-. 

iv^TwVui 

0.96 1.40 1.10 1.25 
X/c 

Fig. 3 Variation of mass-averaged flow properties downstream of trail­
ing edge 

dissipated through the action of viscosity per unit of volume 
and of time. 

In a similar manner, we multiply the equation of motion by 
the individual mean velocity components U, V, and Wto ob­
tain the following equations for the individual components of 
the mean kinetic energy. 

In the x direction2: 

PZ>(-
2 ) + dx, 

.puup-JL^ 
dU 

dXj 

-U-
dP 

Hx - + pUUj 
dU 

dx, 

dXj 

/dU 

• - $ 

at/,\ ac/ 3 dx / dx, 
(3) 

In the y direction: 

V2\ d "K—) 
= -v-

dxj 

dP 

pvuj V -4rM- dv du, 
dXj 

) 

— dV 

dy 
In the z direction: 

W2\ d 

+ pVUj 
dx. 

\dXj dy / 

/dV dUj\ dV 

^\l)xj + ~dy~)~dx~ 

dW dUr 

(4) 

(W2\ d d / dW 
p<~)+^p^w--^^y-dx7 

dW / 
. + p w U j — - ^ = -w-

dW_ 

dx, 
- + • 

dz ) 

dz ) 

dW 

dx, 
(5) 

dz dXj - „~j 

Area Integration and Nondimensionalization. The rates 
of change of total pressure and of the individual components 
of mean kinetic energy, in the axial (X) direction (see Fig. 1), 
are obtained at plane 2 by integrating equations (2)-(5) over 
the measuring plane. The integration is performed at X/c = 
1.10, from Y = 0. to Y = AY, and from Z = AZ/2 to Z = AZ 
(the top half of the cross-sectional plane). 

The terms in the equations are made dimensionless by 
multiplying by a factor N, where 

N= 

V„A 

= 0.00001832 s3/kg m 

PUI 

The area A for integration is AY- AZ/2 and the normal veloci­
ty V„ is 15.76 m/s (see Table 2). 

Note: The x, y, z coordinates correspond to the U, V, W of Fig. 1 and not 
the cascade coordinates X, Y, Z. 
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Fig. 4 Schematic of rotatable two-wire hot-wire probe 

Upon integration, terms III and IV in equation (2) and the 
corresponding terms in equations (3)-(5) are found to be of 
negligible significance. Omitting these terms, the equations 
become (for steady flow) 

BU, 

€) f">'N\ L """• ax 
dA 

+ N 
J J/I \ dX, dX, ) 

dUj 

dx. 
dA (6) 

/P+—PU2' 

< # M 
M L ( dP dP\ v^r+w—)dA 

dy dZ' r)< 

+ N 

8 

IL — du 
puid; ——dA+N 1 dX; 

r f /du au,\ du 
J J A \dx, dx / dx, v ' 

'(f) 
(-DTML 

dP 
V—dA+N 

dy J JA 'IL — dV 
pvuj ——dA 1 dx. 

+ N 
f f (dV dU,\ dV 

\l-»\-dx- + -dT)l)x-dA (8) 

* ( # ) 
Q-iL-^-iL^-^-

+ N I L -<•(- dw du, \ dw 
• ) • 

-d4 (9) 
3x,- dz / dXj 

In these equations, the terms on the left-hand side can be 
evaluated from the data in Table 2; for equations (6), (8), and 
(9) they represent the slopes of curves in Fig. 3. The last terms 
on the right-hand side can be evaluated from measured veloci­
ty distributions at planes 2 and 3 [1]. With the addition ofin-
dependently measured Reynolds stresses at plane 2, it should 
be possible to: 

(a) evaluate the turbulent deformation work terms, 
(b) balance equation (6), and 
(c) discover the mechanisms for the production of total 

pressure losses and for the dissipation of mean kinetic energy. 

Reynolds Stress Measurements 

Turbulence measurements were made on the upper half of 
plane 2 (see Fig. 1) using hot-wire anemometry. A rotatable 
two-wire probe was used from 50.-90.6 percent of span. 

Single-wire traverses were done near the endwall, from 
100.-90.6 percent of span, where probe blockage effects were 
expected if the larger two-wire probe was used. 

The two-wire probe allowed measurement of the complete 
set of Reynolds stresses, including turbulence kinetic energy, 
and all three mean velocity components. The single wire was 
used to gain an approximation for u2 and the turbulence 
intensity. 

Rotatable3 Two-Wire (X) Probe. The two-wire probe, 
designed for this investigation, combines the advantages of 
single- and multiple-wire systems and is illustrated in Fig. 4. It 
consists of two slantwires with a nominal wire angle a0 of 35.3 
deg. These are separated by a fixed angular distance of 
nominally 120 deg about the probe axis. The probe is designed 
to be rotated in its support about its axis. This design is an ex­
tension of the rotatable single-wire idea [4], while probe com­
plexity is reduced over the three-wire probe [5]. 

For a wire angle of 35.3 deg, three wire positions separated 
by 120 deg about the probe axis form a mutually orthogonal 
set of axes; this probe is designed so that its two wires form 
two out of three axes of an orthogonal coordinate set. It can 
be rotated to produce the complete set. In this way, it pro­
duces all the wire positions of three-wire systems with mutual­
ly perpendicular sensors [6]. 

The probe was used as an end-flow probe, i.e., with the 
primary flow in the direction of the probe axis, as shown in 
Fig. 1. This allowed data to be obtained with the incidence (or 
cone) angles (relative to the probe axis) of up to 35 deg ex­
pected at plane 2 [1]. 

The two hot-wire sensors were made of 0.0038 mm (0.00015 
in.) diameter tungsten wire. The wires were given a copper 
coating except for about 1.3-1.6 mm exposed length at the 
middle. 

Analysis for Reynolds Stresses. For an orthogonal three-
dimensional coordinate system, the Reynolds stress tensor has 
six components: u2, v2, w2, uv, uw, and vw, where u, v, w 
represent the fluctuating velocity components in the three 
coordinate directions. The Reynolds stress quantities can be 
related to wire voltages by geometry and the method used to 
model wire response (e.g., the cosine law). The analysis 
method adopted here is that of Gorton and Lakshminarayana 
[5]- _ 

In this analysis, the mean square of a wire voltage eA, ob­
tained from the measured rms signal for wire A, is related to 
the mean_square of the corresponding fluctuating cooling 
velocity qA. Geometry then relates the cooling velocity to the 
fixed-coordinate velocity components, which after lineariza­
tion and time-averaging results in a linear expression 

qA =Alu
2+A2v

2+A3w
2+A4uv+A5uw + A6vw (10) 

where the coefficients A,, . . . , A6 are functions of the mean 
velocities U, V, W. The mean velocities are found from the 
wire mean voltages [7]. From the second wire (B), its mean-
square signal, if, and the mean-product e ^ s ° f t n e t w 0 w ' r e 

signals (obtained from combining the rms sum and difference 
signals) produce two more equations, also linear in the 
Reynolds stresses, for <?J and qAqB. 

Solution Procedure for Reynolds Stresses. For each 
angular setting of the rotatable two-wire probe, three equa­
tions for the six Reynolds stresses were obtained. The ex­
perimental procedure always called for at least three such 

This probe can be rotated into different stationary angular positions, not to 
be confused with continuously rotating probes. 
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Fig. 5 Grid for X-wire measurement locations at plane 2 

angular settings, resulting in an overspecified set of linear 
equations. 

The solution procedure was then to least-squares fit the 
system of equations into a set of six equations in six 
unknowns. This resulted in a more strongly diagonal coeffi­
cient matrix, increasing confidence in the results obtained. 

It should be noted that the geometry of the X-wire probe is 
such that the two wires could duplicate orientations when the 
probe was rotated. This occurred when three angular settings 
equally spaced by 120 deg were used; the two wires assumed 
nearly the same three mutually orthogonal positions as the 
probe was rotated. Nine equations were obtained, but only six 
(three from rms and three from mean product signals) were in­
dependent. By increasing the number of settings beyond three, 
redundant independent information was obtained as opposed 
to just redundant information as with three settings. 

Verification of Two-Wire Probe in Pipe Flow. Verifica­
tion tests were performed at the exit of a pipe with'a Reynolds 
number of 120,000 based on average velocity and diameter. 
An uninterrupted length of 240 diameters upstream of the exit 
insured fully developed flow and the Reynolds number in­
dicates a clearly turbulent flow. The results are compared with 
those of Laufer [9], and all errors are based on locally ex­
pected values. 

1 Using three angular settings through 10 deg incidence, 
the velocity magnitude and flow angle were obtained to within 
0.6 percent and 1.0 degree, respectively. The turbulent normal 
stresses and turbulence kinetic energy were measured to within 
28 percent and the primary shear stress (uv) to within 27 per­
cent. However, the secondary shear stresses (uw, Uw) were 
measured as large as 60 percent of the expected primary shear 
stress when they should have been small in comparison. 

2 Using six angular settings, the velocity magnitude was 
obtained within 0.8 percent and the flow angle within 3.6 deg 
through 35 deg incidence. The Reynolds stresses and tur­
bulence kinetic energy were obtained within 30 percent 
through 20 deg incidence, and within 46 percent up to 35 deg 
incidence. 

The verification tests in fully developed pipe flow showed 
that the X-wire probe was capable of measuring the Reynolds 
stresses and turbulence kinetic energy with the accuracy 
desired in the cascade flow. They also indicated that six 
angular settings were desirable when incidence angles were 
larger than about 15 deg. 

Turbulence Measurements at Plane 2 

Measurement Locations. Plane 2 was traversed with the 
X-wire probe. Horizontal (pitchwise, Y) traverses were made 
at the following spanwise locations: 50.0, 58.1, 66.2, 74.3, 
82.4, and 90.6 percent of span (from the bottom wall). At each 
spanwise height, measurements were made from Y= —2.54 
cm to 17.8 cm every 2.54 cm. This defined a grid as shown in 
Fig. 5, which also indicates the number of angular settings 
used. Three settings were used in regions of low turbulence 

end woll 

mid-span 

Fig. 6 Contours of turbulence kinetic energy at plane 2 

and regions of mild secondary velocities (generally cone angles 
less than 15 deg). The number of settings was increased to six 
or twelve in those regions of distorted flow exhibiting large 
secondary velocities and turbulence levels. The vertical lines in 
Fig. 5 show the trailing edges of the middle and adjacent 
blades projected in the primary flow direction. The results at 
Y= -2 .54 , 0, and 2.54 cm were duplicated over the wake 
region of the adjacent blade to fill in the region to the right. 

The region between 90.6 percent of span and the top end-
wall was traversed spanwise with a horizontal single-wire 
probe at selected pitchwise locations (not shown). 

Mean Velocities. The mean velocities were solved for par­
ticularly to complete the coefficient matrix in the Reynolds 
stress solution (see equation (10), for example). The velocity 
magnitude was measured to within ±4 percent of earlier five-
hole pressure probe results [1] up to cone (three-dimensional 
incidence) angles of 35 deg. The cone angle was obtained 
within 4 deg when less than 20 deg, but only within 9 deg for 
cone angles up to 35 deg. 

_ Turbulence Kinetic Energy. The turbulence kinetic energy 
q2/2 is given by 

q2 u2 + v2 + w2 

__ _ 

where IP, u1, and_ w1 are the three Reynolds normal stresses. 
Contours of q2/V\ X 103 measured by the X-wire probe are 

plotted in Fig. 6. The endwall region was traversed with a 
single wire, giving information only for w ĵ the turbulence in 
this region was assumed to be isotropic (u2 = v2 = w2) for the 
purposes of contour plotting. The computer routine that pro­
duced the contours used linear interpolation between grid 
points, and this should be considered when interpreting the 
following contour plots. 

The contours of q2/Ul show a peak of 0.20 in the blade 
wake downstream of the trailing edge, at about 80 percent of 
span. Two peaks of 0.16 occur near the center of the passage 
vortex and in the midspan/suction-side corner region. The lat­
ter two peaks correspond to regions of high-total-pressure-loss 
fluid, as can be seen in Fig. 2(b). However, the blade-wake 
peak is in a region of relatively low-loss fluid (Cpl = 0.8 versus 
a maximum of 1.8). The turbulence here is probably due to a 
different mechanism, possibly residual trailing-edge vorticity 
causing violent mixing of different velocity fluids. The tur­
bulence kinetic energy contours also show the endwall 
boundary layer to be quite thin, about 2 mm thick at 
midpassage. 

A very low-turbulence region occupies much of the passage, 
from the passage vortex region to the wake of the adjacent 
blade. Values of IF/lf2, here are typically 0.001 to 0.002, with 
a minimum of 0.0008 (corresponding to an rms turbulence in­
tensity of 1.7 percent of inlet flow velocity) occurring at 
midspan and 68 percent pitch. This minimum value of tur­
bulence intensity at plane 2 is of the same order as at the edge 
of the inlet endwall boundary layer (about 1.5 percent). 

Mass-Averaged Turbulence Kinetic Energy. The mass-
averaged turbulence kinetic energy is defined as 
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Fig. 7 Contours of Reynolds normal stresses at plane 2: 
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Fig. 8 Contours of Reynolds shear stresses at plane 2: 
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(12) 

which is consistent with the definition of Cpt used in previous 
investigations [1, 2]. The isotropic approximation made near 
the endwall did not have a large effect on the answer since 
overturning there results in a small V„. 

The resultant value for q2/Ul is 0.062, which can be com­
pared to a CPt of 0.268 at plane 2 (Table 2). The turbulence 
kinetic energy then accounts directly for about 23 percent of 
the total pressure loss at plane 2. 

Gregory-Smith and Graves [10] believe turbulence may ac­
count for 75 percent of the total pressure losses in their 
cascade. However, their measurement plane (slot 8) was closer 
to the trailing edge (X/c= 1.03) than plane 2 (X/c= 1.10). In 
the VPI&SU cascade, the peak turbulence intensities decay 
abruptly downstream of the trailing edge, but the decreases 
would not explain a factor of 3.5 in mass-averaged turbulence 
kinetic energy. 

Normal Stresses. Contour plots of u2, v2, and w2 nor­
malized _by [7o_are shown in Fig. 7. The secondary normal 
stressesv1 and w2 show a distribution similar to q2/l%. Local 
peak values of v2/Ul reach 0.10, accounting for half the cor-
responding local peak turbulence kinetic energies. The w2/Ul 
values are next largest, with peak values of 0.07 occurring in 
the blade wake. 

The primary normal stress distribution is quite different. 
Contours ofTP/Ul show a peak of only about 0.05 occurring 
at midspan, and are more symmetric than the secondary nor­
mal stress_and turbulence kinetic energy contours. The larger 
values of v2 and w2 may result from the rapid dissipation of 
secondary kinetic energy, (J / 2+W / 2)/2, downstream of the 
cascade, while the primary flow U behaves as a reversible flow 
[1]. 

Shear Stresses. The turbulent shear stresses, uv, uw, and 
vw, normalized by t/2,, are contour plotted in Fig. 8. The con­
tours of UV/UQ show a peak value of + 0.02 in the blade wake 
near midspan. This is a region of a high negative dU/dy veloc-
ity gradient and one would expect a large positive uv shear 
stress. There is a corresponding region of not so large positive 
dU/dy on the other side of the wake which is accompanied by 
a region of negative uv. 

Contours of uw/Ul (Fig. 8(d)) have a large negative 
( -0 .02 peak) region at about 60 percent of span and 20 per­
cent of pitch. This is in a region of large positive dU/dz as 
might be_expected. 

The vw/Ug shear stress (Fig. 8(c)) has a peak of +0.04 in 
the blade wake closely corresponding to the location of highest 
q2, v1, and w2. It is more difficult to associate this with a 
mean velocity gradient since both d W/dy and d V/dz may be 
important and the y direction does not lie in a measurement 
plane. From the vector plot of secondary velocities (Fig. 2(«)), 
W is decreasing (becoming more negative) in the Y direction 
near peak vw, which is consistent with a positive vw. 

All the shear stresses are small in the undisturbed flow near 
midpassage with contours of zero appearing there. 

The most significant finding here is that the maximum vw 
shear stress is the largest, about twice the maximum value of 
uv or :iw. The vw stress was the one not obtained by Gregory-
Smith and Graves [10]. It is believed that it may contribute to 
the rapid decay of mean secondary kinetic energy, particularly 
W2/!, downstream of the cascade (as discussed below). 

Distribution of Deformation Work by Turbulence 
Stresses 

The principal mechanism for the generation of total 
pressure losses in the flow at plane 2 is the work of deforma­
tion of the mean motion by the turbulent Reynolds stresses. 
This is represented by term V in equation (2), pu-Uj d £/,- /dxj 
and by the corresponding terms in equations (3)-(9). It is the 
rate of production of turbulence kinetic energy from mean 
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end wall 
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Fig. 9 Contours of turbulent deformation work (rate of production of 
turbulence kinetic energy) at plane 2 

b) 

mid-span 

Fig. 10 Contours of contributions to turbulent deformation work from 
the mean velocity components U, V, and Wat plane 2: 

(a) 
uiij d(U/U0) 

Uf S(x,/c) '• 
(b) 

vu, d(V/U0) 

d(x/c) U\ 
l(c) 

wuj d(W/U0) 

Ul 3<x,/c) 

kinetic energy. Note that for loss generation and turbulence 
production, this term has a negative sign. Term V is evaluated 
at plane 2 by combining the measured Reynolds stresses (Figs. 
7 and 8) with measured distributions of mean velocity from 
planes 2 and 3 [1], 

The distributions of deformation work are presented as 
distributions of the dimensionless quantity 

U2 d(Xj/c) 

With summation over all nine terms, we get the total turbulent 
deformation work. This is plotted in Fig. 9. We see loss pro­
duction throughout the blade wake and in the passage vortex 
near midspan. In these regions, the turbulence is high (Figs. 
6-8) and velocity gradients are large. The distribution has 
several peaks of the order of - 0 . 3 to - 0 . 4 . Deformation 
work is small in regions of low total pressure loss (Fig. 2(b)) 
where the turbulence is low and velocity gradients are relative­
ly small. 

More insight into the specific mechanisms of loss produc­
tion can be obtained by plotting the distributions of the nine 
individual terms and by plotting the three sums of three 
terms that contribute to the dissipation of the three com­

ponents of mean kinetic energy (the second terms on the right-
hand sides of equations (3), (4), and (5) and of equations (7), 
(8), and (9)). 

Deformation Work in the Primary Flow (x) Direc­
tion. The sum of the three deformation work terms directly 
contributing to changes in primary kinetic energy is given by 

uuj d(U/U0) 

~uj d(x/c) 

The distribution of this sum is_shown in Fig. 10(a). The peak 
of about +0.3 is due to u2 JiU/dx, the action of the 
primary Reynolds normal stress u2 on an accelerating flow as 
the blade wake mixes out three dimensionally. The sense of 
this term is to cause an increase in mean primary kinetic 
energy (72/2. This surprising observation suggests a reason 

P + —PU2 downstream of for the small rate of change of 

the VPI&SU cascade [1]. 
The smaller trough downstream of the trailing edges of the 

blades between 50 and 65 percent of span is due to uv dU/dy. 
This is a region of dissipation of primary kinetic energy on the 
pressure side of the wake near midspan, and the values are 
negative. 

The contribution due to ww dU/dz is not shown in Fig. 
10(a). This occurs mainly in the endwall boundary layer, 
where Reynolds stress measurements were not made, but it is 
also an important mechanism for loss production at plane 2, 
as discussed below. 

Deformation Work in the y Direction. In the y direction, 
the deformation work terms contributing directly to changes 
in the secondary kinetic energy component V2/! are 

vuj d(V/U0) 

Ul d(x/c) 

At plane 2, this distribution, shown in Fig. 10(b), is 
dominated by the contribution from v2 d VIby. A region of 
dissipation (negative values) extends throughout the blade 
wake to midspan, with a peak value of - 0 . 3 at about 70 per­
cent ofjpan. Contours of smaller positive values, also mostly 
due to v2 dV/dy, are seen on the pressure side of the blade 
wake and in the passage vortex. 

Deformation Work in the Spanwise (z) Direction. The 
deformation work terms contributing directly to changes in 
the spanwise component of secondary kinetic energy W2/! are 

WUJ d(W/U0) 

_ Of jKxj/c) 

The two terms vw d W/dy and w2 d W/dz both make significant 
contributions at plane 2. In Fig. 10(c), the negative contours in 
thejjlade wake between 60 and 90 percent of span are caused 
by vw d W/dy. Here there are large negative spanwise velocities 
(see Fig. 2(a)), large negative velocity gradients d W/dy, and 
large positive values of vw. The peak value due to vw d W/dy is 
about - 0 . 3 ^ _ 

The term w2 dW/dz gives the large negative values, locally 
as low as - 0.6, near midspan in the blade wake on the edge of 
the passage vortex. This mechanism acts between JO and 70 
percent of span, and results from the high values of w2 and the 
large negative values of bW/dz due to the symmetry of the 
flow about midspan. 

Area Integrals of Equations for Mean Kinetic Energy 

Area Integrals of Individual Deformation Work 
Terms. The area integrals of the individual turbulent defor­
mation work terms 

dUi 
pUiUj 

dXj 
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Table 3 Area integrals on plane 2 of individual deformation work terms, pU/Uj 
dX: 

Spanwise distance'2' uu.-
at/3' 
dx. 

dU 

dx 

dU au 
~~dz~ 

50.-90.6 
90.6-100. 
50.-100. 

+ 0.017 
-0.070 
-0.053 

J dx, 

+ 0.046'4' 
+ 0.005'4'5' 
+ 0.051 

_ dV 

-0.026 
-0.003(6) 

-0.029 

dx ay 

-0.003 
-0.072(6) 

-0.075 

_ av 
dz 

50.-90.6 
90.6-100. 
50.-100. 

-0.041 
-0.020 
-0.061 

_ 3^3> 
J dX; 

-0.001 
0.000(6) 

-0.001 

_ aw 
uw 

dx 

-0.036 
-0.010(5) 

-0.046 

_ aw 
dy 

-0.004 
-0.010(6) 

-0.014 

-, aw 
dz 

50.-90.6 
90.6-100. 
50.-100. 

-0.116 
-0.004 
-0.112 

-0.001 
0.000<6) 

-0.001 

-0.075 
0.000(6) 

-0.075 

-0.040 
+ 0.004'5' 
-0.036 

'''Values made dimensionless as in equation (6). 
(2)Percent of span from bottom wall. 
'''Summation overj= 1,2,3 understood. 

(4). 
dU 

~3JT 
av 

~aj~ 
aw 
17' 

'5'ln endwall region, single hot wire used for u2 and v2 = w2 = u2 assumed. 
'6'Turbulent shear stresses calculated using Prandtl mixing length model [11] in end-

wall region. 

made dimensionless by the factor N as in equation (6), are 
presented in Table 3. The measured Reynolds stresses (Figs. 7 
and 8) were used over the region from midspan to 90.6 percent 
of span. In the region from 90.6 percent of span to_the end-
wall, data from a single hot wire were used for u2 and v2 = w2 

— u2 was assumed. The turbulent shear stresses in this endwall 
region were calculated using a Prandtl mixing length model 
[11] together with the measured mean velocity distributions 
[1]. 

The only integrals of the individual laminar deformation 
work terms 

dU, \ dU; / dU, dUj \ dU, 

V dx, dx; / dx. "J — ' ' "J 

with values of significance were given by the terms — /*• 
(dU/dz)2 and -pi{dV/dz)2 in the endwall boundary layer 
region. The dimensionless values of the integrals for these two 
terms are -0.013 and -0 .001 , respectively. 

Table 4 shows the sum of the area integrals of all the tur­
bulent and laminar deformation work terms to be -0.240. 
The table then ranks contributions in order of significance. 
Thus, we see the largest single contribution, -0.075 or 31 per­
cent of the total, from the term vw dW/dy between 50. and 
90.6 percent of span. Other mechanisms for dissipation in­
volve the terms uw dU/dz in the endwall region (30 percent), 
and w2 dW/dz (17 percent), 1? dV/dy (15 percent), and uv 
dU/By (11 percent) between 50 and 90.6 percent of span. A 
contribution of the opposite sign comes from u2 dU/dx ( - 1 9 
percent). This was seen in Fig. 10(a). 

Accounting for the Rate of Increase of Total Pressure 
Loss. The rate of increase of total pressure loss at plane-2 
was 

(c:)=o.25. 

'(f) 

This was evaluated from the slope of the total pressure loss 
curve in Fig. 3, using mass-averaged values at planes 2 and 3 
(Table 2). Confidence in this value is gained by using the 
values at planes 2 and 4, which also give a slope of 0.25. 

Table 5 shows this measured rate compared with contribu­
tions from the deformation work integrals, using the signs of 
equation (6) and Tables 3 and 4. The terms are grouped as to 
mean velocity component, U, V, and W, and as laminar and 
turbulent. The total -0.240 is remarkably close to the 
measured rate of -0 .25 . 

The deformation work by the primary velocity component 
gives - 0.066, or 27 percent of the loss production rate. The V 
velocity gives a similar contribution, -0.062 or 26 percent. 
The largest factor in loss production is the spanwise velocity 
W, with -0.112 or 47 percent. The secondary velocity com­
ponents, V and W, combined account for 73 percent of the 
loss production at plane 2. This supports the earlier finding [1] 
that loss production downstream of the VPI&SU cascade is 
dominated by the dissipation of secondary kinetic energy. 

At plane 2, Table 5 shows turbulent stresses giving 94 per­
cent of the loss production with 6 percent from laminar shear 
near the endwall. 

Accounting for Changes in Mean Kinetic Energy. The 
rates of decay of the components of secondary kinetic energy 
at plane 2 were 

» ( | ) 
\ Ul ) = -0 .03 and 

»(T) 

-0.17 

Again these were evaluated using data from planes 2 and 3. 
These rates were confirmed by using data from planes 2 and 4, 
which gave rates for V2/2 of -0 .04 and for W2/2of -0 .17 . 

Combining the measured rates for CPl, V2/2, and W2/2, 
we get 
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a /P + —pU-

d(-)\ \Pul €f 
( - • 

w 

= - 0 . 2 5 - ( - 0 . 0 3 ) - ( - 0 . 1 7 ) 

= -0 .05 

Table 4 Contributions of individual terms to the area in­
tegral of the deformation work on plane 2: 

f f 9U, [[ ( dU> x
 dUJ \ dU' ,A 

dW 
v 

By 
du 

v— 
dz 

,dU 

dx 

2dW 

dz 

,dV 

dy 

dU 

dy 

,3K 

dy 

dV 
I 

dz 
Rest 

from (50.-100.)=-0.240 100.% 

(50.-90.6)=-0.075 31.% 

(90.6- 100.)= -0.072 30.% 

(50.-90.6)=+0.046 -19.% 

(50.-90.6)=-0.040 17.% 

(50.-90.6)=-0.036 15.% 

(50.-90.6)=-0.026 11.% 

(90.6-100.)=-0.013 5.% 

(90.6-100.)=-0.010 4.% 

(90.6-100.)=-0.010 4.% 

<±2.% 

In Table 6, the measured decay rates are combined in equa­
tions (7)-(9) with the area integrals from Table 3. The ac­
counting allows the pressure terms, which represent reversible 
energy exchanges, to balance the right- and left-hand sides. 
These extra terms VdP/dy and WdP/dz allow the interchange 
of mean kinetic energy between the three velocity components. 
They introduce the possibility that not all the changes in mean 
kinetic energy are due to irreversible deformation work; and 
they allow deformation work to be distributed more uniformly 
between the velocity components. 

Table 5 Contributions to the rate of increase of total 
pressure loss at plane 2 

€) 
(CPt) = N 

f f BU, 
dA 

+N) ) A >i^dXj + dx,- ) dxj 

-0.25 0)-

(N\lPUU^dA=-°-m) 
(2) 

ML-'®"-H 
WI/^-"--0-06')™ 
ML-(s)«--««) 
/ f f dW V 2 

(-0.226) 
Turbulent 
contribution (94%) 
-0.240 

(-0.014) 
Laminar 
contribution (6%) 

' 'From measurements, Table 2. 
(2)Table3. 

Table 6 Contributions to the rates of change of individual kinetic energy components 

-0.03 ( , ) = ( + 0.03)(J' + (-0.061)w + (-0.001) ( » j 

-0.17<" 

MI dp 
W—dA+N 

A dz 

r f dW f f (BW dV}\dW 

'P+-pU 
2 

<7)H 
-0.05<3> 

pUl 

= (-0.06)(3) + (-0.112)(2) + (0.000) 

= ( + O.02)(3) + (-0.053)(2)+ (-0.013) 

(1)From measurements, Table 2. 
(2)Table3. 
<3)By difference. 
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Starting with the equation for span wise kinetic energy, 
|p2/[/o, the turbulent deformation work, -0.112, does not 
completely explain the measured decay rate, -0 .17 . This sug­
gests that spanwise kinetic energy is also converted reversibly 
to other forms through the pressure term, - W dP/dz 
( ~ - 0 . 0 6 ) . _ 

In the equation for ps/t/2,, the turbulent deformation work 
( - 0.061) is larger than the measured decay rate ( - 0.03). This 
suggests a production of V2/! through the pressure term 
-VdP/dy ( ~ +0.03). Similarly, a small production of 

primary energy, P + — pU2, is indicated due to V dP/dy 

and W dP/dz (~ +0.02). This balances equation (9) and ac­
counts for the deformation work by the primary velocity 
( - 0.066) being larger than the measured rate of decrease of 
primary energy (-0.05) . 

The rate of decay of W2/2 between planes 1 and 2 was also 
very close ( — 0.19) to the rate observed from planes 2 to 4. 
Thus, there appears to be a steady rate of decay of W 2 / 2 , 
near and downstream of the trailing edge. This suggests that 
the same mechanisms, vwdW/dy, w2 dW/dz, and - WdP/dz, 
are governing the changes of spanwise kinetic energy at the 
trailing edge. 

Explanation of a Paradox. Two contributing factors have 
been identified that can explain the paradox of apparently 
reversible primary flow (in a mass-averaged sense) and irrever­
sible secondary flow, downstream of the trailing edge of the 
VPI&SU cascade [1]. The first is the conversion of turbulence 
kinetic energy into primary mean kinetic energy through the 
action of the primary Reynolds normal stress w2 on the 
primary flow. The magnitude of this term is about 20 percent 
of the overall rate of loss production at plane 2. The second ef­
fect is a reversible energy exchange through the pressure terms 
in equations (7), (8), and (9). This could be of the order of 10 
percent of the overall loss rate. Together these could then off­
set the 30 percent of the loss rate caused by the endwall 
boundary layer (Tables 3 and 4). In combination, these factors 
can explain the turbine designer's rule of thumb that, 
downstream of a blade row, total pressure is conserved for the 
primary flow while secondary kinetic energy is dissipated. 

Unified Picture of Loss Production. Overall, reversible 

energy exchanges from WV2 to V2/! and P+—=— pU2 seem 

possible. With these exchanges, the measured rates of decrease 
of mean kinetic energy and the integrated contributions from 
the deformation work can be reconciled. The results presented 
in Figs. 9 and 10 and Tables 3-6 then give a unified picture of 
loss production at plane 2 downstream of the VPI&SU 
cascade. 

Conclusions 

A rotatable two-wire hot-wire probe has been developed 
and used to measure all six turbulent Reynolds stresses on a 
plane 10 percent of an axial chord downstream of the trailing 
edge of the VPI&SU cascade. The Reynolds stress 
measurements have been combined with earlier measurements 
of mean velocity to evaluate the turbulent deformation work 
terms (production of turbulence kinetic energy) in the equa­
tions for the generation of total pressure loss and the decay of 
the components of mean kinetic energy. 

The measured rate of production of total pressure loss at the 
measurement plane agrees very closely with the rate obtained 
by integrating the deformation work terms. Thus, a unified 
picture of loss production downstream of the VPI&SU 
cascade has been obtained in terms of turbulent and laminar 
deformation work. Reversible energy exchanges, through the 
action of pressure forces, allow the measured rates of decay of 
the components of mean kinetic energy to be reconciled with 
the deformation work. 

Nearly one half of the deformation work is caused by the 
spanwise component of mean velocity. Of this nearly two 
thirds is due to the mechanism, -pvw dW/dy, acting on the 
spanwise velocities in the blade wake; the other one third is 
associated with the mechanism, -pw2 dW/dz, near midspan 
as the spanwise velocities decrease due to flow symmetry. 

The paradox of apparently reversible primary flow and ir­
reversible secondary flow, downstream of the trailing edge of 
the VPI&SU cascade, can be explained by two mechanisms 
which can act to produce total pressure in the primary flow 

direction, P + ^-pU2. These are the deformation work term 

p u2 dU/dx, which can act to produce mean kinetic energy 
from turbulence kinetic energy, and the reversible pressure 
work terms V dP/dy + W dP/dz, which can exchange mean 
kinetic energy among its three components. These mechanisms 
combined could offset the nearly one third of the loss produc-
tion rate caused by shear of the primary flow, /i (dU/dz)2 

-puwdU/dz, in the endwall boundary layer. 
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The Segregated Approach to 
Predicting Viscous Compressible 
F l H 1 IF8 1 ! _ 

luid Flows 
The SIMPLE method of Patankar and Spalding and its variants such as SIMPLER, 
SIMPLEC, and SIMPLEX are segregated methods for solving the discrete algebraic 
equations representing the equations of motion for an incompressible fluid flow. 
The present paper presents the extension of these methods to the solution of com­
pressible fluid flows within the context of generalized segregated approach. To pro­
vide a framework for better understanding the segregated approach to solving 
viscous compressible fluid flows an interpretation of the role of pressure in the 
numerical method is presented. With this interpretation it becomes evident that the 
linearization of the equation for mass conservation and the approach used to solve 
the linearized algebraic equations representing the equations of motion are impor­
tant in determining the performance of the numerical method. The relative perfor­
mances of the various segregated methods are compared for several subsonic and 
supersonic compressible fluid flows. 

Introduction 

Many problems of practical interest, such as the analysis of 
gas turbine flows, require the solution of the equations of mo­
tion for a viscous compressible fluid flow. Over the last two 
decades the numerical methods for treating such problems 
have evolved rapidly. However, many of the methods that can 
be used for the prediction of compressible flows, such as those 
found in [1-4], are not appropriate in the low Mach number 
limit and not at all applicable to incompressible flows. 
Another class of methods used extensively for the prediction 
of viscous incompressible fluid flows and which has been ex­
tended to compressible fluid flows is based on the SIMPLE 
algorithm of Patankar and Spalding [5]. The extension of 
SIMPLE-based methods to compressible flows was first pro­
posed by Patankar [6] and later by Issa and Lockwood [7] and 
Hah [8]. While these segregated methods are used, they are 
based on the extension of the original SIMPLE algorithm 
which has been, since it was first introduced, the subject of 
considerable study and enhancement. As a result a number of 
improved variants of the original SIMPLE algorithm in­
cluding SIMPLER [9], SIMPLEC [10], and SIMPLEX [11] 
have been developed. These enhanced variants have not been 
extended to compressible flows. In the present paper, the ex­
tension of these methods to compressible flows is advanced 
and an understanding of their limitations and knowledge of 
their relative computational performance is developed. 

To provide a framework for understanding the segregated 
approach to solving viscous compressible fluid flows an inter­
pretation of the role of pressure in the numerical method is 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 11, 1986. Paper 
No. 86-GT-196. 

presented. With this interpretation of the role of pressure it 
becomes evident that the linearization of the equation 
representing mass conservation and the solution method used 
to solve the linear algebraic equations representing the equa­
tions of motion are important in determining the applicability 
and the computational performance of the method. 

To provide a clear understanding of the segregated ap­
proach to solving compressible fluid flows, a generalized 
segregated approach is advanced and the extension of the 
segregated methods for incompressible flows to compressible 
flows is presented within this generalized framework. Also, in 
the interest of clarity, the concepts outlined above are 
presented within the context of one-dimensional duct flow. 
Fortunately all of the concepts developed within this one-
dimensional context are readily extended to two or three 
dimensions. To demonstrate the latter and to evaluate the 
relative performance of the various segregated methods, the 
results of a number of numerical experiments including one-
dimensional flow in a duct and the steady-state two-
dimensional supersonic flow around a flat plate obstacle are 
reported. The numerical experiments were designed to deter­
mine the sensitivity of the computational requirements of each 
of the segregated methods to the size of time step chosen. A 
simple and stable representation of the equations of motion 
was used throughout the study; the question of discretization 
accuracy was not addressed. 

Equations of Motion 

Differential Equations. The differential equations ex­
pressing the conservation of mass, momentum, and energy for 
a laminar one-dimensional viscous compressible flow of a 
perfect gas can be expressed as 
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where the dependent variables u, p, p, and Tare the velocity, 
pressure, density, and temperature, respectively, fi is the 
viscosity, Cp is the specific heat at constant pressure, k is the 
thermal conductivity, and w is the width of the duct. 

To close the set of equations an equation of state, relating 
pressure, density, and temperature, is required. For an ideal 
perfect gas this relation is given by 

(4) 
P 

P RT 

where R is the gas constant. 

Algebraic Equations. To solve the equations of motion a 
grid is generated to cover the domain of interest and any one 
of a number of discretization methods applied. In this paper 
the staggered grid of Harlow and Welch [12], shown in Fig. 1, 
and the control volume based discretization described by 
Patankar [9] with the upstream weighted variant of Raithby 
and Torrance [13] are applied. Also, the recommendation of 
Issa and Lockwood [7] is adopted whereby densities are up-
winded in the discretization of the mass conservation equa­
tion. As a result the algebraic equations expressing the conser­
vation of mass momentum and energy for the control volumes 
shown in Fig. 1 can be expressed as 

M-M° 
- = Me-Mw (5) At 

a"puP = Ea"nbunb-c"(pE-pP) + b" 

OnJp = '-'"nb 1 nb 
T

pTP = ZalhT„h + bT 

(6) 

(7) 
where 

Xaunb"nb = a»uE + a»jiw 

^anbTnb = a
eTE + awTw 

LOCATION OF PRESSURE, DENSITY AND 
TEMPERATURE NODES 

—*• LOCATION OF VELOCITY NODES 

'SM MASS AND ENERGY CONSERVATION 
W CONTROL VOLUME 

= = MOMENTUM CONSERVATION CONTROL 
= VOLUME 

Fig. 1 Geometry and staggered arrangement of mesh, nodes, and con­
trol volumes for flow in a one-dimensionai variable area duct 

and where M is the mass contained in the control volume, the 
superscript. 0 denotes the value at the beginning of the time 
step, and Mis the mass flux through the control volume face 
indicated by the corresponding subscript. The lower case 
subscript e refers to the location of the control volume face 
that lies between P and E, and w to the face between P and W. 
To close the algebraic set of equations the equation of state 
can be expressed as 

pP = c"pP + bf (8) 

The solution of equations (5)-(8), together with the algebraic 
representation of the prescribed boundary conditions, ad­
vances the solution over a time step At. The remainder of this 
paper is addressed to methods used to obtain this solution. 

An Interpretation of the Role of Pressure. Before examin­
ing in detail the segregated approach to solving compressible 
fluid flows it is instructive to consider one interpretation of the 
role of pressure in a segregated approach. 

The treatment of the coupling between pressure and velocity 
in the solution of incompressible fluid flows has in the past 
been particularly troublesome. This difficulty arises because 
only velocity and not pressure appears in the mass conserva­
tion equation. The mass conservation equation can be inter­
preted in this case as an indirect constraint equation for 
pressure whereby the correct pressure distribution is identified 

Nomenclature 
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CP 
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coefficients of pressure equation and 
algebraic representation of momen­
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matrix of a coefficients 
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algebraic representation of momen­
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vector of b coefficients 
pressure coefficient 
vector of c coefficients 
specific heat at constant pressure 
matrix of c coefficients 
matrix of pressure coefficients 
coefficient of pressure difference 
influence 
approximation of d 
vector of d coefficients 

Dp = matrix of pressure influence coef­
ficients 
approximation of D„ 
thermal conductivity 
length 
coefficients of algebraic representa­
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mass contained in control volume 
mass flux through control volume 
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number of control volumes in length 
L 
pressure 
estimate of pressure 
improved estimate of pressure 
improved estimate of pressure of PUP 

p' = pressure correction 
p " = pressure correction of PUP 
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M = 
M = 
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as that which, when used in the momentum equations, results 
in velocities which conserve mass. 

For compressible fluid flows both velocity and density ap­
pear as dependent variables in the mass conservation equa­
tion. Nevertheless, the algebraic representation of mass con­
servation can still be interpreted as a constraint equation for 
pressure and the modified interpretation of the role of 
pressure for the segregated approach to solving compressible 
flow becomes that the pressure must influence the velocity 
through the momentum conservation and the density through 
the equation of state such that together the resulting velocities 
and the resulting densities conserve mass. 

Nonlinearity. The form of equations (5)-(8) implies that 
these equations are linear. In fact the coefficients of these 
equations themselves depend on the dependent variables. To 
obtain solutions to these nonlinear equations, linearization 
and iteration are required. 

For equations (6)-(8) the linearization adopted is the one 
implied by the form of these equations whereby the current 
available estimates of dependent variables are used to evaluate 
the coefficients. However, the linearized algebraic representa­
tion of mass conservation given by equation (5) is not ap­
propriate because the desired dependent variables do not ex­
plicitly appear. To remedy this, it is necesary that the coeffi­
cients of equation (5) be linearized in terms of density and the 
components of velocity. This choice is motivated by the inter­
pretation of the role of pressure described previously, that 
pressure must influence velocity and density such that both 
velocity and density together conserve mass. 

To accomplish this the mass flux term Me is approximated 
by 

Me= lpuw]e = (pu*w)e + [p*uw]e- [p*u*w}e (9) 

where the superscript * is used to denote that current estimates 
are to be used to evaluate the corresponding dependent 
variable. As a result, the mass flux term enclosed in the ( ) 
brackets is linearized in terms of density and the mass flux 
term enclosed in the [ ] brackets is linearized in terms of 
velocity. With pe taken as the upstream nodal value of density, 
with M„ linearized in a similar fashion and upon expanding 
the control volume mass M in terms of density, equation (5) 
can be represented by 

ml>ppp + m<'epE + mi>wpw + mu
euP + mu

wuw=bc (10) 

where current estimates of velocity and density are used to 
evaluate the coefficients of equation (10). 

The linearization of the mass conservation equation de­
scribed above, in terms of both velocity and density, has been 

Nomenclature (cont.) 

Re 
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U, V 

u 
u', v' 

u" 
u 
V 
w 

x,y 
At 
°tp 

^ 
p 

P* 

= Reynolds number 
= velocity components in x and y 

directions 
= velocities based on p* 
= intermediate velocities of PUP 
= improved estimate of velocities 
= improved estimate of velocity of PUP 
= velocity corrections 
= velocity corrections of PUP 
= pseudo-velocity of PUP 
= characteristic velocity 
= width of one-dimensional duct 
= Cartesian coordinates 
= time step 
= underrelaxation factor for pressure 

correction 
= viscosity 
= density 
= density based onp* 

adopted to ensure that the linearization is applicable to both 
incompressible as well as compressible flows. To linearize 
mass conservation in terms of velocity alone restricts the ap­
plication of the resulting solution method to low Mach 
number and incompressible flows; linearization in terms of 
density alone restricts applications to compressible flows with 
very small time steps required in the low Mach number limit to 
maintain stability. The linearization of mass conservation 
resulting in equation (10) is also a generalization of the 
linearization of mass conservation suggested by Harlow and 
Amsden [16] for the ICE method as well as the linearization 
implied by Patankar [6] in the extension of the SIMPLE ap­
proach to compressible flows. 

With regards to the linearized algebraic representation of 
the equation of state, again, the form of equation (8) is 
motivated by the interpretation of the role of pressure already 
discussed. For the linearization of the algebraic representation 
of energy conservation given by equation (7), the assumption 
is made that the couplings between temperature and velocity 
as well as between temperature and pressure are not dominant 
so that in the linear algebraic set of equations the energy equa­
tion is decoupled from the mass, momentum and state equa­
tions. This allows the focus of the present work to center on 
the remaining linear equations for pressure, velocity, and den­
sity. There are, of course, flows for which such a segregation 
of the energy equation is inappropriate. 

Solution of Linear Equations for Pressure, Velocity, 
and Density 

To advance the solution of the equations for mass, momen­
tum, and energy conservation and the equation of state over a 
time step, equations (6)-(8) and (10) are solved, the coeffi­
cients updated, and the sequence repeated until the effect of 
the nonlinearities has been adequately treated. Each repetition 
of the sequence is defined here as a cycle. For small time steps 
one cycle is adequate while for large time steps several cycles 
may be required. Because the coupling with temperature has 
been assumed to be weak only the solution of the linearized 
algebraic representations of mass conservation, equation (10), 
momentum conservation, equation (6) and the equation of 
state, equation (8), for pressure, velocity and density are ex­
amined in further detail. 

The development of a clear understanding of the segregated 
approach to solving equations (6), (8), and (10) for compressi­
ble flows begins by considering a direct noniterative solution 
method. Based on this direct method, the framework of a 
generalized segregated approach is advanced. Different ap-

p** = intermediate density of PUP 
p = improved estimate of density 
p = improved estimate of density of PUP 

p' = density correction 
p " = density correction of PUP 

p = psuedo-density of PUP 

Subscripts 

E, W, N, S, P = grid points 
nb = neighbor grid point 

Acronyms 

PUP = Pressure Update of Patankar 
SIMPLE = Semi-Implicit Pressure Linked 

Equations 
SIMPLER = SIMPLE-Revised 
SIMPLEC = SIMPLE-Consistent approximation 
SIMPLEX = SIMPLE-eXtrapolated pressure 

gradients 
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proximations introduced into the generalized approach lead 
directly to segregated methods for compressible flows which 
are extensions of methods developed originally for incom­
pressible flows. 

Direct Solution. For one-dimensional compressible flow 
in a duct, equations (6), (8), and (10) can be rewritten in 
matrix notation as 

A"u + C£p = b" (11) 

p = Cp + b" (12) 

M"p + M"u = bc (13) 

Extending the method introduced by Watson [14] and fur­
ther developed by Zedan and Schneider [15] for incompressi­
ble flows, equation (11) is rewritten as 

u = (A") - 1 b"-D^p (14) 

where D£ = (A")- 'C£, and substituting for u from equation 
(14) and for p from equation (12) into equation (13) the 
resulting equation for pressure is given by 

A"p = b" (15) 

where 

A" = M"C-M"D£ (16) 

bP=-WC-Mu(.Au)-lbu (17) 

The exact solution to equations (11)—(13) can therefore be 
achieved by solving equation (15) for p, followed by a direct 
substitution into equations (14) and (12) to obtain u and p. 

This method for solving the linear equations clearly il­
lustrates how the pressure influences velocity through equa­
tion (14) and density through equation (12) such that together 
velocity and density satisfy the algebraic representation of 
mass conservation. Also, this method for solving the linear 
equations for pressure, velocity, and density is relatively 
straightforward and readily implemented numerically. The 
computational requirements, in particular, for the evaluation 
of H"p and the storage of Ap are considerable. To reduce these 
computational requirements the iterative segregated approach 
is adopted where approximations to D£ are introduced. 

Generalized Segregated Approach. Given an estimate of 
pressure, denoted by p*, the corresponding velocity u*, which 
satisfies the algebraic representation of momentum conserva­
tion, and the corresponding density p*, from the algebraic 
representation of the equation of state, are given by 

u* = ( A " ) - 1 ( b " - C X ) (18«) 

or 

u*=(A") - 1 b" -D^p* (18b) 

and 

p * = O p * + b p (19) 

Since the p* is not in general correct, the u* velocity and p* 
density will not together satisfy mass conservation. To im­
prove the estimate of the u* velocity and p* density it is 
necessary to subtract out the effect of p* on u and p and add in 
the effect of an improved pressure estimate. Approximating 
the influence of p* on u* by - D£p* and the influence of the 
improved pressure estimate p by - D £ p , the improved 
estimate of velocity u is given by 

u = u* + D2p*-D£p (20a) 

or 

u = u*-D£(p-p*) (20Z?) 

Without further approximation, the improved estimate of 
density p is given by 

p = p*-C"p* + C"p (21a) 

or 

p = p* + C ( p - p * ) (216) 

where O p * and O p represent the influence of p* and p, 
respectively, on the density. 

By requiring that the u velocity and p density satisfy mass 
conservation, given by equation (13), the following equation 
for p results 

App = b" (22) 

where 

A" = M"C-MuDp (23) 

bP=-M^Oo*-C' ,p*)-M"(u* + D^p*) (24) 

Solving equation (22) for p the solutions for u and p are readi­
ly determined from equations (20) and (21), respectively. 

It is important to note that if i)p is chosen to be D£ exactly, 
then p, u, and p will satisfy equations (11), (12), and (13) ex­
actly. However, because an approximate evaluation of DjJ is 
used to obtain p, u, and p, these solutions will not satisfy 
equations (11)—(13) exactly unless the choice for p* happened 
to be correct. 

Using the approach described above the solutions of equa­
tions (11)—(13) can be determined from repeated application of 
equations (18)-(24) with p* to be taken from the previous 
value of p. With an appropriate choice for D£ this iterative 
method will converge but it is not clear that the computational 
requirements associated with this iterative method would be 
any less than the requirements of a direct method. However, if 
D£ is a good approximation of D£, then the values of p, u, 
and p after one iteration will adequately represent u, p, and p. 
As a result, the computational requirements of the iterative 
method may be considerably less than those of a direct 
method. 

The resulting segregated approach is implemented by ex­
ecuting the following sequence of steps: 

1 Guess a pressure field p*. 
2 Evaluate the coefficients of the momentum conservation 

equation and the equation of state, equations (11) and (12), 
and solve for u* and p* using p*. 

3 Evaluate the coefficients of the mass conservation equa­
tion (13) and the pressure equation (15) and solve for p. 

4 Evaluate the improved estimate for velocity u and density 
p from equations (20) and (21), respectively. 

5 Evaluate the coefficients of the energy conservation equa­
tion (9), and solve for the temperature T. 

6 Using the p found in step 3 as the new p*, return to step 2. 
Repeat this cycle, until the desired convergence is achieved, to 
obtain the solution for p, u, p, and T sA the end of the time 
step. 

7 Repeat steps 1 to 6 for each time step until the solution at 
the prescribed time, or steady-state conditions, are obtained. 

In the approach described above the solutions of the ten­
tative velocity u*, the tentative density p*, the approximate 
pressure p, and the temperature T art determined separately, 
in an uncoupled manner. This approach to solving the coupled 
equations can appropriately be described as segregated. In 
fact, without prescribing how Du

p is to be evaluated, the 
method is the compressible flow extension of the generalized 
segregated approach to solving incompressible fluid flows 
described previously [11]. 

It is evident that the performance of a segregated method is 
dependent on the approximations introduced to determine Dp. 
With a detailed discussion of this consideration for incom­
pressible flows already presented by Van Doormaal and 
Raithby [11], only a summary of the discussion is presented 
here. 

On the Structure of t)p. In an effort to ensure that the 
computational requirements of the segregated method are 
minimized a desirable structure for D£ arises from relating 
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Table 1 Evaluations of d" 

Method 

SIMPLE 

SIMPLER 

SIMPLEC 

SIMPLEX 

Approximation 

V » ' n 6 = 0 

I » ' » 6 = ° 

\2a:b(u'nb-u'P)=0 

•^PALL=^PP for up 

each nodal velocity, through D£, to only the two nodal 
pressures that stagger the velocity node. In this case the D£ 
matrix would have zero entries everywhere except along two 
diagonals. 

There are at least two advantages to this form of D£. The 
first is that the diagonal entries of D£ may be readily 
evaluated, thereby keeping the computational requirements 
low. Secondly, the computational storage requirements of AP 
from equation (23) are minimal. It is because of these advan­
tages that most segregated methods adopt this simple form of 
T>p. However, there are at least two major shortcomings of 
this practice. 

The first shortcoming is that for high Reynolds number 
flows and with relatively high values of the time step it has 
been shown [11] that nodal pressures which are physically dis­
tant from a nodal velocity can have a significant influence on 
the velocity. For such cases the simple form of DjJ is not ap­
propriate. Only for smaller time steps does this simple form 
become appropriate [11]. The second shortcoming of this sim­
ple form of D£ is that, without taking special care, the con­
vergence of a segregated method often degrades significantly 
with grid refinement. 

With a knowledge, then, of these potential limitations of 
segregated methods, these methods can be used in an ap­
propriate fashion. In the next section various approximations 
to D£ leading to the compressible flow extension of SIMPLE, 
SIMPLER, SIMPLEC, and SIMPLEX are reviewed. Subse­
quently, the results of numerical experiments designed to 
evaluate the relative performance of these methods are 
presented. 

Examples of the Segregated Approach 

The preceding description of the generalized segregated ap­
proach is given in terms of the dependent variables, pressure, 
velocity, and density, using matrix notation, with the solution 
of the temperature, determined from the conservation of 
energy, being completely decoupled from the solution of the 
remaining dependent variables. In what follows the segregated 
approach is reformulated and cast in terms of corrections to 
the nodal values of pressure, velocity and density. Although 
the two descriptions are algebraically equivalent, the latter is 
employed because it is the form most commonly implemented 
in a computer code. Also, in the interest of minimizing the ef­
fects of computer roundoff, use of the correction form is 
recommended [10]. 

Segregated Approach in Terms of Nodal Values. Given an 
estimate for pressure/?*, the nodal values for the u* velocities 
and p* densities are determined from 

ap[u*P = T,au
nbu?,b-c»(pE-p*P) + b» (25) 

and 

p*P = c»p*P + b" (26) 

Introducing corrections to the p* pressure and u* velocity 
denoted byp' and u' such that 

P'=P-P* (27) 

u' = u-u* (28) 

approximating that 

uP=-d"(p'E-p'p) (29) 

and combining with the definition of u', the u velocity is given 
b y uP = up-d«(p'E-pP) (30) 

Similarly, introducing a correction to the p* density denoted 
by p' such that 

P'=P-P* (31) 

the p density is given by 

pP = pP + Cp'P (32) 

By requiring that the u velocities and p densities satisfy mass 
conservation, that is 

mp
ppP + m%pEm%,pw + mu

eUp + mu
vliiw = b': (33) 

the following equation fo rp ' results 

aPp'P = aPpE + aPwpE + bP' (34) 

where 

ap
p = mpci> + m'!,du+m'tv[du]w (35) 

a? = - m% [C]E + mu
ed

u (36) 

< = - niftC] w - m"w[du] w (37) 

bp' = bc-mpPp-m<>e pE-m"Kp*lv-m
,'up-mlu*w (38) 

and where the subscripts on the coefficients enclosed by the 
[ ] brackets refer to coefficients written for the equation of 
the corresponding subscript. For terms not enclosed by the 
[ ] brackets the P control volume is implied. Upon solving 
equation (34) fo rp ' , p is obtained from 

p=p*+p' (39) 

u is obtained from equation (30) and p from equation (32). 
At this point it is instructive to note the algebraic 

equivalence of equations (18) and (25), equations (19) and 
(26), equations (206) and (30), equations (216) and (32), and 
equations (22) and (34). In the case of equations (30), (32), and 
(34), which are expressed in terms of p', equation (39) pro­
vides the simple linear transformation to p which appears in 
equations (206), (216), and (22). In noting the equivalence of 
equations (22) and (34) it is worthy to note that the approx­
imate form of f)p results in a tridiagonal matrix for Ap 

thereby minimizing the computational storage requirements. 

Four Segregated Methods. Using the generalized 
segregated approach described above, a number of segregated 
methods can be generated by introducing different approx­
imations to evaluate the d" coefficient of equations (29) and 
(30). The evaluation of d" and the approximation introduced 
for several segregated methods including SIMPLE, 
SIMPLER, SIMPLEC, and SIMPLEX, all proposed original­
ly for incompressible flows, are listed in Table 1. 

It is important to note here that the evaluations of d" 
distinguish the segregated methods from one another, and that 
the same evaluations of d" used for incompressible flows are 
applicable to compressible flows. The major difference be­
tween segregated methods for incompressible flows and 
segregated methods for compressible flows is the additional 
consideration in compressible flows of the variations in densi­
ty in the mass conservation equation. 

SIMPLE. In the original form of SIMPLE [5], the ap­
proximations which are introduced to evaluate d" often result 
in an overestimation of the magnitude of p' which in turn 
leads to slow convergence or to cause divergence of the 
method. To remedy this, for incompressible flows, the correc­
tion of pressure is underrelaxed by 

p=p* + app' (40) 

where Patankar [17] recommends a^ — 0.8. However, for 
compressible flows equation (40) is not necessarily appropriate 
since the pressure now influences both velocity and density. 
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u =u 

T=T i n P = Pout 

Fig. 2 Probelm ot one-dimensional subsonic tlow through a 3:2 con­
verging duct with Mach 0.3 inlet 

N = 320 

0.001 0.01 0.1 1.0 10.0 

At u /L 

Fig. 3 Iterative convergence behavior of: (a) SIMPLE, (b) SIMPLER, (c) 
SlMPLEC, and (d) SIMPLEX for one-dimensional subsonic test problem 

Therefore, for compressible flows a value of unity for ap is 
used. 

SIMPLER. In place of underrelaxing p' Patankar [9, 17] 
in his SIMPLER method for incompressible flows introduces 

Fig. 4 Problem of one-dimensional supersonic flow through a 3:2 con­
verging duct with Mach 2.0 inlet 

the "Pressure Update of Patankar" (PUP) as a second stage 
to SIMPLE. For compressible flows a similar update of 
pressure can be adopted. By introducing a second set of im­
proved pressure, velocity, and density estimates, p, u, and p, 
and substituting into momentum conservation and the equa­
tion of state 

a»uP = 2e%buab-d'(pE-pp) + bu (41) 

PP = CpP + b" (42) 

With a second set of pressure and velocity corrections, 
p" =p~p and u" = u-u, and introducing the approximation 
that Ea"nbu,"b~0, which is similar to that of SIMPLE, equa­
tion (41) becomes 

uP = uP"-<?'{pZ-pp-) (43) 

where 

up * = (Sfl»6 unb - c" (pE - PP) + bu)/a'< (44) 

Similarly by introducing a second density correction, 
p" =p-p, equation (42) can be expressed as 

PP = PP + <*pp (45) 

where 
* * 

Pp = CpP + b''=pp (46) 

By requiring that u and p satisfy mass conservation, an 
equation forp" similar to equation (34) results 

aPp^ = aPpE + aP,p'^ + t>p" (47) 

where 

V"= bc'-mppP-m»epE-m%pw-mu
euP-m"w uw (48) 

Upon solving equation (47) for p" the improved pressure 
estimate is determined from p=p+p" and the u velocities 
and f> densities from equations (43) amd (45), respectively. 

The application of PUP differs in two ways from the 
description of SIMPLER provided by Patankar [9, 17]. The 
first difference arises from the use of a second pressure correc­
tion p" not used by Patankar. However, PUP can be im­
plemented in terms of the p pressure by rearranging equations 
(43) and (45) into the form given by 

uP = Up-du(pE-pp) (49) 

PP = PP + CpP (50) 

where uP = {I,a"bunb + bu)/ap and pP = bp. Now by requiring 
that u and p conserve mass an equation for p results that is 
consistent with Patankar's proposal. 

The second difference is the order of the SIMPLE and PUP 
stages. In the preceding description PUP follows SIMPLE 
where in the SIMPLER described by Patankar, PUP precedes 
SIMPLE. The order of the PUP and SIMPLE stages de­
scribed in this paper is identical to the order described by 
Raithby and Schneider [18] in their study of methods for solv­
ing incompressible flows and is in many ways similar to the 
PISO method [19, 20] developed for solving incompressible 
and compressible flows. In fact, for steady incompressible 
flows the PISO method is identical to the method described 
here. For transient incompressible flows as well as compressi­
ble flows further study is required to determine the 
significance of any difference between the two methods. 

SlMPLEC. The introduction of PUP as a second stage is 
an attempt to correct errors in the pressure which result from 
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making a poor approximation to D£. In the SIMPLEC 
method of Van Doormaal and Raithby [10] a more "consis­
tent" approximation is introduced. The results of numerical 
experiments indicate that for incompressible flows SIMPLEC 
is substantially more economic than SIMPLE and that 
SIMPLEC is usually less expensive than SIMPLER. 

SIMPLEX. In the three segregated methods described 
above, no care is taken to ensure that the rate of convergence 
will not decrease with grid refinement. An attempt to address 
this concern is made in SIMPLEX [11] where the influence of 
nodal values of pressure further from a nodal velocity is ac­
counted for. This is accomplished in SIMPLEX by using ex­
trapolation to express all pressure differences in the domain in 
terms of the pressure difference local to the velocity. Again, 
for incompressible flows, the computational advantage of 
SIMPLEX over the previous methods reviewed here, par­
ticularly for fine grids, has been demonstrated [11]. 

One-Dimensional Demonstration Problems 

To illustrate the applicability of the segregated methods and 
to evaluate the relative convergence behavior of these methods 
numerical experiments were performed on two laminar one-
dimensional compressible duct flows. 

Subsonic Demonstration Problem. The first demonstra­
tion problem is that of a subsonic laminar flow through the 
3:2 converging duct shown in Fig. 2 with an inlet Mach 
number of 0.3. Using a Reynolds number of 107 steady-state 
numerical solutions were determined to within the roundoff 
limit of the computer using 20, 40, 80, 160, and 320 nodes. Us­
ing these solutions, numerical experiments were performed to 
evaluate the sensitivity of the covergence of the segregated 
methods to the number of nodes N and the time step At. For 
each grid and for a prescribed time step the coefficients of the 
linearized algebraic representations of mass conservation, 
momentum and energy conservation, and the equation of state 
were determined using the steady-state solutions for p, u, p, 
and T. Subsequently, the pressure was set throughout the do­
main to the value of the outlet and the convergence of each 
segregated method was monitored as the solution of the 
linearized algebraic equations with fixed coefficients was ob­
tained. It is important to emphasize that these tests reveal how 
well the solution methods used treat the coupling between p, 
u, and p in the linear equation set. Good performance at this 
level is a prerequisite to the satisfactory solution of the 
nonlinear set. 

In Fig. 3 the number of cycles K required by each of the 
methods on each of the grids to determine the pressure to 
within 0.5 percent of its correct value is presented as a func­
tion of the size of the time step. The results indicate that for 
sufficiently small time steps all methods require only one cy­
cle. This is due to the fact that the coefficients of the algebraic 
equations which are based on the steady-state solution are held 
fixed. However, as the size of the time step increases the 
iterative requirements of all methods increase monotonically. 
This behavior is due to the limitations imposed on all methods 
by using a very simple structure for D£ which does not ap­
propriately account for the significant influence of nodal 
pressures which are far from a nodal velocity. The results also 
show that the behavior of both SIMPLEC and SIMPLEX is 
relatively independent of the number of nodes while the 
behavior of both SIMPLE and SIMPLER suffers with grid 
refinement. In summary, these results indicate that for sub­
sonic flow the behavior of segregated methods using large time 
steps is determined by the approximations to D". 

Supersonic Demonstration Problem. The second 
demonstration problem is that of a supersonic laminar flow 
through the 3:2 converging duct, shown in Fig. 4, with an inlet 
Mach number of 2.0. Using the same Reynolds number, the 

N=320 

30 

z o 
< 
cr 
UJ 
t -

20 
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SIMPLER 
SIMPLEO 

M = 2.0 

N =20,40,80, 160, 320 

10 

0.001 

Fig. 5 Iterative convergence behaviour of: (a) SIMPLEC, (b) SIMPLEX, 
and (c) SIMPLE, SIMPLER, and SIMPLEO for one-dimensional super­
sonic test problem 

same grids and a similar numerical experiment as in the sub­
sonic case, the sensitivity of the convergence of the segregated 
methods to the number of nodes and the time step were 
determined. 

The results shown in Fig. 5 again indicate that for small At 
only one cycle was required by all methods to achieve an ac­
curacy of 0.5 percent and that the behavior of SIMPLEC and 
SIMPLEX is similar to that found in the subsonic case. 
However, in contrast to the poor behavior of SIMPLE and 
SIMPLER on the subsonic problem, the behavior of these 
methods for the supersonic problem is quite favorable. As 
shown in Fig. 5(c) both SIMPLE and SIMPLER exhibit only a 
marginal sensitivity to the time step and no sensitivity to 
spatial discretization. These results, at first, seem surprising 
especially in light of the poor approximations used to evaluate 
d". In fact, in both SIMPLE and SIMPLER the value of d" is 
underestimated resulting in an overestimation of pressure cor­
rections for incompressible and subsonic flows. However, for 
supersonic flows, it appears that the underestimation of d" is 
not detrimental to the convergence behavior of SIMPLE and 
SIMPLER. This is due to the fact that for supersonic flows the 
primary role of pressure is to influence the density through the 
equation of state so that mass is conserved. As a result the in­
fluence of pressure on velocity can be ignored. To illustrate 
this point the numerical experiments were repeated for the 
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Fig. 6 Staggered arrangement of mesh nodes, and control volumes for 
two-dimensional flow 

supersonic problem using SIMPLEO where 0 is appended to 
SIMPLE to denote that d" is everywhere set to zero. The 
results shown in Fig. 5(c) indicate that the iterative con­
vergence behavior is identical to that of SIMPLE and 
SIMPLER. Therefore, the superior performance of SIMPLE 
and SIMPLER for supersonic flows is not due to a better ap­
proximate evaluation of d" but rather that the underestima­
tion of d" is not detrimental to the performance of these 
methods. Unfortunately, the same is not true for multidimen­
sional flows. 

Segregated Approach for Two-Dimensional Problems 

Up to this point the segregated approch and methods have 
been considered in a one-dimensional context. In what follows 
the extension of the segregated approach and methods to two 
dimensions is reviewed. Subsequently, the applicability of 
these methods is demonstrated on a two-dimensional com­
pressible flow problem. 

Differential Equations. The differential equations ex­
pressing the conservation of mass, momentum, and energy for 
a laminar two-dimensional viscous compressible flow of a 
perfect gas can be expressed in Cartesian coordinates as 

dp d d 
—^+— ( P « ) + — (pt;) = o 

dt dx dy 

d d d dp 
-T- {PU) + — (pUU) + —- (pUV)= — -
dt dx dy dx 

(51) 

d ( du \ d ( du \ n d ( du dv \ 
+ ^ ^ + ^ V < 1 7 V + ~ T ^ U r + ^ 7 (52) 

dp fi /\ fi 

— <J>v) + —(puv) + —(pvv)=-
dt dx dy dy 

d / dv \ d ( dv \ n d ( du dv \ „„ x 
+ lx~\tl^x-)+^^)+^-d-y-\-d-x- + ^y-) ( 5 3 ) 
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Fig. 7 Flow around a flat plate: (a) geometry and boundary conditions, 
(b) isobars (kPa) of pressure in excess of inlet pressure, and (c) 
streamlines 

a a a 
— <J>T) + — (puT) + — (pvT) 
dt dx dy 

_ k d / 

~~c7~dx\ 
dT 

Hx~ 

' c„ V 
dp d d 
dt dx dy 

~dy~) 

du 

dx —P 
dv 

~dy~ 
(54) 

where the additional dependent variable v is the component of 
velocity in the y coordinate direction. 

Algebraic Equations. Employing the staggered grid shown 
in Fig. 6, the same discretization and linearization techniques 
described in the one-dimensional context, the linearized 
algebraic representations of the conservation of mass, 
momentum, and energy can be expressed as 
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Fig. 8 Computational requirements versus time step of SIMPLE, 
SIMPLER, SIMPLEC, and SIMPLEX for flow around a flat plate 

m»ppP + m"e pE + m"j> w + m*>npN + m?ps 

+ m'l!up + m"vUtV + m",Vp + m%vs = bc (55) 

aluP = T,c?!,bunb - c"(pE -pP) + b" (56) 

a"pvP = Laflbvnb-C(j,N-pP) + b" (57) 

aT
pTp = VaT

nbTnb + bT (58) 

where 
E««6 u„b = au

euE + a"wuw + au
n uN + a"s us 

ZavnbV„b = a"vE + alvw + a»,vN + a»vs 

^albTnb = ajTE + alTw + a^TN + ajTs 

and where the equation of state is again represented by 

pP = CpP + bP (59) 

Generalized Segregated Approach. The generalized 
segregated approach presented previously within the context 
of one-dimensional flow in a duct is readily extended to multi­
ple dimensions. In terms of nodal values and considering only 
the influence of nodal pressures which are adjacent to the 
nodal components of velocity, the improved estimates of the 
components of velocity it and v can be related to the pressure 
correction by 

uP = up-d"(pE-pp) 

vP = vp-dv{p'N-p'p) 

(60) 

(61) 

where, given p* estimates for pressure, u*, and v* are deter­
mined from 

au
pup = Lau

nbu*b-c
u(pE-pp) + b" (62) 

a»vp = T,a»bv:,b~c»(p*N-p*p) + b» (63) 

By requiring that the improved estimates of velocity u and v 
given by equations (60) and (61) and the improved estimate of 
density given by equation (32) satisfy mass conservation, 
equation (55), the following equation of pressure correction is 
obtained 

aPpp = appE + ap
wp'w + app'N + ap

sp's + bp (64) 

where 

ap
p = mp

e+m'^d"-mu
w[d"]w + mv

nd''-m"[dv]s (65) 

aP=-mP [c*]E + m"ed" (66) 

ap
w = - mlXC] w - ml\du\ w (67) 

cPn=-m&<*\N + m'>n& (68) 

aP=-m»s[C\s-m»[dv}s 
b»'V - m p p*P-m%p*E -m%p*w- m%p*N- mjpj 

(69) 

(70) 

and where the evaluations of d" are given in Table 1 and, for 
SIMPLE and SIMPLER 

for SIMPLEC 

d" = 

dv = -

a" 
p 

a"P-Za"nb 
and for SIMPLEX 

a"p[d'"]p = La"„b[d'"]„b + c^ 

(71) 

(72) 

(73) 

Solving equation (64) for p', the p pressures determined from 
p =p* +p', and the it velocities, v velocities and p densities are 
determined from equations (60), (61), and (32), respectively. 

Two-Dimensional Demonstration Problem 

For the purpose of demonstrating the applicability of the 
segregated methods and of demonstrating their relative per­
formance, the steady-state supersonic (Mach 2) flow around a 
flat plate oriented normal to the flow, as shown in Fig. 7(a), 
was considered. The solution of the discrete equations of mo­
tion using a uniform coarse 22 x 18 grid was determined to 
the roundoff limits of single precision FORTRAN-H on an 
IBM 4341 Group II computer. The isobars and streamlines 
from this solution are plotted respectively in Figs, lib) and 
7(c). Figure 1(b) shows that a bow shock is predicted, while 
Fig. 7(c) shows the flow deflection around the plate with a 
subsonic region surrounding the plate. The shock smearing 
that is evident results from the coarse grid and from the 
numerical diffusion that is inherent in the discretization used. 
Because the present study focuses on the applicability of solu­
tion methods, the improvement of accuracy was not 
considered. 

A number of tests were carried out to establish the sensitivi­
ty of solution time of the segregated methods to the number of 
cycles used for each time step and to the accuracy to which 
each linear set of equations was solved. Details of these tests 
have been reported by Van Doormaal [22]. It was found that, 
for each time step, it was best to permit only one cycle (i.e., to 
solve only on set of linear equations) except for the continuity 
equation where a second coefficient evaluation and solution 
were performed. The MSIP solver of Schneider and Zedan 
[21] was used to solve the segregated linear equation set for 
each variable. 

The performance of the various solution methods was tested 
by initializing all dependent variables to inlet conditions, and 
advancing the solution through time steps At until the com­
puted variables were all within 0.5 percent of the previously 
obtained steady-state solution. The computational effort is 
plotted against At in Fig. 8 for each of the four segregated 
methods. At small At the behavior of all methods is similar; 
the slightly higher effort for SIMPLER and SIMPLEX 
reflects the need to solve an extra linear equation. For larger 
At SIMPLEC and SIMPLEX become distinctly superior to 
SIMPLE and SIMPLER. This is due to the relatively poor ap­
proximations inherent in d" and d" in SIMPLE and 
SIMPLER. For multidimensional flows this detrimental effect 
of the underestimation of d" and d" is to be expected, even in 
supersonic cases, because there is likely to be at least one coor­
dinate direction along which the component of the flow is sub­
sonic. An attractive feature of SIMPLEX for this particular 
test problem is its relative insensitivity to the size of At when 
large time steps are taken. 
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Concluding Remarks 

A number of aspects of the segregated approach to solving 
viscous compressible fluid flows have been presented in this 
paper. Included in these are the extension to the solution of 
compressible flows of an interpretation of the role of pressure 
in the segregated approach, of the generalized view of the 
segregated approach, and of the segregated methods SIM­
PLE, SIMPLER, SIMPLEC, and SIMPLEX developed 
originally for the solution of incompressible flows. The pres­
ent paper also develops an understanding of the strengths and 
shortcomings of the segregated methods. Many of these 
aspects are demonstrated on one-dimensional and two-
dimensional compressible flow problems. In particular, with 
the appropriate linearization of mass conservation and with 
the appropriate approximation of the influence of pressure on 
velocity, the segregated approach has been demonstrated to be 
equally applicable to supersonic and subsonic compressible 
flows as well as compressible flows. 
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Horseshoe Vortex Formation 
Around a Cylinder 
An experimental investigation was conducted to characterize a symmetric horseshoe 
vortex system in front of and around a single large-diameter right cylinder centered 
between the sidewalls of a wind tunnel. Surface flow visualization and surface static 
pressure measurements as well as extensive mean velocity and pressure 
measurements in and around the vortex system were acquired. The results lend new 
insight into the formation and development of the vortex system. Contrary to what 
has been assumed previously, a strong vortex was not identified in the streamwise 
plane of symmetry, but started a significant angular distance away from it. Rather 
than the multiple vortex systems reported by others, only a single primary vortex 
and saddle point were found. The scale of the separation process at the saddle point 
was much smaller than the scale of the approaching boundary layer thickness. 
Results of the present study not only shed light on such phenomena as the asym­
metric endwall flow in axial turbomachinery but can also be used as a test case for 
three-dimensional computational fluid mechanics computer codes. 

Introduction 
The three-dimensional separation of a boundary layer ap­

proaching a bluff body, an airfoil, or a cascade of airfoils 
mounted on a wall is a commonplace phenomenon in fluid 
mechanics. The separation commences at a wall saddle point 
of separation, downstream of which a vortex system is formed 
in front of and around the body. This system, made up of the 
boundary layer and some portion of the mainstream flow, is 
generally referred to as a horseshoe vortex (or vortices) in the 
(English) literature. 

The symmetric separation of boundary layer flow normal to 
a single cylinder (or a cascade of cylinders) is perhaps the 
simplest of geometries that demonstrate the horseshoe vortex 
phenomenon (e.g., [1]), while the vortex system formed on the 
endwall of a cascade of turbine airfoils (e.g., [2]) might be 
considered to be one of the most complex of the family of such 
flows. 

This paper deals with the experimental study of the simple 
cylinder vortex system. Aerodynamic measurements were 
made to define the horseshoe vortex system formed around a 
single cylinder mounted between endwalls in a wind tunnel. 
Because of the existence of the sidewalls of the tunnel, the 
cylinder model approximates one element of a cascade of 
cylinders. The tests were carried out at a relatively high 
Reynolds number with turbulent boundary layers on the end-
walls. The objectives of the study were as follows: 

1 There have been a number of studies carried out to 
measure and explain cylinder endwall flow and these have 
been reviewed by Eckerie [1]. The conclusion of this review is 
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that few or no measurements have been taken in the vortex 
region itself, especially in the region of the vortex formation. 
Also, in most studies, the scale of the experiment was too 
small for accurate and detailed measurements. In the study 
presented here, measurements were made in the vortex region, 
and the cylinder model scale was about 100 times larger than 
the pressure probe scale. 

2 Often it is possible to study and understand a simple 
member of a fluid flow family to explain and predict the 
behavior of a more complex member of that family. The study 
here represents the flow into a cascade of cylinders with zero 
angle of attack (no lift), at a Reynolds number based on 
cylinder diameter representative of many turbomachinery ap­
plications and with a large scale that would be difficult to 
achieve in an airfoil cascade. One objective then is to shed 
more light on the important problem of endwall flows in tur­
bine cascades. 

3 The measurements were taken in such a way (i.e., inlet 
and exit conditions to a control volume with interior flow 
measurements) that they can be used as a test case for three-
dimensional computational fluid mechanics computer codes. 

The emphasis of this paper is to elucidate details of the 
horseshoe vortex structure and to indicate significant dif­
ferences between the measured vortex characteristics and the 
vortex structure that has been assumed by others. A more 
detailed discussion of the results, e.g., pressure distribution on 
the cylinder surface, is contained in [1]. 

Experimental Apparatus 

Testing was conducted in the University of Connecticut 
Low-Speed Wind Tunnel. Details of this tunnel and specific 
modifications for this experiment are contained in [1]. The 
test-section lower endwall was constructed to facilitate ac­
quisition of static pressures during this program. The lower 
endwall contained a rotatable disk to which a 29.8-cm-dia 
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Fig. 1 Schematic showing test section with cylinder and coordinate 
systems 

cylinder that spanned the test section was concentrically 
mounted. Both the lower endwall and cylinder contained four 
rows of static pressure taps. The radial position of the taps on 
the endwall and the vertical position of the taps on the cylinder 
were staggered so that dense static pressure distributions at 
any desired angular location on both the endwall and cylinder 
surfaces could be obtained by sequentially rotating each row 
of taps to a desired angular location. Accurate and repeatable 
angular positioning of the disk was achieved with indexing 
holes machined near the disk's outer edge. 

A schematic of the test section along with the coordinate 
systems used in this effort are shown in Fig. 1. The origin of 
the coordinate systems coincides with the cylinder and disk 
center on the lower endwall. Angular and radial positions are 
denoted by /3 and R, respectively. Cartesian coordinates 
representing stream wise, vertical, and transverse locations are 
x, v, and z, respectively. The experiment was designed to 
create vertical and horizontal planes of symmetry at the test-
section centerline and midheight, respectively. As shown in 

Fig. 1, the lower quadrant on the right side of the test section, 
when viewed facing downstream, was chosen for 
documentation. 

Interior fluid measurements were obtained with a five-hole 
combination probe manufactured by United Sensor Co. 
(Model No. DC-0.093-24-F). Probe calibrations, which were 
checked several times during testing, provided local total 
pressure, static pressure, and velocity magnitude and direction 
for a range in pitch angle of ± 30 deg. The probe tip diameter, 
which was aligned with the shaft axis so that the tip rotated 
but did not translate as the probe was rotated about its shaft 
axis, was 2.4 mm. This tip diameter was less than one percent 
of the cylinder diameter and span. Excellent agreement was 
observed between probe static pressures measured near the 
bottom endwall and corresponding endwall pressures 
measured without the probe in the vicinity of the static tap. 
The probe was positioned vertically and in yaw with a 
calibrated probe drive that was mounted to a mechanized posi­
tioner located on the top endwall. Precise angular (/?) and 
radial (R) probe positions were determined by aligning the 
probe tip with an endwall static tap that was positioned at the 
desired measurement location. Estimated experimental uncer­
tainties associated with the five-hole probe measurements and 
position are: 

Angular position 
Yaw angle 
CpT 

Cps 

Q_ 
U0 

Pitch angle 
Vertical position, y 
Radial position, R 

± 0.2 deg 
± 0.5 deg 
± 0.0062 
± 0.0085 

± 0.0085 

± 0.15 deg 
± 0.05 cm 
± 0.04 cm 

Odds are 20 to 1 that the measured values were within the 
uncertainty intervals listed above. 

Velocity profile data for the boundary layer near the test-
section entrance were obtained with pitot-static probes. Flow 
visualization patterns on the endwall and cylinder surfaces 
were obtained using the ink/oil of wintergreen technique of 
Langston and Boyle [3]. 

Test Conditions 

All testing for this study was conducted with a velocity at 
the test-section entrance of 30.5 m/s corresponding to a 
Reynolds number based on cylinder diameter of 5.5 X 105. 
Velocity profile data for the approaching boundary layer were 

cf Cps 

CPT 

Cp 
PT 

D 

H 

MS 
n 

Ps 

= skin friction coefficient 
= static pressure coefficient = 

(Ps-PaVqo 
= loss coefficient = (Pn -

PT)/q0 

= mass-averaged loss 
coefficient, equation (2) 

= cylinder diameter = 29.85 
cm 

= boundary-layer shape factor 
= 8*/e 

= test-section midspan plane 
= exponent in power-law pro­

file r ep resen ta t ion = 
2 / ( / / - l ) 

= local static pressure 

PsO 

PT 

Pm 

Q 
<7o 

R 

Ree 

u0 

x, y, z, 

reference static pressure 
near test-section entrance 
local total pressure 
reference total pressure near 
test-section entrance 
local velocity magnitude 
dynamic pressure near test-
section entrance 
radial distance from center 
of cylinder, Fig. 1 
Reynolds number based on 
boundary-layer momentum 
thickness 
reference velocity near the 
test-section entrance 
orthogonal coordinate 
system as defined in Fig. 1 

Za = 

5* = 

v 

P 

lower limit of mass-
averaged loss integral, 
either 0 or D/2 
distance from test-section 
plane of symmetry to 
sidewall = 0.91 m 
position angle relative to 
plane of symmetry, Fig. 1 
boundary-layer thickness 
boundary-layer displace­
ment thickness 
boundary-layer momentum 
thickness 
viscosity 
kinematic viscosity = fi/p 
density 
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Table 1 Test-section centerline entrance boundary-layer 
parameters with cylinder installed; x/D = - 2.72 

z/D 

0 

S/D 

0.099 

d*/D 

0.0154 

e/D 

0.0114 

5*/e 

1.35 

cf 
0.0028 

Re, 

6149 

acquired near the test-section entrance at x/D = -2 .72 with 
the cylinder installed. Table 1 lists the measured boundary-
layer dimensions and properties at the test-section centerline. 

The test section inlet, carefully constructed of porous 
plates, honeycomb, and fine mesh screen, created a uniform 
entrance flow field to within ± 2 percent of the values in the 
table. The streamwise turbulence intensity of the core flow 
was less than 1 percent. 

Experimental Results 

Endwall surface static pressures are presented along with in­
terior fluid measurements obtained with a five-hole probe. 
The vortex characteristics deduced from these measurements 
are then integrated with surface flow visualizations to 
characterize the vortex formation process. 

Endwall Static Pressure Measurements. Static pressure 
distributions are presented in coefficient form using the polar 
coordinate system defined in Fig. 1. The pressure distribution 
in the plane of symmetry, /3 = 0, is presented in Fig. 2. Radial 
locations are normalized by the cylinder diameter, and the 
ordinate corresponds to the cylinder leading edge. Upstream 
of the separation region, the distribution displays a 
characteristic rise in pressure due to the blockage of the 
cylinder. Unlike the potential-flow distribution shown by the 
solid line, the experimental distribution begins to decrease a 
short distance downstream of the saddle point determined 
from the endwall flow visualizations. The distribution displays 
a local minimum approximately two tenths of a cylinder 
diameter from the cylinder leading edge, then increases rapidly 
from that point to a value of one at the endwall-cylinder 
junction. The coefficient value of one indicates that loss-free 
core flow stagnated at the junction. Location of the saddle 
point in an adverse pressure gradient, not at the local peak 
pressure, is consistent with the work of Langston and Wagner 
[4]. They applied Oswatitch's model [5] to saddle-point 
behavior and predict that the saddle point occurs in an adverse 
pressure gradient. 

The difference between experimental and potential-flow 
values upstream of the saddle point is the result of the mean 
flow accelerating through the test section due to the increasing 
boundary layers on the uncontoured endwalls. The experimen­
tal values in Fig. 2 that correspond with five-hole probe 
traverses were corrected for the effect of the thickening 
boundary layer. The corrected values are close to the 
potential-flow values. 

The experimental distribution in Fig. 2 is plotted with the 
limited results of Ram [6] and East and Hoxey [7]. These ex­
periments were conducted in large wind tunnels so that correc­
tions for thickening boundary layers are insignificant. Static 
pressures measured upstream of the saddle point are close to 
the corrected values from this experiment, although Ram's 
data are slightly higher than the other two sets. Ram's results 
in the separation zone exhibit the same trend as data from this 
experiment. 

Potential-flow and measured endwall static pressure con­
tours throughout the documented quadrant are shown in Fig. 
3. The potential-flow results are for a cascade of cylinders 
spaced to simulate the test-section sidewalls. Comparing these 
two figures, the pressure distributions are, as expected, quite 
similar outside of the separation region. Inside the separation 
region, the experimental contours display a large dip near R/D 
= 0.72. This dip, which was observed in the plane of sym-
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Fig. 3 Comparison of measured endwall pressure distribution with 
potential-flow pressure distribution 

metry data, persists around the cylinder up to approximately j3 
= 60 deg. Beyond this angular plane, the dip is no longer pres­

ent, and the experimental contours are shaped more like that 
of the potential-flow contours. This similarity indicates that 
the strong pressure field associated with the mean flow ac­
celeration around the cylinder, which is represented by the 
potential-flow solution, negated the local pressure minimum 
created in the separation region. 

Five-Hole Probe Measurements. Data were acquired with a 
five-hole probe in the angular planes defined by (3 = - 5, 0, 5, 
25, 45, and 90 deg. The probe was traversed at 81 radial loca­
tions to define the flow field adjacent to and inside of the 
separation region. Data were recorded from y/D = 0.0085 to 
the test-section midspan. This smaller value, approximately 
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one probe tip diameter from the endwall, represents the lowest 
point for which data could be acquired without endwall in­
terference. This determination was primarily based on endwall 
static pressure data acquired in this test program with and 
without the probe in proximity of a static pressure tap. Data 
obtained up to 0.2 cylinder diameters from the endwall are 
discussed. The data in the region between y/D = 0.2 and the 
test-section midspan (y/D = 0.511) do not vary substantially 
from the midspan values. The endwall-region data are 
presented in the form of in-plane velocity vectors, static 
pressure contours, and total pressure contours. 

The radial velocity components for the angular planes given 
by /? = 0, 25, and 90 deg are presented. The data are displayed 
as vectors centered at the measurement point. The in-plane 
pitch angles are based on the in-plane components, not on the 
total velocity measured with the five-hold probe. The vectors 
are normalized by the reference velocity measured at the test-
section entrance. The ordinate and abscissa in the figures 
represent the cylinder o.d. and endwall, respectively. 

The plane of symmetry velocity vectors is shown in Fig. 4. 
Upstream of the endwall saddle point, the vectors take on the 
appearance of a two-dimensional boundary layer, though 
vortex stretching is present. The outer edge of the approaching 
boundary layer at R/D = 0.94 is at y/D — 0.13. The separa­
tion streamline between forward and reverse flow is very 
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Fig. 7 Velocity vectors in the 90-deg plane 

shallow. A straight line drawn from the saddle point to the 
streamline location at R/D = 0.766 represents a separation 
angle of approximately 4 deg. The shallowness of this line is 
markedly different from the multiple vortex models developed 
in the literature, e.g., that of Baker [8]. Following the flow 
field from the saddle point toward the cylinder, the velocity 
vectors indicate that flow in the boundary layer and outside of 
the boundary layer pitched downward, rotated 180 deg, and 
proceeded toward the saddle point. Blank areas are present in 
the traverses nearest the cylinder because the flow pitch angle 
was out of the probe calibration range. Data were acquired in 
these regions, however, to qualitatively determine the flow 
direction. 

The plane of symmetry flow pattern deduced from the five-
hole probe data and surface static pressure data is sketched in 
Fig. 5. Loss-free fluid outside the boundary layer stagnated at 
the end wall-cylinder junction. Five-hole probe measurements 
at R/D = 0.598 contain negative pitch angles up to y/D — 0.3 
indicating that flow from approximately two approaching 
boundary-layer thicknesses away from the endwall entered the 
juncture region. The reverse flow accelerated as it moved away 
from the end wall-cylinder juncture in order to accommodate 
the incoming flow, which separated at a shallow angle. The 
favorable endwall static pressure gradient is consistent with 
this pattern. At approximately R/D = 0.72, the reverse flow 
started stagnating with the incoming flow. The abrupt reverse 
flow deceleration caused by the blockage is indicated by the ' 
strong endwall adverse pressure gradient in this region. The 
reverse flow did not roll up to form a vortex, however. The 
vectors clearly show that a closed vortex was not present in the 
plane of symmetry, although positive pitch angles in a portion 
of the reverse flow at R/D = 0.72 and y/D = 0.02 may in­
dicate the start of vortex formation. Rather than rolling up, 
the reverse flow passed out the plane and proceeded tangen-
tially around the cylinder next to the separation line. Note that 
the reverse flow was confined to the lower 15 percent of the 
boundary layer as it passed out of the plane. 

Velocity vectors in the 5-deg plane show a flow pattern 
similar to that shown in the plane of symmetry. Velocity vec­
tors for the 25-deg plane, however, show a well-formed vortex 
(Fig. 6). The vortex, then, became fully formed between the 
plane of symmetry and 25-deg plane. The vortex center in the 
25-deg plane was at R/D = 0.71 and y/D = 0.035. This was 
approximately one third of the incoming boundary-layer 
thickness from the endwall. The vortex itself was confined to a 
region that extended less than one boundary-layer thickness 
from the endwall. The radial location of the vortex center is 
close to that of the local static pressure minimum on the end-
wall in this plane. 

The velocity vectors in the 45-deg plane are similar to these 
presented for the 25-deg plane. Between the 25-deg and 45-deg 
planes, however, the vortex center moved radially outward to 
R/D = 0.735. The vortex structure in the 90-deg plane was 
much weaker than that in the 45-plane. The velocity vectors in 
Fig. 7 faintly show a vortex center at R/D = 0.80 and y/D = 
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Fig. 9 Static pressure contours in 25-deg plane 
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Fig. 10 Static pressure contours in 90-deg plane 

0.07. The vortex was not symmetric with the secondary flow 
near the endwall stronger than that on the core-flow side of 
the vortex. The reduced vortex strength, which was also in­
dicated by the endwall static pressure distribution, can be at­
tributed to the streamwise acceleration of the mean flow 
around the cylinder. 

Static pressure coefficient contours corresponding to the 
velocity vector plots are shown in Figs. 8-10. Upstream of the 
endwall saddle point, the static pressure contours in the plane 
of symmetry are nearly vertical except near the endwall sur­
face. The pressures adjacent to the endwall were larger than 
those measured in the core flow. This trend can also be seen in 
the comparison between potential-flow and corrected endwall 
static pressures in the plane of symmetry (Fig. 2). The assump­
tion of constant static pressure through the two-dimensional 
boundary layer at a given streamwise location upstream of the 
saddle point is inaccurate. The cylinder created a stronger 
adverse pressure gradient in the viscous sublayer. 

The pressure distribution closer to the cylinder was 
significantly skewed by the recirculating flow. A local pressure 
minimum at y/D — 0.04 and R/D — 0.73 is marked by the 
closed contours. The velocity vectors show that this small 
minimum is not associated with a vortex. The minimum 
pressure in the plane was adjacent to the endwall at the same 
radial location. This minimum is associated with the reverse 
flow first accelerating away from the cylinder and then 
decelerating when blocked by the streamwise flow. The coeffi­
cients near the cylinder are close to one. They indicate that 
low-loss fluid from outside the boundary layer passed next to 
the cylinder at a low velocity prior to stagnating at the endwall 
cylinder junction. 

The contours in the 25-deg plane (Fig. 9) clearly correspond 
to the well-formed vortex structure shown in the corre-
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Fig. 11 Total pressure loss 

sponding velocity vector plot. The center of the closed 
pressure contours corresponds with the vortex center indicated 
by the velocity vectors. The static pressure coefficient at the 
vortex center is 40 percent of the test-section entrance dynamic 
head below the test-section midspan coefficient measured at 
the same radial position. The pressure contours indicate that 
the pressure distribution upstream of the separation line was 
also substantially altered by the vortex structure. 

In the 90-deg plane, where the vortex strength was 
significantly reduced, pressure profiles in Fig. 10 show that 
pressure at the vortex core was only slightly less than sur­
rounding pressure. The contours tend to be vertical and in­
crease in value radially outward. The pressure field associated 
with the two-dimensional acceleration of the flow around the 
cylinder was clearly dominant. The vortex had only a small 
local effect on the pressure distribution. 

Total pressure data from the five-hole probe measurements 
have been expressed as loss coefficients 

CP =-
<7o 

(1) 

where the test-section entrance conditions are again used for 
references. The loss contours for the same three planes are 
shown in Fig. 11. Upstream of the saddle point, the contours 
are nearly horizontal, like an attached two-dimensional 
boundary layer. The edge of the boundary layer approaching 
the saddle point was at y/D = 0.13. Downstream of the saddle 
point, the low-loss contour bends around and touches the 
abscissa at R/D = 0.54. This pattern shows the radial extent 
of the low-loss fluid in front of the cylinder. The contours also 
show the high total pressure loss associated with this low-loss 
fluid accelerating away from the endwall-cylinder junction. 
The region of highest loss, CP = 0.6, occurred at R/D = 
0.74, where the reverse flow next to the endwall interacted 
with the streamwise flow. The loss contours in the 25-deg 
plane show high losses at the location corresponding to the 
vortex center. The losses at the vortex center were 80 percent 
of the entrance dynamic pressure. Although the losses 
associated with the rollup were high, they were localized. The 
region of low losses adjacent to the cylinder location is larger 
than the same region in the plane of symmetry. For the 90-deg 
plane, the contours indicate that the high-loss region is 
displaced to the same location as the vortex center. The high-
loss fluid created during the rollup process, then, simply 

282/Vol. 109, APRIL 1987 Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



§ o.12,-----------X-ID-~-0.-0-------___,

.........

FLOW

I SEPARATION LINE
0.10

00 0 0 AVERAGE LOSS AT

0.06,... _:-__~ _0-0- .::..:O.deg~ANE"L_

0.04 --".--------------;V~~;~E-~~;~;J--

0.02 INLET PLANE

0.08

en
(f)

9
w
a:
::::J
(f)
(f)
w
a:
[L

o
w
(9
<l:
a:
w

~
~
::;; 0.5 0.7 0.9 1.1 1.3 1.5 1.7 1.9 2.1 2.3 2.5

DISTANCE FROM PLANE OF SYMMETRY, lID

Fig. 12 Pressure loss distribution in the 90·deg plane

accumulated at the vortex center and passed around the
cylinder with the vortex. The magnitude of the losses in the
vortex did not increase during the passage from the 25-deg to
the 90-deg plane. The size of the low-loss fluid region adjacent
to the cylinder increased only a small amount from that same
region in the 25-deg plane.

The mass-averaged pressure loss at any streamwise plane in
the test section is given by

n+l .11+3

Equation (4) was used to estimate the flat-plate boundary-
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Flg.13 Endwall flow visualization and flow diagram

layer development of a flow starting with the test-section en­
trance conditions. The boundary-layer thickness was
calculated for a length equal to x/D = 2.72 (the distance to the
90-deg plane). The calculated value of (j was substituted into
equation (3), resulting in a loss coefficient of 0.054. This value
is identical to the measured loss in the 90-deg plane. It is con­
cluded, then, that the overall loss associated with the
horseshoe vortex formation is small. Losses associated with
the vortex rollup are offset by low losses adjacent to the
cylinder. Langston et al. [2] found the same trend in their
cascade experiment. The measured losses in the initial portion
of the cascade were only slightly larger than those measured
upstream of the saddle point. Significant losses, measured far­
ther downstream in the passage, were associated with the in­
teraction of the passage vortex with the airfoil suction surface
in the region of uncovered turning.

Flow Visualization. A photograph of the endwall
streaklines and an accompanying flow diagram are contained
in Fig. 13. Two singular points, a saddle point and an attach­
ment point, can be seen in the plane of symmetry. No other
singular points can be identified in this plane as all streaklines
between these two points indicate flow away from the attach­
ment point toward the saddle point. The dashed line indicates

(2)

(3)

(4)

[Zw [MS CPru dy dz
JZo J0

CPr =---------

[Zw [M~ dy dz
Jzo Jo

CPr = ,,+1

_n(MS)-"
n+ 1 (j

The calculated loss coefficient at the test-section entrance
centerline, using measured boundary-layer parameters, is CPT.
= 0.038. This value is very close to the 0.039 value calculateo
by integrating experimental data. In the absence of a pressUJe
gradient, Schlichting [9] gives the following expression for the
boundary-layer thickness as a function of streamwise distance

( UX) -115
(j (x) = 0.37 x -v-

The limits in equation (2) reflect the two planes of symmetry.
The sidewall boundary layers were not measured and are not
included in the loss calculation. The losses calculated across
the entrance plane are quite uniform at 4 percent of the
reference dynamic pressure. The loss distribution for the
90-deg plane is shown in Fig. 12. Each point represents the
mass-averaged loss of a particular traverse. The 90-deg plane
losses are nonuniform. Adjacent to the cylinder, the losses are
quite low since low-loss fluid from the core flow occupied this
region. Relatively high losses at z/D = 0.8 are associated with
high-loss fluid that accumulated in the vortex core during the
rollup process. Farther away from the cylinder, z/D > 1.15,
losses level out at around 5 percent of the reference dynamic
pressure.

A check on the integration procedure for calculating the
above losses was accomplished by comparing the calculated
mass flow through each of the planes (the denominator in
equation (2». Mass flow through the 90-deg plane was 3.4 per­
cent above that in the entrance plane. This agreement indicates
that the above integration procedure provided accurate values
for CPr'

A comparison for the above loss calculations is the loss for
an equivalent turbulent boundary layer developing on a flat
plate without a cylinder. Substituting the power-law formula­
tion for the velocity distribution into equation (2) yields

n n
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Fig. 14 Horseshoe vortex formation 

the separation line corresponding to the saddle point. This 
endwall pattern is indicative of a single horseshoe vortex, as 
was measured with the five-hole probe. 

The five-hole probe data show that the horseshoe vortex 
was formed between the plane of symmetry and the 25-deg 
plane. The endwall flow visualization indicates that the flow 
adjacent to the endwall rolled up into the vortex at approx­
imately /3 = 15 deg. The streak pattern between the plane of 
symmetry and (3 = 15 deg indicates that reverse flow moved 
toward the separation line and then proceeded tangentially 
around the cylinder. Beyond the 15-deg plane, reverse flow 
streaklines abruptly stop where a line of accumulated ink can 
be seen. This pattern indicates that reverse flow adjacent to 
the endwall rolled up into the fluid interior beginning in the 
vicinity of the 15-deg plane. The line of accumulated ink can 
be interpreted as a separation line. The flow visualization 
clearly shows, however, that this separation line does not ex­
tend from a second saddle point in the plane of symmetry. In 
the terminology of Tobak and Peake [10], then, this line of ac­
cumulated ink represents a local separation line. 

Discussion 

The vortex pattern deduced from the experimental data is 
shown in Fig. 14. Near the plane of symmetry, low-loss fluid 
from outside the approaching boundary layer passed next to 
the cylinder, stagnated at the endwall-cylinder junction, and 
proceeded back toward the saddle point adjacent to the end-
wall. Streamwise flow in the boundary layer followed the same 
pattern but turned inside of the low-loss fluid. The interaction 
between reverse flow and incoming flow, which separated at a 
shallow angle, led to the reverse flow accelerating away from 
the cylinder. Incoming flow eventually blocked reverse flow, 
forcing the reverse flow to decelerate. Rather than rolling up 
into a vortex, the low-momentum flow tended to turn and pass 
tangentially around the cylinder adjacent to the separation 
lines. Reverse flow away from the plane of symmetry followed 
the same pattern, but turned at radial locations closer to the 
cylinder as reverse flow from closer to the plane of symmetry 
occupied the region next to the separation line. Eventually this 
accelerating reverse flow contained too much momentum to 

adjust to the sharp turning required to pass tangentially 
around the cylinder. The reverse flow then rolled up into a 
vortex. The five-hole probe measurements show that the 
vortex was present in the 25-deg plane but not in the 5-deg 
plane. The endwall visualization pattern indicates that flow 
adjacent to the endwall became involved in the vortex begin­
ning at j8 = 15 deg. 

This flow pattern does not support the multiple vortex pat­
tern given by Baker [8] and Moore and Forlini [11]. That pat­
tern was developed from endwall flow visualizations where the 
local separation line identified in this experiment was inter­
preted as a global separation line emanating from a second 
saddle point in the plane of symmetry. Based on the flow 
topology, a nodal point of attachment must be present be­
tween the two saddle points, though the nodal point could not 
be discerned in the endwall flow visualizations. Based on these 
results, the experimenters inferred a multivortex system for 
the separation of the boundary layer from the endwall. This 
complex vortex system was not present in this experiment. The 
endwall flow visualization clearly shows a single saddle point, 
and the flow field measurements indicate a single horseshoe 
vortex. 

Conclusions 

This project documented the flow field in the endwall region 
around a cylinder. This documentation leads to the following 
conclusions: 

1 A single endwall saddle point and a single endwall at­
tachment point were observed in the endwall flow visualiza­
tion pattern. The multiple singular points required for the 
multivortex model were not present. 

2 The five-hole probe measurements indicate that a single 
main vortex was formed. Although the rudiments of a vortex 
were observed in the plane of symmetry and the 5-deg plane, 
the vortex was fully formed between the 5-deg and 25-deg 
planes. The flow visualization pattern indicates that the flow 
adjacent to the endwall initially rolled up near the 15-deg 
plane. 

3 The main vortex was confined to a region less than one 
boundary-layer thickness from the endwall. The vortex core 
moved radially outward and slightly away from the endwall as 
the vortex passed around the cylinder. 

4 The losses associated with the vortex rollup were local­
ized and offset by the transport of core flow into the endwall 
region next to the cylinder. 

5 A key implication of these experimental results for gas 
turbine engines is that flow in the saddle point region does not 
exhibit swirl. 
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The Development of the Profile 
Boundary Layer in a Turbine 
Environment 
Cascade testing tries to simulate the actual flow conditions encountered in a turbine. 
However, it is possible to reproduce neither the free-stream turbulence structure of 
the turbomachinery, nor the periodic wake effects of upstream blade rows. The 
usual understanding is that the latter in particular results in a significantly different 
behavior of the boundary layer in the engine. Experimental results from cascades 
and turbine rigs are presented. Grid-generated free-stream turbulence structure is 
compared to that in the turbine. Measurements of the profile pressure distribution, 
flush-mounted hot films, and flow visualization were used for the interpretation of 
the test results. Some observations of the boundary layer development in the 
cascade, on the guide vanes, and on rotor blades with typically skewed boundary 
layers are shown indicating essentially similar behavior in all cases. 

Introduction 
The overall performance of a turbine depends primarily on 

the viscous effects in the flow. This is particularly true for tur­
bines in aircraft engines where large portions of the boundary 
layer on the airfoils are laminar. In this case early laminar/tur­
bulent transition would increase turbulent friction losses, late 
transition would tend to increase sensitivity to laminar separa­
tion, both leading to performance deterioration. In cooled tur­
bines these phenomena would also have an influence on heat 
transfer to the blade and may penalize life. Evidently close 
control of transition is necessary to hold and improve on the 
present high levels of performance. 

It is well known that turbulence can have a strong effect on 
the transition of shear layers. This has been accepted for some 
time and extensive experimental work has been carried out to 
determine the influence of the degree of turbulence on cascade 
performance. Reviews have been presented by Surugue [1] 
and Kiock [2]. Adopting the point of view of fundamental 
boundary layer research, in many cases devices have been used 
to produce isotropic or at least uniform turbulence at the entry 
to the test section. This permits a clear separation of tur­
bulence from other effects. Unfortunately, the situation in 
turbomachinery is more complicated. The turbulence pro­
duced in wakes usually does not have sufficient time to 
become uniform before it interacts with the boundary layer of 
the next row. The wakes of rotating blades produce discrete 
frequency fluctuations for the stationary vanes. Changing 
from the absolute to the relative frame and vice versa directly 
affects the components of velocity fluctuations. Finally the 
problem is further complicated by radial movement of the 
fluid in secondary flows. 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 21, 1986. Paper 
No. 86-GT-244. 

To reduce complexity, modeling of these phenomena at the 
present has to remain essentially two-dimensional. Never­
theless, it is quite obvious that the degree of turbulence alone 
is not sufficient to describe the flow. It is necesssary to include 
some more sophisticated considerations of the macroscopic 
structure of turbulence. These could help to separate, for ex­
ample, the following different forms of interaction with a 
shear layer: 

• Very slow fluctuations (very large eddy) representing quasi-
steady-state flow for the boundary layer 
• Slow fluctuations producing true unsteady flow, as in the 
experiments of Doorly and Oldfield [3] 
• Fast fluctuations in the unstable region of the laminar 
boundary layer initiating transition. These are either intro­
duced into the flow with isotropic turbulence, or with periodic 
wakes as in the experiments of Pfeil and Herbst [4], or with 
discrete frequency excitation as for example reported by 
Kachanov and Levchenko [5]. 
8 Very fast fluctuations (very small eddy) which are damped 
away in the boundary layer and have no effects 

To resolve these phenomena some more detailed informa­
tion about the turbulence environment in a turbine is required. 
Measurements in a variety of turbine rigs are presented in this 
paper, and the characteristics are compared to grid-generated 
turbulence. The observed behavior of the two-dimensional 
profile boundary layer in such an environment is shown for 
guide vanes and rotor blades using different measurement 
techniques. 

Experimental Facilities 
Turbulence measurements were carried out in three dif­

ferent turbine rigs and behind grids placed in a jet flow. The 
experiments with the profile boundary layer were carried out 
in two of the turbine rigs. 
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Fig. 1 Annular cascade rig and typical frequency spectra of turbulence 
for cascades A and S 

Figure 1 shows the annular cascade rig for the first guide 
vane of a low-pressure turbine. Very extensive aerodynamic 
measurements were carried out in this setup with two different 
cascades. This included static taps and flow visualization on 
the airfoil and circumferential traversing of the flow 25 mm 
downstream of the trailing edge at the mean section both with 
a five-hole pressure probe and a hot-wire probe. 

In the two-stage rig shown in Fig. 2 the measurements con­
centrated on the profile boundary layer of the guide vanes us­
ing static taps and hot films at the mean section. Flow 
visualization was applied both on guide vanes and rotor 
blades. Turbulence measurements could be done 395 mm 

Fig. 2 Two-stage LP turbine rig and typical frequency spectra of 
turbulence 

downstream of the trailing edge of the second rotor only. A 
hot-film cylinder probe was used. The first guide vane was one 
of the annular cascades used in the rig of Fig. 1. 

The third rig, a single-stage high-pressure turbine, is shown 
in Fig. 3. Turbulence measurements were conducted 5 mm 
downstream of the rotor trailing edge at the 3 o'clock position 
and 40 mm at the 1 o'clock position at the mean section. No 
traversing was done. A hot-film cylinder probe was used for 
these tests. 

The experiments with the turbulence grids were carried out 
in the jet behind a nozzle of 100 mm diameter shown in Fig. 4. 
The grids were mounted on the nozzle. Bar diameter/mesh 
width was 0.3/1.0; 0.8/3.3; 6/19; and 8/20 mm. Both hot­
wire and hot-film cylinder probes were used. 

The turbine parts were genuine engine hardware. For the 
turbulence measurements DISA probes were used. The flush-
mounted hot films for the boundary layer investigations were 
developed and manufactured at MTU. Development and 
calibration techniques will be reported by Pucher and Gohl 
[7]. A TSI 1050 CTA anemometer was used for the tests. The 
signals were taken on tape and were further processed with a 
NICOLET 446B FFT real time analyzer. 

Nomenclature 

d = diameter, trailing edge thick­
ness, m 

e = rms hot film signal, V 
E = time-average hot film signal, V 

E0 = time-average hot film signal at 
zero flow, V 

/ = frequency, Hz 
F = frequency range, Hz 
L = length scale of velocity fluctua­

tions, m 
P, = total pressure, Pa 
M = Mach number 

Re = Reynolds number 
s = curved coordinate of the profile 

Sr = Strouhal number 
t = cascade-pitch, m 
u = velocity in the shear layer, m/s 

u' = velocity fluctuation, m/s 
U = main flow velocity, m/s 
V = eddy convection velocity, m/s 
a = wave number, 1/m 
/3 = Hartree parameter 

di = displacement thickness, m 

7i = dynamic viscosity, kg/(m»s) 
X = relative length scale of velocity 

fluctuations 
T = shear stress, Pa 

Subscripts 

/ = integral value 
F = frequency range 
w = wall 
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Fig. 4 Nozzle with turbulence grids and typical frequency spectra of 
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Macrostructure of Turbulent Fluctuations 

For the classification of the interaction between turbulence 
and a shear layer the size of the eddies has been used in the in­
troduction indicating the necessity for a characteristic length. 
Originally it was Taylor [6] who presented an analysis of tur­
bulence in 1936 suggesting that not only the amplitude but also 
the wavelength of the disturbance are the important 
parameters. Stability theory for laminar flow uses only the 
wavelength. Frequency spectra can indeed show quite dif­
ferent qualities. In the case of Fig. 2 the amplitude is practical­
ly independent of the frequency except for very low values. In 
the case of Fig. 3 at the 40 mm downstream station, turbulence 
appears to be rather strong around 4 kHz, falling off at lower 
and higher frequencies. Additionally strong fluctuations can 
be observed at the discrete frequencies of 14 and 18 kHz. It 
should be expected that a shear layer would react differently to 
these two disturbances. 

The individual disturbance can be described using its 
characteristic frequency / . The disturbance is convected 
downstream with the velocity V. This velocity can be used to 
define a length scale L 

V 
(1) 

In terms of the eddy model this is the wavelength of the fluc­
tuation. In free shear layers V is assumed to be equal to the 
local mean velocity of the flow U 

V=U (2) 
These definitions can be directly applied to discrete frequen­

cy disturbances. For random fluctuations, however, integral 
scales have to be introduced. An integral frequency fIF can be 

defined by an amplitude weighted averaging process over the 
frequency range of 0 to F kHz 

//,/ 

s: 
(3) 

df 

Accordingly the integral length scale is 

Lip — 
V 

(4) 

For uniform turbulence, where the amplitude is constant, 
the integral frequency can be readily calculated to be equal to 
F/2. An integral frequency value below F/2 indicates that the 
slower fluctuations are more pronounced, a value above F/2 
means that the higher frequencies are dominating. This sug­
gests the introduction of relative parameters like the relative 
integral length X 

K L„ 
\F~ L I,F uniform 

With equation (4) this gives 

-. J/,F uniform 
A r p — -

F/2 

(5) 

(6) 
Fl,F fl,F 

It should be noted that these parameters are still integral 
values just the same as the degree of turbulence. \IF = 1 does 
not imply the existence of uniform turbulence. It only in-
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dicates that overall turbulence levels below and above F/2 are 
equal, whatever the distribution in these two regions may look 
like. Nevertheless, the integral length is, besides the degree of 
turbulence, the second independent parameter which is 
necessary to describe the overall characteristics of amplitude 
and frequency. 

In general these considerations have to be applied in the 
three possible directions of the fluctuations. However these 
are seldom available from measurements in turbomachinery. 
Results reported here include the streamwise and radial fluc­
tuation. The frequency range has been limited to 20 kHz. This 
is somewhat low for hot-wire probes, but the experimental 
setup and other probes used tend to make measurements 
beyond that unreliable. Unless indicated otherwise, integral 
values in this study do not include discrete frequency 
amplitudes. 

Turbulence Measurement Results 
The most conclusive results were obtained with the annular 

cascade rig shown in Fig. 1, because one of the cascades in­
vestigated showed non-reattaching laminar separation. Test 
conditions were adjusted to give a Reynolds number of 
200,000 defined with exit parameters and true chord. 

The flow parameters were traversed tangentially 2.5 times 
the pitch in width. Figure 5 shows the velocity U and total 
pressure loss AP,/Pr wakes versus the relative pitch. Figure 6 
shows the overall degree of turbulence Tu and the relative in­
tegral length scale X/2o- The phase shift between the two 
cascades is arbitrary. 

The total pressure losses increased dramatically from 
cascade A to cascade S, very similar to the transonic tests of 
Lawaczek [8] where the phenomenon was also caused by 
separation. The presence of laminar separation on cascade-S 
was confirmed by the profile static pressure distribution and 
flow visualization, which also showed that on cascade A the 
boundary layer remained attached up to the trailing edge. 

The measurement station is about one axial chord down­
stream of the vane row where significant mixing should 
already have taken place. However, the velocity deficit in the 

> Grids [13] 

Two stage turbine Fig. 2 

© Turbulence 

^ Vortex Wake 

A Blade passing 

10 20 TU20 [%] 

Fig. 7 Integal characteristics of turbulence in turbines and behind 
grids 

wake of cascade A is still 13 percent, and 34 percent for 
cascade S. Velocity gradients are practically the same for both 
cases. 

Much more interesting are the turbulence wakes. Although 
velocity gradients still exist, cascade A shows a constant 
degree of turbulence below 2 percent with relative integral 
length scales in the vicinity of 1. This confirms the observation 
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of Kiock [9] that the dissipation of turbulence is signifcantly 
faster than the decay of the mean velocity wake. He reported 
on similar levels of turbulence at the same distance from the 
trailing edge downstream of a compressor cascade. 

Sharma et al. [10] obtained 8 percent maximum degree of 
turbulence 0.1 axial chords downstream of the inlet guide vane 
of a 1 Vi stage low velocity rig turbine. Taking the dissipation 
rate into account, this is also comparable to the present 
results. 

The separate flow of cascade S shows levels of turbulence 
one order of magnitude higher and relative length scales of 
about 1.2. The latter indicates that lower frequencies 
dominate as can also be seen from the rms spectra in Fig. 1. 
The velocity gradients present in this station would not in­
dicate sufficient turbulence production to explain these values. 
They are probably due to turbulence produced closer to the 
cascade where the suction side main flow mixes at the free 
shear layer with the dead water of the separation zone. In that 
region the highest velocity gradients in the flow are present. 
This is in agreement with the distribution of turbulence. The 
highest levels can be observed on the suction side leg of the 
wake quite close to the edge of the mixing zone. Kiock [11] 
identified similar behavior of turbulence in a compressor. It 
was attributed to laminar separation, which developed when 
Reynolds numbers were reduced below a critical value. 

The rms spectra of Fig. 1 show a strong amplitude at 16 kHz 
for cascade S which could not be explained by any frequency 
of the system and which was not observed in cascade A. 
Assuming a Strouhal number Sr = 0.2 for the wake of a body 
with a displacement diameter d 

Sr = u (7) 

a value of d = 2.4 mm can be calculated. This is approximate­
ly the predicted total displacement effect of pressure side 
boundary layer, trailing edge thickness, suction side separa­
tion zone, and suction side free shear layer, implying the 
presence of a vortex wake. The corresponding frequency for 
cascade A was expected to be beyond the range of the 
measurements. It could be identified at 28 kHz, giving about 
half the displacement effect of cascade S. In both cases the 
amplitude of the signal had a peak in the core of the wake. If 
these observations can be verified they would present a rather 
simple method of identifying flow separation in turbine 
cascades. 

From the results of these tests two facts should be pointed 
out: 
• High levels of turbulence in turbines can be produced in the 
mixing out of separation zones and not only by the periodic 
wakes between stationary and rotating blade rows. 
9 The measuring station lies within the blade passage of the 
downstream rotor of the complete stage shown in Fig. 2. It is 
obvious that turbulence there would by no means have to be 
uniform. In the case of cascade S for example the rather com­
plex structure shown in Fig. 1 including periodic disturbances 
would be present. 

The integral parameters, degree of turbulence, and relative 
length scales are shown in Fig. 7. The periodic vortex wake has 
been separated from the random turbulence for cascade S. It is 
shown at low levels of relative length scale and degree of 
turbulence. 

Test results of the two-stage rig Fig. 2 are also plotted in the 
diagram. Turbulence measurements only far downstream were 
possible in this experiment. Rotor speed was varied between 80 
and 120 percent and first vane Reynolds number between 
160,000 and 480,000. In all cases the frequency spectra look 
very similar to that shown in Fig. 2. The distribution is prac­
tically constant except for very low frequencies. Obviously the 
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measuring station about 15 axial chords away from the last 
row is so far downstream that the different operating condi­
tions have no effect. Even the blade passing frequencies do not 
show. Relative integral length scales are between 1.4 and 1.5, 
turbulence levels are about 10 percent, which is partly due to 
the mean velocity reduction in the diffusing annulus of the test 
rig. 

Typical spectra for the high-pressure turbine rig are shown 
in Fig, 3. Surprisingly, the station 5 mm downstream of the 
rotor shows a more uniform distribution than the station 40 
mm downstream. The blade passing frequency can be readily 
identified for both stations. Also in both stations a periodic 
signal can be observed at 14 kHz. After transformation to the 
relative frame this could be attributed to the vortex wake of 
the rotor blades. Both discrete frequency signals appear at the 
very low length scale region of Fig. 7. 

The overall degree of turbulence was found to be between 6 
and 9 percent in both stations, the lower value corresponding 
to integral length scales of 1.0, the higher to 1.3. Laser 
velocimeter measurements 3 mm downstream of the trailing 
edge triggered to a fixed blade to vane position gave values of 
8 to 16 percent along the guide vane pitch. 

This sums up the available data on turbulence structure in 
turbines. It covers a range of Tu = 2 to 25 percent and X/?20 = 
0.95 to 1.50. Periodic fluctuations lie about Tu = 2 percent 
and X/20 = 0.5 to 0.6. Because of the limited data base, this 
does not cover the whole range to be encountered in a gas tur­
bine. It should also be noted that these data only include cold 
rig experiments. Applying Mach number similarity, blade 
passing frequencies for example would be about two times 
higher in a hot engine environment. 

For comparison grid-generated turbulence is also shown in 
Fig. 7. Results from the free jet tests of Fig. 4 give for bar 
diameters below 0.8 mm values close to uniform turbulence 
with X/20 = 1 and Tu = 2 to 4 percent. The thicker bars give 
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both higher levels of turbulence and length scales. The dif­
ferences can be easily understood when the spectra in Fig. 5
are compared. In the case of the thicker bars, the distance of
the measuring station 100 mm downstream of grids did not
fulfill the criterion given by Blair [12J of ten mesh lengths for
uniform turbulence.

Further data are included from measurements in a high
velocity cascade test facility by Kiock [13]. Degrees of tur­
bulence up to 8 percent with length scales between 1.3 and 1.6
were achieved.

The data collected in Fig. 7 show that grid-generated tur­
bulence is quite similar to that found in turbomachinery as far
as overall parameters are concerned. One should not be afraid
to put the grids close to the test section. The irregularities ap­
pearing there look much like those found in a turbine.
Periodic disturbances will have to be introduced separately in­
to the flow.

Boundary Layer Investigation
Because of the fundamental importance of the turbulence

intensity and turbulence structure to the boundary layer
development, boundary layer experiments were carried out
with the two-stage rig shown in Fig. 2. The Reynolds number
was set at 200,000 for the first guide vane. As mentioned
before, genuine engine parts were used. The measurement
techniques applied were:

• Static pressure taps around the profile at the mean sectron
on both guide vanes
• Hot-film probes on the suction side at the mean section on
both vanes
• Flow visualization on all four rows

The purpose of the test was to identify the state of the

boundary layer along the suction surface and localize transi­
tion. The boundary layer behavior of the four rows should be
compared in terms of the effects of periodic disturbances from
the wakes of the upstream rows.

Figure 8(a) shows for the first vane the Mach number
distribution, calculated from static to inlet total pressure, over
the normalized curved coordinate s of the profile surface. The
transition of the separated laminar boundary layer with
following turbulent reattachment can be clearly seen on the
diffusing part of the suction side. This is in good agreement
with the boundary layer prediction.

The time-average hot-film signal E, corrected for the zero
flow effect Eo, is plotted on Fig. 8(b). For ideal conditions,
with no heat transfer from the probe at zero flow, this signal is
proportional to T{~6.

Unfortunately the heat loss to the vanes is usually much
greater than the heat transfer due to the shear stress. Only with
a very difficult calibration procedure would it be possible to
calculate wall shear stress from the hot-film results, as Hodson
[14] did for his tests. Nevertheless very good relative informa­
tion can be extracted from the signal. In Fig. 8(b) high values
of E can be identified in the region of acceleration, because of
the thin boundary layer and the high wall shear stress. A
minimum is expected at the separation point with zero wall
shear stress. It can be found at the same position where the
separation bubble was identified from the Mach number
distribution. Further downstream the signal is higher, which
can be explained by reattachment.

The fluctuating signal e of the hot-film probes is plotted in
Fig. 9. The rms value is normalized with Eo. A very pro­
nounced maximum can be observed. It corresponds exactly to
the point of turbulent reattachment. The curve also shows a
disturbance further upstream, which is close to the laminar
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in the free shear layer and reattachment occur. The local dif­
ferences in the overall turbulence environment, including the
periodic wake disturbances do not appear to have significant
effects. Within the accuracy of the experiments, no differences
among the four rows could be identified.

Boundary Layer Stability

The hot-film technique offers the same potential for the in­
vestigation of the macrostructure of the boundary layer as the
hot-wire technique does for free-stream turbulence. Figure 12
presents an analysis of the signal in the time domain for the
second guide vane of Fig. 2 as has been reported by Hour­
mouziadis and Lichtfuss [17].

The evolution of the signal fluctuation along the wall
measured on the suction side of the second vane in a two-stage
turbine rig is shown. The probes used have a resolution of ap­
proximately 10 kHz. With the passing frequency of the
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separation point. These phenomena are discussed in more
detail later.

For flow visualization, liquid dye was injected into the flow
through static pressure taps during operation. The results, also
shown in Fig. 9, confirm the conclusions about the transition
process. The laminar separation can be clearly identified. The
radial pressure gradients accelerate the stagnating fluid within
the bubble towards the hub. A very clear picture of the dead
water zone is drawn, similar to that obtained by Rohlik et al.,
[15] in 1953.

Contrary to the situation with the first guide vane, the
second is directly affected by the wakes of the upstream rotor.
The Mach number distribution and the rms signal of the hot­
film probes for this vane are shown in Fig. 10. Static pressure
taps were spaced too far apart in this case to identify a separa­
tion, the boundary layer prediction however did show a small
bubble on the suction side. This could be confirmed again
both by the hot-film measurements and the flow visualization.
The rms signal shows in this case two very pronounced max­
ima: one at the laminar separation and the other at the tur­
bulent reattachment point.

The former obviously corresponds to the disturbance which
was also observed on the first guide vane. The difference can
be explained in fact by the presence of the rotor wakes in the
second vane.

Comparing the two airfoils, the separation seems to be
larger on the first vane. One might tend to attribute this to the
absence of the upstream rotor. However the boundary layer
prediction indicates that this could also be caused by the dif­
ferent pressure distributions alone.

A similar situation with the wakes of the guide vanes is
given for the rotor airfoils. Furthermore the boundary layer
on the rotating blades is nowhere two-dimensional, because it
is skewed by the centrifugal forces acting on the fluid close to
the wall. The flow visualization for the four rows is shown in
Fig. 11. No fundamental differences in the behavior of the
boundary layers can be observed. In all cases transition occurs
via a separation bubble. The skewing of the boundary layer on
the wall can be clearly seen on the rotor blades. It should be
noted that it appears very pronounced on the flow visualiza­
tion because the density of the liquid dye is higher than that of
air.

The applied experimental techniques give a very clear pic­
ture of the boundary layer development on the guide vanes.
The same behavior was observed as reported by Hodson [16].
A large portion of the suction side boundary layer is laminar.
Shortly after the velocity peak laminar separation, transition
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Fig. 13 Separation of the rms hot-film signal into periodic and random 
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upstream blading at about 5.5 kHz the flow disturbances can 
not be easily isolated from the overall signal. In the lower part 
of the oscilloscope pictures the passing frequency has been 
filtered away. The remaining signal shows the expected evolu­
tion of the boundary layer along the profile surface coordinate 
s: 
8 Stable laminar flow to rel s = 55.8 percent 
8 Increasing instability until laminar separation occurs be­
tween 68.8 and 75.3 percent 
8 Bursts appearing at 75.3 percent indicating transition in the 
separated shear layer 
9 Strong turbulent reattachment fluctuations at 81.8 percent 
8 Low level of disturbances in the turbulent boundary layer at 
94.8 percent which cannot be distinguished from that of the 
laminar flow at 55.8 percent. 

More detailed information can be gained from the analysis 
of the frequency spectra. A typical example is shown in Fig. 13 
for the second guide vane. It can be seen that the periodic fluc­
tuation at the blade passing frequency has a very high rms 
value. This observation suggests the separation of the total 
signal plotted in Fig. 10 into a periodic and a random fluctua­
tion. These diagrams are included in Fig. 13. The surprising 
result was that the first peak of the total e/E0 signal at the 
laminar separation point was caused by the blade passing fre­
quency alone. The second peak contained practically equal 
parts from the discrete frequency and the random fluctuation. 

The evolution of the blade passing frequency amplitude on 
the suction side is presented in Fig. 14: 
8 From the leading edge up to the velocity maximum at about 
rel s = 55 percent the amplitude is constant and low. 
8 In the diffusing part, the signal is strongly amplified until 
laminar separation occurs between 68.8 and 75.3 percent. 
8 Within the laminar separation bubble at 75.3 percent the 
disturbance is totally damped down. 
8 In the turbulent reattachment zone at 81.8 percent the 
periodic signal is amplified again. 
8 Finally the attached turbulent boundary layer at 94.8 per-

Fig. 14 Evolution of the blade passing frequency signal on the suction 
side of the second guide vane 
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Fig. 15 Laminar flow neutral stability curves for Hartree profiles and 
boundary layer experimental results 

cent damps it down to the level of the laminar flow at 55.8 
percent. 

Exactly the same behavior has also been observed on the 
first vane, however at significantly lower rms levels. This is 
due to the fact that disturbances are not imposed on the 
boundary layer by the rotor wakes directly, but by the weaker 
in viscid upstream effects of the rotor flow field, or by acoustic 
waves. 
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Fig. 16 Evolution of the random fluctuation signal on the suction side 
of the second guide vane 

Fig. 17 Low frequency periodic fluctuations on the suction side of the 
second guide vane 

The development up to the separation point looks very 
much like the stability behavior of the laminar boundary 
layer. An attempt was made to explain the e/E0 curve for the 
blade passing frequency with the linear stability theory 
developed by Tollmien and Schlichting [18]. This involves the 
solution of the Orr-Sommerfeld differential equation. Waz-
zan et al. [19] have made a parametric study for Hartree 
velocity profiles. The neutral stability curves they calculated 
are plotted in Fig. 15. The evolution of the profile boundary 
layer is shown too. It appears that the laminar profile 
boundary layer remains deep in the stable region. The alter­
native possibility was also considered: that these are not weak 
disturbances, which are amplified moving downstream, but 
strong disturbances, which are damped down upstream. The 
Orr-Sommerfeld equation however gives practically 100 per­
cent damping rates. Obviously linear stability theory does not 
give an explanation for this phenomenon. 

The evolution of the random fluctuation spectrum is shown 
in Fig. 16: 

294/Vol. 109, APRIL 1987 

9 From the leading edge to the velocity maximum the 
amplitude is low and constant over the whole frequency range. 
9 In the diffusing part, up to the separation point between rel 
5 = 68.8 and 75.3 percent the signal remains constant over the 
frequency at inceasing levels. 
9 Within the separation bubble at 75.3 percent the bursts 
shown in Fig. 12 lead to a concentration of the fluctuations 
about 4 kHz. 
9 In the reattachment region at 81.8 percent the highest levels 
of random fluctuations appear contributing to the second 
peak in Fig. 10. The maximum can still be found at 4 kHz. 
9 The attached turbulent flow at 94.8 percent shows only 
weak and constant fluctuations similar to those of the laminar 
boundary layer upstream of 55.8 percent. 

The last item together with the observations with the blade 
passing frequency (Fig. 14) and the analysis in the time do­
main (Fig. 12) indicates that the state of the boundary layer 
can not be identified from the individual hot-film signal. It is 
necessary to follow the complete development history of the 
flow. 

The amplification of the random fluctuations during 
deceleration is not as pronounced as the periodic signal was. 
No selectivity of any particular frequency range can be ob­
served either, as should be expected for stability effects. The 
high levels at 75.3 and 81.8 percent are normal for a reat­
taching turbulent free shear layer. Rearward-facing step ex­
periments performed by Driver et al. [20] as well as Kelly [21] 
have shown that the highest levels of turbulence in the flow 
can be found within the boundary layer at the reattachment 
point. 

At very low frequencies periodic signals from the rotational 
speed at 39.5 Hz and its higher harmonics were identified on 
both guide vanes. Figure 17 shows the spectra in the 0 to 1 kHz 
range for the second vane. Rannacher [22] has carried out a 
nonlinear stability analysis accompanied by experiments in a 
plane boundary layer. He found out that excitation by two dif­
ferent frequencies may lead to periodic fluctuations derived 
from the difference of those two frequencies. This could be 
the case with the two rotors of the turbine investigated. 
However the corresponding value is 3 times 39.5 Hz. Probably 
it is a combination of this effect with vibrations of the vane 
itself or acoustic excitation. In any case the hot-film signal in­
cludes the response of the boundary layer. It can be seen from 
Fig. 17 that these frequencies are amplified in the same man­
ner random fluctuations are. 

Conclusions 

The experiments on turbulence in turbines show that a 
large variety of different macrostructures may be present. This 
includes periodic fluctuations from blade passing frequencies 
and vortex wakes. The comparison of integral parameters in­
dicates that grid-generated turbulence can be made to be very 
similar to that encountered in a turbine. Periodic disturbances 
however would have to be introduced separately in the flow. 

The experimental techniques applied — airfoils profile 
statics, hot-film probes, and flow visualization — give a com­
plete understanding of the boundary layer development on the 
airfoils. The two guide vanes and rotor blades of the two-stage 
rig were exposed to different turbulence environments, par­
ticularly in terms of the presence and frequency of rotating 
upstream wakes. No effects on the fundamental behavior of 
the boundary layers could be identified. At all rows transition 
takes place via a laminar separation bubble. 

Both guide vanes showed a very characteristic amplification 
of the blade passing frequency: the first for the in viscid 
upstream effects of the rotor flow field, the second for the 
rotor wakes. These phenomena could not be explained by the 
linear stability theory of the laminar boundary layer. 

It can be concluded that experience from plane cascade tests 

Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



is a good basis for turbine design. The fundamental boundary 
layer behavior in a turbomachinery environment is very 
similar and can be taken into account with the appropriate 
prediction techniques available today. It should be noted 
however that the phenomenon of stability and transition as 
well as the effects of fluctuating flow in turbomachinery are 
not yet completely understood. Successful design still relies 
heavily on calibrating transition criteria from experimental 
results. A large amount of work is still required to provide the 
aerodynamicist with the precise tools needed to make the best 
of a turbine design. 
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Transition in Pressure-Surface 
Boundary Layers 
Laminar-to-turbulent transition in the presence of Gortler vortices has been in­
vestigated experimentally, in the outer wall boundary layer of a curved water chan­
nel. Ratios of boundary layer thickness at the start of curvature to wall radius were 
around 0.05 and core flow turbulence intensities were between 1 and 3 percent. 
Measurements of intermittency factor were made by hot film probe and of mean and 
rms velocity by laser anemometer. At Reynolds numbers low enough to allow con­
siderable nonlinear vortex amplification in the laminar region, transition was found 
to begin sooner and progress faster at a vortex upwash position than at a spanwise-
adjacent downwashposition. Measured Gortler numbers at transition onset bore lit­
tle relationship to those often used as transition criteria in two-dimensional bound­
ary layer prediction codes. Little spanwise variation in intermittency occurred at 
higher Reynolds numbers, where mean velocity profiles at upwash were much less 
inflected. Toward the end of curvature, favorable pressure gradients estimated to 
exceed the Launder relaminarization value corresponded with cases of incomplete 
transition. 

Introduction 

Until developments in blade materials are at a considerably 
more advanced stage than at present, achievement of higher 
gas turbine engine performance by increasing turbine entry 
temperature must rely on greater complexity in blade cooling 
arrangements. To ensure acceptable metal temperatures and 
component life without sacrificing performance by using ex­
cessive amounts of cooling air, detailed and accurate 
knowledge of heat transfer rates between the combustion 
gases and the blade surface is of increasing importance. The 
complex nature of the flow in blade boundary layers, even 
without film cooling and in regions remote from end walls and 
blade tips, makes heat transfer prediction a difficult task; 
quantitative agreement between reliable laboratory 
measurements and the best of current computational methods 
is often poor. This is hardly surprising, since the boundary 
layers contain laminar, turbulent, and transitional regions and 
are subjected to the combined effects of freestream tur­
bulence, ordered unsteadiness, varying pressure gradient, cur­
vature, compressibility, etc., as reviewed in [1]. Transition, 
both laminar-to-turbulent and vice versa, can occupy a large 
fraction of the blade surface. 

Predictions of pressure-surface heat transfer are frequently 
worse than those for suction surfaces, the discrepancies being 
attributed mainly to the failure to predict the starting location 
and length of the laminar-turbulent transition. A particular 
difficulty here is the destabilizing effect of concave curvature, 
which together with freestream turbulence opposes the 
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stabilizing influence of strong acceleration. Gortler vortices 
have been observed [2] on a blade with severe pressure-surface 
curvature, and it was inferred that they acted as a catalyst to 
transition as well as having a possible effect in augmenting 
laminar heat transfer. 

A good demonstration of the capabilities of five prediction 
models is provided by the work of Daniels and Browne [3], 
which compares the models with cascade measurements of 
heat flux at different Reynolds numbers Re and turbulence in­
tensities Tu; with a few exceptions at the extreme combina­
tions of low Re-low Tu and high Re-high Tu, agreement on 
the pressure surface was poor even in a qualitative sense, 
especially over the crucial downstream half of the blade chord. 
Similar problems are suggested by the recent findings of 
Nicholson et al. [4]; on two profiles designed to have com­
paratively short transition regions close to the leading edge, 
before the start of significant concave curvature, no clear 
evidence of transition was found from heat transfer 
measurements for most experimental conditions. In some 
studies, e.g., [5, 6], transition was believed to occur via a 
separation bubble in short regions of adverse pressure gradient 
near the leading edge; the inability of most prediction models 
to compute through a laminar separation with turbulent reat­
tachment is a problem equally important to that caused by the 
deficiencies in transition criteria for attached boundary layers. 

In the short term, improvements in predictive capability 
seem most likely to be attained by conducting simplified ex­
periments which attempt to isolate individual effects [7] and 
incorporating the findings, necessarily in empirical form, into 
existing finite difference codes which employ low-order tur­
bulence modeling [8]. The present work was undertaken in this 
spirit, with the aim of providing more information on transi­
tion on concave walls in the presence of Gortler vorticity. 
Together with results from concurrent work elsewhere, e.g., 
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[9], it is hoped that this will lead to improved transition model­
ing for use in codes of the STAN5 or GENMIX-derived type 
[10, 11]. 

Following a survey of some current procedures for model­
ing laminar-turbulent transition, this paper describes ex­
periments on a constant-curvature surface at nominal momen­
tum thickness Reynolds numbers Reg and Gortler numbers Ge 

not atypical of those expected under gas turbine conditions. 
Measurements of mean and fluctuating velocities and inter-
mi ttency factor are presented, extending the velocity 
measurements reported in [12], and are discussed in the con­
text of existing transition models. 

Transition Modeling in Heat Transfer Programs 
In typical finite-difference programs in general use, the 

system of mean boundary layer equations is still closed by 
relating the turbulent fluxes of momentum and heat to gra­
dients of mean velocity and enthalpy through turbulent dif-
fusivities. To handle transition, an effective diffusivity De can 
be written as 

De=Dl + yD, (1) 

where D, is a molecular diffisivity appropriate to laminar 
flow, D, is a turbulent diffusivity, and y varies from 0 to 1 
through the transition region. 7 can be taken as the intermit-
tency factor, representing the fraction of the total time during 
which turbulent "spots" are present at a fixed streamwise 
location. The required input to such models is therefore the 
transition starting position where 7 first becomes nonzero, the 
completion position beyond which 7 equals unity (unless 
relaminarization is predicted), and the functional form of the 
7 versus distance x relationship (or 7 versus a boundary layer 
integral parameter such as Ree). Another category of model, 
which can account for the effect of freestream turbulence on a 
laminar boundary layer, attempts to predict transition by 
computing the entrainment of freestream turbulent kinetic 
energy into the boundary layer; two such models are described 
briefly in [3]. With higher-order turbulence modeling, this 
category offers more scope for longer term development; 
however, the empirical input requirements, e.g., [13], are not 
directly related to transition and will not be considered here. 

For the simpler category of model, several approaches have 
been reported for specifying the onset and length of transition. 
To date, most publications have referred to earlier correla­
tions, such as that of Seyb [14] in Gaugler's [15] version of the 
STAN5 model, although empirical relationships based on 
more recent and extensive data are now available. 
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Correlations for transition onset on smooth flat surfaces are 
now in broad agreement, e.g., those of Abu-Ghannam and 
Shaw [16] and Blair [17] which also provide some support for 
the theory of Van Driest and Blumer [18]. These results show 
that in uniform zero or favorable pressure gradients, Reto (at 
the start of transition) is a function only of freestream tur­
bulence intensity Tu„, provided that Tu„ exceeds about 0.5 
percent as will be the case in practice. Nevertheless, values of 
the velocity gradient parameter K = (v/u2

a) {du^/dx) greater 
than around 2.5 X 10"6 may be sufficient to suppress transi­
tion by a mechanism similar to that causing relaminarization 
of a turbulent boundary layer [19]. In uniform adverse 
pressure gradients, Re6s can be expressed as a function of Tux 

and the velocity gradient parameter A = (d2/v) (du„/dx); for 
Tu„ > 3 percent, the dependence on A seems to be weak. 
Local velocity gradient is not the most appropriate value for 
use in these correlations, and it is suggested in [16] that flow 
history effects be tiken into account by using the extreme 
value encountered piior to transition. 

The only common treatment of the effect of surface cur­
vature on transition onset seems to be that of Forest [20], who 
correlated the small amount of early experimental data to give 
the equation 

Gte = 9 exp(-17.3 7 * 0 (2) 

where Gto is the transition onset value of Gortler number G„ 
= Ree (6/rw)i/2 and rw is the wall radius of curvature. Brown 
and Martin [21] plotted this relationship with several sets of 
data, showing considerable scatter attributable to the in­
fluence of parameters other than Tu„. The theory of Gortler 
vortices is insufficiently developed to be able to make use of 
criteria based on a critical level of amplification of the vor­
tices, as discussed in [22]. 

Modeling of transition length (or alternatively the location 
of the end of transition) seems to be less well founded than 
that of transition onset. A popular prescription is that of 
Dhawan and Narasimha [23], in which the Reynolds number 
based on a measure of transition length (between intermitten­
cy factor limits of 25 and 75 percent) is proportional to the 0.8 
power of length Reynolds number at the start of transition. 
The correlation for zero pressure gradient in [16] makes Re9e, 
the value of Ree on completion of transition, proportional to 
Re9s, the data being derived from near-wall velocity 
measurements; for nonzero pressure gradients, a less explicit 
correlation was presented, relating Re0e to Re^ — Rexs and A. 
However, the experiments of [19] indicate the opposite trend, 
i.e., longer transition zones associated with an early start to 
transition, attributed to the effects of pressure gradient. Little 

u/up)dy where up(y) = potential (core) 
velocity profile, extrapolated toward wall 

A = velocity gradient factor = (62/v) dua/dx 
v = kinematic viscosity 
4> = angular coordinate = (s — s0)/rK 

Subscripts 
e = end of transition 

max = maximum value on profile (at fixed s and 
z) 

pw = value at wall in potential flow 
s = start of transition (except when used in 

Res) 
w = value at wall 
00 = freestream (above flat surface) 

Superscripts 

= time mean value 
= rms value 
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a = 40 mm 

sn = 1-38a 

Fig. 1 Test section geometry and notation 

is known about the effects of curvature on transition length. 
An early correlation collected by Schlichting [24] is employed 
in the heat transfer program of So et al. [5], and applied to 
both length (in terms of change in Re9) and onset of transi­
tion. (Onset is defined in So's model in terms of a critical 
Reynolds number for instability of a laminar layer to small 
disturbances [25], rather than correlations based on the more 
usual indicators such as changes in velocity profile, skin fric­
tion, or heat transfer.) 

Specification of the variation in intermittency from start to 
end of transition has usually been based on the exponential 
relationship proposed in [23], regardless of the values of 
parameters such as turbulence level, pressure gradient, and 
curvature. So et al. [5] are again unusual in expressing this as a 
7 versus Ree relationship rather than y versus x. 

Finally, mention should be made of attempts to derive tran­
sition information by "calibrating" prediction models against 
experimental heat transfer data (where boundary layer flow 
measurements are not also available). By adjusting the 
specified locations of the start and end of transition to achieve 
the best agreement with heat transfer coefficient distributions, 
Gaugler [26] has recently obtained several sets of values for 
Rete and Re te, but only for flat and convex surfaces. 

Experimental Arrangement 

Flow Rig. The closed-circuit water channel described in [12] 
(where the test section is referred to as "bend B") and [27] was 
used for the present work. The circuit was comprised of con­
trol valves, cone-and-float flowmeters, constant-speed pump, 
heat exchanger (to maintain constant water temperature), and 
a Perspex (plexiglass) assembly combining a settling chamber, 
contraction, and 90-deg-bend test section whose geometry is 
shown in Fig. 1 together with associated nomenclature. Earlier 
work with this rig [27] established that the strengths and span-
wise spacing of Gortler vortices are characteristic of the final 
wire gauze screen in the settling chamber. Use of the same 
final screen as in [12, 27] ensured that a known, repeatable 
vortex system was produced. The height b of the free surface 
was chosen as 3.5a to give optimum spanwise uniformity of 
the bend inlet flow; for the present range of conditions, the 
midspan flow was not noticeably affected by the end-wall 
secondary flow. 

Instrumentation. Local mean and rms fluctuating velocities 
were obtained by a single-channel laser-Doppler anemometer 
(LDA) operated in the forward-scatter fringe mode using a 5 
mW He-Ne laser. In the present work only the u (streamwise) 
component was measured, using the optical system described 
in [28] with the beams passing through the curved walls. 
Refraction corrections to the beam crossing angle and in­

tersection volume location are given in [29]. Transmitting and 
receiving optics were mounted on a three-directional travers­
ing mechanism. Around 80 fringes were viewed by the 
photomultiplier, in an intersection volume of typical dimen­
sions 1.5 x 0.2 mm, with a typical calibration factor of 0.50 
MHz per m/s. The effect of the spatial averaging, resulting 
from having the longer dimension of the intersection volume 
in the y direction, was examined [29] by comparing results 
with those from an alternative (and less easy to use) optical 
system in which the longer dimension was in the z direction. 
Significant differences occurred only in the region of the nar­
row troughs which develop in the u(z) distributions prior to 
transition [12]. Since most phenomena related to transition oc­
cur first in the regions of these troughs, it was considered im­
portant to localize measurements in the z direction; hence the 
alternative system was not used for the present work. Signal 
processing was by a Cambridge Consultants CC08 frequency 
tracking demodulator. Using where applicable, the uncertain­
ty analysis of [30] with 20:1 odds, the maximum systematic er­
rors in mean velocity u and rms velocity u were estimated as 
± 3 percent and ± 4 percent, respectively. Intermittency fac­
tor cannot be obtained from the discontinuous laser-Doppler 
signal. A Dantec (DISA) 55R15 boundary-layer fiber film 
probe was therefore used, having a 70-/xm-dia quartz-coated 
nickel film of active length 1.25 mm, heated by a DISA 56C 
constant-temperature anemometer (CTA) system. The probe, 
suitably waterproofed, was mounted on a traversing 
mechanism with micrometer movement in three directions. 
The film probe datum positions were set relative to the optical­
ly determined LDA datum by focusing the LDA beam in­
tersection on a suitable part of the film probe (while 
unheated). During operation at an overheat ratio of 1.3, 
precautions were taken to avoid accumulations of bubbles and 
minimize contamination of the film. 

Conditioned outputs from both the LDA and the CTA were 
digitized by a Tecmar AD211 12-bit fast analogue-to-digital 
converter and processed via specially written assembly 
language programs on an Apple 11+ microcomputer. A 
sampling rate of 4 kHz was used for the CTA signal since the 
highest fluctuation frequency encountered was below 500 Hz; 
the same rate was adequate to follow the fastest changes in the 
LDA frequency tracker analogue output. The available 
memory allowed a continuous sampling time of 4.25 s per 
batch of data. For the LDA data, comparison of the processed 
mean and rms velocities with those from the all-analogue in­
strumentation formerly used [12, 27] showed that ten suc­
cessive batches were sufficient at each measurement position. 
Eight batches were found to be adequate for the CTA data. 
The contribution to measured rms values of a zero-to-one 
change in the least significant bit was always negligible. 

While it was possible to process the film probe data for 
mean and rms velocity, this was not done because of problems 
with calibration drift. Evaluation of intermittency factor was 
independent of drift, and was carried out as follows. 

The CTA bridge voltage signal was first high-pass filtered 
via a Kemo VBF/8 filter (48 dB/octave attenuation) to 
remove the mean and low frequency components. A cutoff 
frequency of about ii/h was generally satisfactory for 
eliminating the effect of the large-scale unsteadiness in the 
Gortler vortex system and the horseshoe vortices which 
develop from it [12]. A gain of 100 and a 5V offset were next 
applied by a precision amplifier, to match the signal to the in­
put range and unipolar requirement of the A-to-D converter. 
Low-pass filtering at 700 Hz cutoff removed the noise before 
conversion. Intermittency factor was determined as the frac­
tion of all samples for which the digitized amplitude lay out­
side a preset window (centered on the digital representation of 
the offset voltage). Window width was chosen on the basis of 
observations of the recorded signals, using the computer to 
simulate a storage oscilloscope; a typical digitized signal is il-
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Fig. 4 Mean velocity profiles at Res0 = 12300 

lustrated in Fig. 2. The count of samples representing tur­
bulent spots included the "window crossings," by requiring a 
number of successive samples to be within the window before 
finally classifying such samples as laminar. The software to 
perform this operation was similar in principle to that de­
scribed in [31], and took around 3 s per data batch to calculate 
7; results from the eight batches were averaged. The conver­
sion and the software were first assessed with the aid of 
simulated signals produced by gating the outputs of two signal 
generators, one set to give a turbulentlike frequency and 
amplitude and the other to give a lower frequency and/or 
amplitude characteristic of an unsteady but laminar flow. 
Varying the amplitudes, frequencies, and the length and 
repetition rate of the "turbulent" portions of the simulated 
signal, the computed intermittency factor (in the range 0 to 1) 
was found to differ from the set value by not more than 0.01. 

Flow Conditions and Procedure. Flow rates will be 
characterized here by the length Reynolds number Re^ at the 
start of curvature. Transitional boundary layers were obtained 
on the concave wall for Re^ between 12000 and 28000 approx­
imately, with measured values of 8/r„ at the start of curvature 
from 0.04 to 0.06. Core flow turbulence intensities at this loca­
tion ranged from 3 percent at Re^ « 12000 to 1.5 percent at 
Re^ » 28000. Streamwise pressure distribution, dictated by 
the duct geometry, varied little with Re^ and is plotted in Fig. 
3 in terms of the potential wall velocity up„ (approximated 
from the LDA data by extrapolating to the wall the variation 
of u with y outside the boundary layer). 

LDA and hot-film measurements were made at stations ap­
proximately 15 deg apart along the curved wall, covering the 
full range of flow rates at each station. Data are reported for 
two spanwise positions, namely "upwash" where, before the 
vortex system becomes unsteady, the cross-stream flow is 
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Fig. 5 Streamwise variation of maximum rms velocity; solid symbols: 
upwash; open symbols: downwash 
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Fig. 6 Streamwise variation of maximum intermittency factor 

directed away from the concave wall and there is a trough in 
the u(z) distribution, and "downwash" where core fluid is 
swept toward the wall and there is a crest (or plateau) in u (z). 
These two z positions refer to the vortex pair nearest to 
midspan; their separation (the local semiwavelength, nearly 
constant with s) ranged from 9-10 mm at Re ,̂ = 12300 to 6-7 
mm at Re^ = 27800. 

Results 

AtRe^ = 12300, the mean velocity profiles plotted in Fig. 4 
show the full range of Gortler vortex development phenomena 
identified in earlier work [12, 27], with a severe inflection at 
the upwash position by </> = 27 deg. A large upwash-
downwash difference in broad-band rms fluctuating velocity u 
developed by </> = 15 deg but disappeared by 60 deg, as shown 
in Fig. 5; the value plotted is the maximum u found by travers­
ing normal to the wall. At downwash, the y position of the 
maximum in u was generally at the closest approach to the 
wall 0 = 2 mm for LDA), but at upwash it correlated well 
with the y position of the high-shear zone near the boundary 
layer edge. Because of the distortion in the mean velocity pro­
files and the subsequent unsteadiness, transition indicators 
based on change in shape factor or in velocity at a small, fixed 
distance from the wall are not applicable here. 

Hot-film data should be treated with some caution at this 
flow rate, where there may be some overlap between boundary 
layer turbulence frequencies and the frequencies associated 
with Gortler vortex breakdown [32]. The distributions of 7 are 
shown in Fig. 6, again representing the maximum values from 
a traverse across the boundary layer; as with u the maxima in 
7 occurred in the high-shear zone at the upwash position. It 
appears that transition is initiated at the upwash position only. 
This is consistent with the inflected u profile. In [12, 27] and 
elsewhere, it is shown that this stage of vortex development is 
associated with rapid narrowing of the troughs in the «(z) 

Journal of Turbomachinery APRIL 1987, Vol. 109/299 

Downloaded 01 Jun 2010 to 171.66.16.57. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



upwash 

0-2 0-4 0-6 
y/a 

Fig. 7 Intermittency factor profiles at Res0 = 17200 

0 8.-

y/a U = upwash 

• = downwash 
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distributions; with high shear in s-y and s-z planes, vortex 
breakdown follows. This process may be aided here by the 
preceding region of adverse pressure gradient. At 4> = 15 deg, 
the magnitude of the pressure gradient and the upwash profile 
shape near the wall suggest a possible laminar separation, but 
the measurements cannot confirm the existence of a shallow 
bubble. The decrease in y from 4> ~ 50 deg suggests that a tur­
bulent boundary layer cannot be sustained at this Reynolds 
number in the favorable pressure gradient. There is con­
siderable uncertainty in deriving the pressure gradient from 
the core flow velocities, owing to the interaction of the vor­
tices and the inviscid flow, but an estimate of the mean K for </> 
> 30 deg at this Re^ is ~ 5 x 10~6, exceeding the Launder 
relaminarization criterion [33] of 2.5 x 10"6 . 

A more advanced, but still incomplete, transition is evident 
at ReM = 17200. Profiles of u were similar to those at Re^ = 
12300 but progressed more rapidly through the phases of 
vortex amplification. One result of this was a greater max­
imum ii at the nominal downwash position, seen in Fig. 5, at­
tributed to the spanwise oscillation of the vortex system. A 
steeper rise in y occurred, to ~ 75 percent at upwash but only 
45 percent at downwash (Fig. 6). Profiles of intermittency are 
illustrated in Fig. 7, further demonstrating the spanwise varia­
tion. Where an outer-edge zone of very high shear exists in the 
upwash w profile, noticeable only at the 4> = 27 deg station for 
this Re^o, the peak in the y profile coincides with it. The zero 
values of y outside the boundary layer indicate that the core-
flow fluctuations are all at low frequencies, and in the curved 
section of the duct are probably associated partly with the 
unsteady motion of the vortex system. In the region of ac­
celerating flow, with K estimated as ~ 3 x 10 - 6 , the max­
imum y approached —50 percent for both spanwise positions 
as a spanwise difference developed in the maximum K (the 
maximum now occurring close to the wall at both positions). 

Completed transition is represented by the curves for Re^ 
= 27800 in Figs. 5 and 6. The u profiles in Fig. 8 show much 
less spanwise variation, as do the distributions of maximum « 
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Fig. 9 Effect of heat transfer on intermittency profile 

(Fig. 5). Although a slight lag in transition still occurs at the 
nominal downwash position, a rapid rise in maximum y to 
— 80 percent is seen in Fig. 6, with little attenuation in the 
favorable pressure gradient which now has a K value estimated 
as — 1 x 10~6. (With the present hardware/software for in­
termittency evaluation, any computed y of —80 percent or 
more represents a fully turbulent flow.) 

The foregoing results all refer to adiabatic flow. However, 
the effect of heat transfer has been studied briefly by installing 
a cooling jacket outside the outer wall of the curved and 
upstream straight sections of the duct. With a stirred ice-water 
mixture in the jacket and a slightly heated working fluid, a 
jacket-to-mainstream temperature ratio of 0.91 was obtained, 
unrepresentative of gas turbine conditions but with the heat 
flux in the correct direction. The y profiles in Fig. 9 show, 
first, that a reduced flow rate, to compensate for the reduced 
viscosity of the core fluid and maintain a constant Reynolds 
number Re^, yields an almost identical intermittency profile 
in adiabatic flow to that obtained with room-temperature core 
fluid. Second, the intermittency factor is lower with heat 
transfer than without, especially near the wall (where the 
cooler, more viscous fluid may play a part in delaying the 
spread of turbulence). Prior to the adaptation of the rig for a 
more extensive study of heat transfer effects, using a liquid 
crystal sheet plus heater element composite, a plain liquid 
crystal sheet was mounted inside the concave wall while the 
cooling jacket was in use. Preliminary observations have 
shown clear reductions in wall temperature in the upwash 
zones at flow rates where transition is slow and incomplete, as 
at Re^ = 12300, particularly in the adverse pressure gradient 
region from </> = 10 to 20 deg. 

Discussion 

In view of the highly three-dimensional nature of a 
boundary-layer flow in which Gortler vortex amplification has 
gone beyond the linear (small disturbance) stage [27, 32], it is 
not certain that Re9 or even Ge are appropriate parameters for 
a transition criterion. Nevertheless, it is of interest to note 
their measured values in the present experiments and compare 
with existing transition criteria. The inaccuracy in estimating 6 
from the small number of data points in the thin boundary 
layers at downwash positions must be borne in mind, as must 
the fact that the distorted velocity profiles will not be 
predicted by any two-dimensional boundary layer model. 

At the stream wise position where Fig. 6 suggests that the 
measured maximum y first becomes nonzero, interpolated 
values of Ree at upwash were —250 for Re^, = 12300 and 
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-270 for Re^ = 17200. Core flow fluctuation intensities at 
these positions were about 2.0 and 1.3 percent, respectively. 
Perhaps fortuitously, these compare well with the predictions 
of Rete in [16], for flat surfaces with similar average tur­
bulence levels (prior to transition) and maximum adverse 
pressure gradient. However, in view of the contribution of 
global vortex unsteadiness to the local fluctuation intensities, 
it might be more relevant to compare with flat-surface results 
at a lower turbulence level; predicted Reto could then easily ex­
ceed the present measurements. Corresponding up wash values 
of G„ were around 22, some three times those represented by 
equation (2). (There remains the problem of reconciling 
definitions of transition onset based on different measurement 
techniques.) At Re^ = 17200, it appears that the downwash 
values of 7 do not initially lag far behind those at upwash, 
with downwash Re„ well below 200; this may be attributed to 
the effect of adjacent upwash zones when spanwise meander­
ing of the vortices occurs. For Re^ = 27800, 7 was already 25 
percent at Re9 « 110-150 and G9 ~ 4-7; predicted Rete under 
similar conditions on a flat surface is around 300 [16], and G0s 

from equation (2) is about 7.5. However, it seems unlikely that 
Gortler vortices have much effect at this flow rate, considering 
the early transition location (0—15 deg) and the comparative 
lack of distortion in the u profiles. 

Transition length Reynolds numbers ReJ(T=75%)-Re5(T=25%) 
are between 8500 and 9500 for all the cases depicted in Fig. 6, 
compared with 21,000-28,000 given by the Dhawan and 
Narasimha [23] relationship. Where a trend with transition 
onset Reynolds number can be detected, it is in the opposite 
sense to that of [23]. There are insufficient data to compare 
the shapes of the 7 versus 5 curves with the proposed exponen­
tial relationships. 

Finally, it should be emphasized that the present results 
refer to a region of the span affected by one particular vortex 
pair, originating from a screen-generated disturbance which 
will be different in strength and character from those in a gas 
turbine (where the disturbance source might be the blade 
stagnation region, or the combustors). If those initial distur­
bances which are in the appropriate wavelength range to be 
amplified by concave curvature are not of uniform strength, 
then vortex pairs at differing stages of amplification can coex­
ist at the same stream wise station, as measured in [27]. Hence, 
if flow conditions are such that Gortler instability promotes 
transition at some upwash zones, the boundary layer may re­
main laminar for some distance at other upwash zones. With 
an unknown distribution of small disturbances in the oncom­
ing flow, it would be impossible to predict where, across the 
span, vortex breakdown might first occur. Stability theories 
suggest a vortex pair spacing of a few millimeters only under 
gas turbine conditions, so that upwash-downwash differences 
can almost certainly be handled within a two-dimensional 
boundary layer prediction by a suitable spanwise-averaged 
transition model; however, the validity of such a procedure is 
less certain in connection with larger-scale nonuniformity in 
vortex amplification. 

Conclusions 

Under the combined influence of concave surface cur­
vature, moderate turbulence level, and varying pressure gra­
dient, a Gortler vortex system has been found to cause signifi­
cant spanwise differences in the streamwise variation of fluc­
tuation intensity and intermittency factor. At Reynolds 
numbers low enough to allow considerable nonlinear vortex 
amplification prior to transition, the intermittency 
measurements showed transition to begin sooner and progress 
faster at an upwash location; measured values of Re9 at transi­
tion onset in the upwash location were of similar magnitude to 
accepted flat-surface values, but upwash values of G9 greatly 
exceeded the range of Forest's correlation. At higher Reynolds 

numbers where transition began soon after the start of cur­
vature, without large distortion in mean velocity profile, little 
spanwise variation occurred in fluctuation intensity or 
intermittency. 

A velocity gradient factor K greater than the Launder 
relaminarization value appeared to prevent the completion of 
transition. This, and the adverse pressure gradient at the 
beginning of curvature, have complicated interpretation of the 
results; further experiments are necessary with independent 
control over pressure gradient. 

A very limited test with heat transfer indicated that wall 
cooling delayed the progress of transition. 
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Experimental Investigation of 
Boundary Layer Separation With 
Heated Thin-Film Sensors 
The heated thin-film method was adapted to meet the requirements of investigations 
on boundary layer behavior in a turbine rig. Special multisensor probes of vaporized 
nickel on a polyimide foil were developed and applied to the vanes. Basic ex­
periments with an airfoil in a free stream were carried out and a reliable interpreta­
tion of the thin-film results was found by comparison with pressure distribution, 
flow visualization, and laser measurements. It can be shown that this measuring 
device is a suitable method for the investigation of separation bubbles and boundary 
layer transition. 

Introduction 
In developing a low-pressure turbine with a design point at 

low Reynolds numbers, it was considered to be of importance 
to have available a method of measuring the boundary layer to 
ascertain whether it is laminar, turbulent, separated, or at­
tached. For this purpose special multielement thin-film sen­
sors were developed and used in a full turbine rig test. 

Preliminary trials were carried out for testing the sensors 
and gaining sufficient experience to permit proper interpreta­
tion of the signals. For these trials, an airfoil section fitted 
with thin-film sensors, but also provided with pressure taps, 
was mounted in a free stream. 

This paper describes an investigation carried out in the 
development of this technique. 

Experimental Setup 

The thin-film sensors used consist of a nickel film vapor-
deposited onto a polyimide foil as shown in Fig. 1. This foil is 
glued to the airfoil and turbine blades. These thin films are 
suitable for temperatures up to 250°C. 

The thickness of the polyimide film is 0.1 mm, whereas the 
thickness of the nickel film is 0.3 fim at the actual sensor and 4 
nm at the following conducting paths. 

The foil was moved around the leading edge to the opposite 
side of the airfoil. Based on the present experiments, it may be 
assumed that the film, local heating of the surface at the sen­
sor, or the brazed joints do not affect the boundary layer 
enough to alter its behavior with regard to transition and 
separation. 

The airfoil in question had a NACA 0018 profile and chord 
length of 51 mm (see Fig. 2). The first sensor was positioned 
precisely at the leading edge, with the remaining sensors ar-

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters March 7, 1986. Paper No. 
86-GT-254. 

ranged at intervals of 2.5 mm. They were connected via coax­
ial cables approximately 20 m in length and a multiway rotary 
switch to a single-channel constant-temperature anemometer. 

The principle involved is based on the relationship between 
the rate of heat transfer of the heated sensor in the colder fluid 
and the wall shear stress in the form [1] 

P-'R 
——-=a-(pr y^'+b 

where / is the current, R is the resistance of the sensor, AT is 
the temperature difference in relation to the fluid, p is the air 
density, TW is the wall shear stress, and a and b are constants. 
Here, a is dependent on the geometry of the sensor and on the 
properties of the fluid; the constant b represents the heat of 
the sensor lost to the substrate. Normally, this heat flow into 
the airfoil or blade is appreciably greater than the amount of 
heat lost by the sensor directly to the fluid. Hence, in order to 
ascertain the real wall shear stress, a and b have to be deter­
mined by a complicated calibration procedure [1-4]. 

In the present investigation quantitative determination is 
not required; it is demonstrated that the boundary layer condi­
tion can be recognized by comparing the signals. 

The results of the thin-film measurements are evaluated 
separately according to d-c and a-c voltage. Here, the d-c 
voltage share E corresponds to the time-averaged heat 
transfer, whereas the a-c voltage shear e describes the fluc­
tuating part of the heat transfer. In this case, consideration is 
given only to that part which is dissipated to the fluid by con­
vection. The subscript 0 describes the proportion dissipated 
without flow. Effects stemming from small manufacturing in­
accuracies with the sensors can be suppressed by normalizing 
with E0. The changing of the thin-film signals along the sur­
face is compared with the pressure distribution. 

In another series of tests, the velocity and turbulence 
distribution in the immediate vicinity of the airfoil surface 
were measured using a laser dual-focus anemometer. The 
smallest distance within the detective capability of the laser 
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Fig. 3 Pressure distribution on the pressure side of the airfoil, IX = - 12
deg

The pressure distribution at the surface of the airfoil in the
direction of flow is shown in Fig. 3. As far as 25 percent of the
airfoil chord - starting from the leading edge - the boundary
layer is accelerated, after which gradual deceleration sets in.

The course of the relevant thin-film measurement signals is
shown in Fig. 4. Up to 25 percent chord the mean signal E - Eo
increases, and the fluctuating part decreases somewhat.

This development is consistent with an accelerated bound­
ary layer in which the velocity gradient, and consequently the
time-averaged heat transfer, increases at the wall. The bound­
ary layer apparently reacts to the relatively weak deceleration
by a rapid decrease of the velocity gradient at the wall, as in­
dicated by the marked decrease in the time-averaged heat
transfer.

Immediately downstream of the leading edge, the fluc­
tuating part of the signal first decreases slightly. The first sen­
sors still detect the turbulence in the flow, which then becomes
quenched in the developing laminar boundary layer. The
flucutation increases in the decelerated section of the bound­
ary layer, but only insignificantly. There is no sign of a transi­
tion or even separation of the boundary layer.

A boundary layer calculation, based on the measured
pressure distribution, showed that the boundary layer changes
from laminar to turbulent at 58 percent chord. The point at
which this occurs is shown in Fig. 4. This prediction is not con­
firmed by the measurements. There are no results in this test
downstream of 70 percent chord.

Figure 5 shows signals from individual sensors in the time
domain. In accordance with expectations, there is no great dif­
ference between the signals of the first and last sensors. The
representation is intended rather to serve as a comparison with
the findings for the suction side.

Test Results

Pressure Side. Initially, the airfoil was set to give an in­
cidence angle of - 12 deg, Le. with the thin film and pressure
taps at the pressure side.

Fig. 2 ThIn-111m Instrumented airfoil

was 0.3 mm; the greatest distance at which measurements were
made was 2 mm from the surface.

The airfoil was mounted in a free stream, 100 mm behind
the nozzle outlet. The nozzle was of circular configuration
with a diameter of 100 mm. Different flow fields around the
airfoil were generated by varying the incidence; the Reynolds
number was altered in the range 85,000::5Re::5230,000 by
varying the airflow velocity, causing the Mach number to vary
between 0.09 and 0.27.

The degree of turbulence in the free stream was about 2 per­
cent at all velocities. Oil was injected into the free stream for
visualization of the flow at the surface of the airfoil under dif­
ferent operating conditions.

This paper highlights some of the results obtained in this in­
vestigation, and gives an interpretation of the thin-film
signals.

---- Nomenclature

a constant
b constant
c chord length

Cp pressure coefficient
= (P-p",)/q",

e rms thin-film signal (bridge
voltage output)

E = time-averaged thin-film signal
I = current through sensor

p = local static pressure

q = dynamic head
reI c = relative chord

Re = Reynolds number = U",clv
R = resistance of thin-film sensor

flT = temperature difference be­
tween thin-film heated ele­
ment and local ambient

Tu turbulence intensity
u' velocity fluctuation
u velocity in the shear layer
U = main flow velocity

y = distance normal to the wall
ex incidence angle
v - kinematic viscosity
p fluid density
T shear stress

Subscripts

o = at zero flow conditions
00 = free-stream conditions
w wall
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Suction Side With Flow Separation and Reattach­
ment. The results of a test in which the thin film was at the 
suction side are represented in Figs. 6 and 7. The pressure 
distribution (Fig. 6) reveals a strong acceleration up to 10 per­
cent chord, after which strong deceleration sets in. The boun­
dary layer separates at approximately 26 percent of the airfoil 
chord, becoming reattached at around 43 percent. Flow 
visualization clearly reveals a separation bubble, whose con­
fines are also plotted in Fig. 6. 

The thin-film signals from this test are plotted in Fig. 7. 
Similar to the pressure side measurements, there again occurs 
an increase in the time-averaged heat transfer, as expressed by 
E—E0, in the region of accelerated flow. The heat transfer 
deteriorates in the separation bubble, but is not as low as at 
the stagnation point. In the region in which the boundary layer 
becomes reattached to the surface, the heat transfer reaches its 
maximum, immediately falling off again. Interestingly, the 
fluctuating content has a clear maximum immediately in front 
of the reattachment point. The investigations generally 
demonstrated that this maximum is typical of boundary layer 
transition, but not of reattachment. The maximum also occurs 
with separations, where transition of the boundary layer oc-

Fig. 6 Pressure distribution on the suction side of the airfoil at a = 8 
deg 

0 0.5 rel C 1.0 

Fig. 7 Thin-film signals from the suction side of the airfoil at a = 8 deg 

curs without reattachment. But it must be said that it is much 
less pronounced in such cases. In marginal cases it is therefore 
not possible to recognize definitely from the thin-film signals 
alone whether the boundary layer remains separated or 
becomes reattached. 

These conclusions are in line with Hodson [5] whose results 
show that the level of fluctuations within the transitional 
boundary layer is greater than in fully turbulent ones and with 
Bellhouse and Schultz [2] whose results show a pronounced 
maximum of mean heat transfer after separation only in reat­
tached boundary layers (see also [1]). 

Figure 8 shows how the signals change along the airfoil sur­
face. Whereas there is hardly any difference between the 
signals of the first sensors and those at the pressure side; from 
sensor 7 on, there is an increase in the fluctuations, initially in 
the low frequency range, followed by a marked increase in the 
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Fig. 8 Unsteady thin-film signals of suction side at <* = 8 deg, 
Re = 190,000 

amplitude of the high frequency content as well. Sensors 9 and 
10 exhibit the highest deflections, where the deflections of sen­
sor 9 clearly always occur from a lower to a higher rate of heat 
transfer; whereas the situation is reversed with sensor 10. This 
leads to the assumption that the fluctuation is at its greatest 
between sensors 9 and 10. The behavior of the e signals as 
shown in Fig. 7 agrees with this statement. However, it can be 
seen the maximum of the mean heat transfer lies at sensor 11. 

The finding signifies that the point between sensors 9 and 10 
is that which is nearest to the boundary layer transition point, 
and accordingly is where the excessive turbulence makes itself 
most felt. However, reattachment does not occur until passing 
sensor 11. 

It is surprising that the signal of the sensors lying 
donwstream of the transition point, i.e., which are in the tur­
bulent boundary layer region (such as No. 14), do not differ 
appreciably with regard to their fluctuations from those in the 
region of laminar flow (sensor 4). 

I No. of; 

2 

V 

•^Kv, 

10 

12 

13 

14 

16 

' " ^ ^ 

M V ^ V 

n, 

*V_u_ 

0 10 kHz 

Fig. 9 Thin-film signals in the frequency domain, suction side, « = 8 
deg, Re = 190,000 
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the boundary layer; a = 8 deg, Re = 150,000 

In Fig. 4, the value of the fluctuation e of sensor 14 is indeed 
greater than that of sensor 4 (these are mean values formed 
over a long period, whereas only a brief period is represented 
in Fig. 8), but in comparison with the intervening clearly ex­
pressed maximum of e in Fig. 7, it may be said that the fluc­
tuations are of the same magnitude. The signals are 
represented in the frequency range up to 10 kHz in Fig. 9. The 
first sensors, e.g., No. 2 and 4, exhibit very slight fluctuations. 
At sensor 7 the low-frequency share has clearly increased in 
the frequency range up to 1 kHz. With sensors 9 and 10 the 
marked increase is exhibited throughout the whole range. 

Under similar conditions and with an incidence angle of 8 
deg and a Reynolds number of 150,000, measurements were 
made with the laser dual-focus anemometer. But, for reasons 
of time, measurements were not made at all locations. The 
velocity and turbulence profiles normal to the surface are 
shown in Fig. 10, identifying the position of the sensor. For 
sake of comparison, in addition to the turbulence intensity Tu 
measured in the flow, a degree of fluctuation (e/E) has been 
formed from the thin-film measurement. 

Measurement at the level of sensors 8 and 9 at a distance of 
0.3 mm from the wall was not possible, because no definite 
direction of flow could be identified here. All results shown 
already stemmed from the decelerated part of the boundary 
layer. With sensor 6 the increase in the fluctuation has already 
started at the wall, whereas the turbulence at about 1.6 percent 
at just 0.3 mm from the wall is very low. From sensor 7 the in­
creasing turbulence spreads slowly from the wall also 
transverse to the direction of flow. A turbulence intensity of 
12.7 percent at a distance of 0.3 mm from the wall was 
measured at sensor 15. 

A rapid increase in the fluctuation e/E, which is always 
higher than the turbulence in the flow, as far as sensor 9 can be 
read from the fluctuation in the thin-film measurements. The 
picture reverses at sensor 10; while the fluctuation at the wall 
decreases again, the turbulence in the flow at a distance of 0.3 
mm has already reached 12 percent. This is interpreted to be 
the place at which, or in whose immediate vicinity, transition 
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Fig. 11 Pressure distribution on the suction side of the airfoil at in­
cidence a = 15 deg at different Reynolds numbers 

occurs. Subsequently, the boundary layer turbulence again 
decreases somewhat, only to rise again as it progresses. 

According to these results, the separation bubble must start 
somewhere around sensor 7; it is at least 0.3 mm thick at sen­
sors 8 and 9 (but not thicker than 0.5 mm), and it disappears 
again at around sensor 10. This agrees with the other results. 

The circumstance that very low fluctuations were measured 
with the thin film downsteam of the separation bubble, 
where the boundary layer is turbulent, can be interpreted with 
the air of the laser measurements at the boundary layer. It 
appears that the turbulence in the boundary layer certainly in-
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typical of the signal behavior for separation and reattachment
also applies qualitatively to complete separation. Thus it is not
possible to recognize reattachment through simple, un­
mistakable characteristics.

This comparison of results, however, enables the other
characteristics distinguishing separation to be established.
Four main differences can be found:

• In the range of separation, especially downstream of a
relative chord of 30 percent, a remarkable scatter of all results
occurs.

• The time-averaged heat transfer increases ~ as ex-

Fig. 15 Thln·fIIm Instrumented vane (suction side) of a turbine rig

-"- ·10
Eo

Separation
bubble

Fig. 14 Thin·fiIm signals from the suction side at a=15 deg,
Re= 150,0000.3 1-------"".........-------'-''-'-1

---~-----.---.

0.2 1---.........-0---+------

Fig. 12 Flow visualization on the airfoil with separation on the suction
side; «= 15 deg, Re=85.000

0.4 ,..-----------r--------,

creases in the direction of flow, but at the same time a viscous
sublayer has already formed, which strongly quenches the tur­
bulence so that it is hardly discernible at the wall itself.

Suction Side With Total Laminar Separation. The results
of a test with total flow separation are shown in Figs. 11-14.
The incidence of the airfoil was 15 deg. Figure 11 shows a
comparison of two pressure distributions for this incidence
angle for Reynolds numbers Re = 85,000 and 150,000. While
the pressure distribution at the higher Reynolds number shows
behavior typical of a boundary layer with a separation bubble
and reattachment, the course of the results at Re = 85,000 in­
dicates a boundary layer with total separation, i.e., without
reattachment. This interpretation has been confirmed by the
flow visualization (see Fig. 12), which shows the total separa­
tion. The thin-film signals of the two tests are given in Figs. 13
and 14.

The comparison shows that what was previously taken to be

Fig. 13 Thin·fiIm signals from the suction side at a = 15 deg.
Re=85,OOO
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pected-with the Reynolds number (flow velocity); however 
the increase at the second maximum, which is supposed to be 
the point of reattachment, is more than proportional. 

• The fluctuation has its maximum at the level of the point 
of reattachment. At the lower Reynolds number there is 
another maximum of fluctuation upstream of the separation 
bubble. This second maximum is not yet fully understood. 

• The fluctuation is lower in the case of the higher Reynolds 
number (reattached flow). This decrease appears very clearly 
in the range of 40 to 80 percent chord. 

From the test results shown above and from similar tests, it 
can be concluded that these differences can be considered to 
be typical characteristics of total boundary layer separation. 
However these effects are not sufficiently clear to determine 
precisely in every situation if the boundary layer is fully 
separated or reattached. 

For the sake of completeness, it should be mentioned that 
there are transition conditions between the two Reynolds 
numbers illustrated, where none of the three methods used 
was capable of determining with certainty whether the bound­
ary layer had reattached. A great deal more experimental ex­
perience is called for here. 

Application of Thin-Film Measurement in Rig Test 

The thin-film measuring technique was applied several times 
in a turbine rig test. The sensors were glued on the vanes in a 
section in the middle of the annulus, as well as in one section 
each close to the hub and casing (see Fig. 15). With this tech­
nique rig tests could be performed successfully which provided 
information about boundary layer development on the vanes. 
These test results will be presented by Hourmouziadis et al. 
[6]. 

Conclusions 

Thin-film sensors have been developed which are suitable 
for rig tests. Preliminary trials were performed with an airfoil 
in a free stream to test whether this technique is a reliable 
method of determining the boundary layer condition. 

The experiments were carried out essentially for boundary 
layer transition in connection with a separation bubble. For 
boundary layer transition without separation (natural transi­
tion) or total flow separation, an insufficient number of tests 
were performed. Therefore the presented test results do not 
cover these cases. 

The thin-film signals should be evaluated separately accord­
ing to time-averaged heat transfer and fluctuating part, 
because only the information provided in both cases will com­
plete the picture of the boundary layer. There is not much 
sense in using just a single probe or only a few probes on a 
vane or an airfoil. An interpretation of the results is possible 
only if information is available about the development of the 
signals between leading edge and trailing edge. 

The thin-film technique has proved itself to be an indicative 
method with clearly interpretable signals for the majority of 
experimental conditions. Limitation must solely be made for 
the range in which the flow is recognizable neither as com­
pletely separated nor as clearly attached. In this instance it is 
impossible to determine the boundary layer condition unam­
biguously either from thin-film measurements or from the 
pressure distribution. Nor can the flow picture from the 
visualization be regarded as reliable in this case, since distur­
bance by paint particles is certainly influential here. 

Great test experience is required to arrive at a clear and 
reliable interpretation of the thin-film signals for every bound­
ary layer condition. 
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J. W. Polkowski.2 The authors are to be complimented on a 
very interesting paper. The experimental results presented are 
very useful, contributing to a better understanding of the heat 
transfer mechanism in a boundary layer. It seems, however, 
that equation (6), which is an extension of the formula 

St = 0.0295 Pr-°-4Re-°-2 (1) 
is not a convenient choice for a reference expression for the 
Stanton number to be further improved and generalized. For­
mula (1) was derived directly from the classic Reynolds 
analogy solution which reads: 

St=1/2Pr-1C, 
• / 

(2) 

(strictly speaking, the Reynolds analogy holds for Pr= 1) and 
it is valid for T= const in the streamwise direction and for 
p = const. Based on the 1/7 power law for the velocity profile, 
wall shear stress and the thickness of the boundary layer can 
be written as 

0.0225p[^Re6-°-2S 

0.379xRe-°-2 
(3) 

(4) 

-[ u(U„-u)dy-. 
• J o 

where equation (4) is valid for Um = const; it has been derived 
from the expression 

dx JO p 
which itself was obtained from the more general von Karman 
integral relation for a boundary layer assuming dU/dx=0. 
Using equations (3) and (4), equation (2) can be expressed as 

St = 0.0297 Pr-'Rej0-2 (5) 
Equation (5) is valid for T(x) = const, Rex<107, p = const, 
[/= const. 

Only the first two conditions have been satisfied in the ex­
periments described in the paper. 

Authors' Closure 

The authors appreciate Dr. Polkowski's interest and his 
overall very positive judgment about their work on transi­
tional boundary layers under the influence of various free-
stream parameters representative for gas turbine flow. 

With respect to his comments on the correlation the authors 
presented for highly accelerating flows, it seems that there is 
some misunderstanding. The basic concept of equation (6) in­
deed refers to the heat transfer correlation for zero pressure 

By K. Rued and S. Wittig, published in the July 1986 issue of the JOURNAL OF 
TURBOMACHINERY, Vol. 108, No. 1, pp. 116-123. 

2Gas Turbine Division (TCT), Brown Boveri & Co., Baden, Switzerland. 

gradient flow, which can be derived analytically in the way he 
described. Equation (6), however, includes as a modification 
an additional term for taking the influence of velocity gra­
dients into account. This term consequently should compen­
sate for the fact that in accelerating flows the assumption of 
constant free-stream velocity correlations is no longer 
fulfilled. 

The correlation (equation (6)) is almost identical to that sug­
gested by Kays (1966). The formulation of the additional term 
for considering pressure gradient effects follows purely em­
pirical evidence as pointed out by Kays. The authors chose this 
correlation for testing and improving its applicability on flows 
with high free-stream acceleration and turbulence intensities 
because it provided the easiest and most obvious access for 
modifications. The results of these investigations are sum­
marized in the paper and the authors believe they are quite 
positive. 

In general, the authors' intention in using the correlation 
was simply to provide an easy and convenient tool for pre­
dicting turbulent heat transfer coefficients with reasonable ac­
curacy. The extensive data obtained in our experimental 
studies provided the opportunity for working additionally on 
this subject. Furthermore, the author observed that it does not 
make sense to apply the original zero pressure gradient cor­
relations on flows with high free-stream acceleration. This is 
also shown in the paper (see Fig. 14, comparison between 
measurement and correlation curve for Fk = 0). 

Certainly the authors are aware of the fact that the ap­
plicability of the correlations is restricted to flow situations for 
which they are experimentally supported. Nevertheless, it 
should be pointed out that, depending on the individual case, 
the correlations might be helpful for initial design 
considerations. 
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McGraw-

Stator Endwall Leading-Edge Sweep and Hub Shroud 
Influence on Compressor Performance1 

A. J. Wennerstrom.2 I am gratified to see that the 
authors' low-speed results have confirmed some of the suspi­
cions we had at the Aero Propulsion Laboratory in the early 
and mid-1970s concerning some of the effects of sweep. At 
that time we introduced stator leading-edge sweep in two 
designs to alleviate shock losses and the experimental results 
suggested that the sweep had a beneficial effect on the sec-

'By D. L. Tweedt, T. H. Okiishi, and M. D. Hathaway, published in the Oc­
tober 1986 issue of the JOURNAL OF TURBOMACHINERY, Vol. 108, No. 2, pp. 
224-232. 

2Aero Propulsion Laboratory, Wright-Patterson AFB, OH. 
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